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FROM THE EDITORS

The present issue of JTAM (Vol. 63, No. 3) is entirely devoted to the 40th Danubia-Adria
Symposium on Advances in Experimental Mechanics, held on 24–27 September 2024 in Gdańsk,
Poland. The Danubia-Adria Symposium (DAS) was established in 1984 as an initiative of the
Danubia-Adria Society. Danubia-Adria Symposia bring together internationally recognized ex-
perts and young researchers in an effort to exchange ideas on different topics within the field
of experimental mechanics. The conferences also serve as a platform for establishing connec-
tions between different research teams and for the development of future scientific collaboration.
Apart from the basic problems usually studied within a framework of experimental mechanics,
the symposia have covered experimental, theoretical and numerical aspects of the mechanical
behaviour of solids at various loading conditions, with special emphasis on the dynamic loading
conditions. Lack of knowledge about the behaviour and performance of structures/components
against hazardous dynamic loads of human or natural origin may result in catastrophic conse-
quences for human life and structural systems. The experience and knowledge from extensive
research, experimental testing and advanced computational techniques can provide feasible so-
lutions to diminish these catastrophic effects.
DAS 2024 was organized by the Danubia-Adria Society, the Institute of Fundamental Tech-

nological Research of the Polish Academy of Sciences, and the Gdańsk University of Technology.
The meeting was focused on experimental and measuring techniques for a thorough study of the
mechanical properties of different materials, engineering structures and systems which are nec-
essary to create the physical bases and provide verification of analytical or numerical methods in
engineering design. DAS 2024 attracted more than 120 participants from 21 countries and con-
siderably contributed to the development of experimental mechanics and international scientific
collaboration in this field.
This post-conference issue contains 24 articles reflecting research that was presented at the

40th DAS, 2024, in the form of plenary lectures and keynote speeches, as well as poster presen-
tations, later developed to full-size articles. All of them have been reviewed within the standard
editorial procedure of JTAM. The topics being presented here indicate problems in mechanics
and related disciplines that attract the attention of scientists and are important for technological
innovations and their applications in modern industry. We would like to thank all the authors of
the articles in this issue for submitting their post-conference papers and thus contributing to the
publishing output of JTAM. The organizers are grateful to the Ministry of Science and Higher
Education of Poland for its financial support of the 40th DAS, aimed at increasing the scientific
quality, impact and international reputation, and a broader participation in DAS 2024 of young
scientists.

Guest Editors

Zbigniew Kowalewski
Chairman of the 40th DAS

Mateusz Kopeć
Scientific Secretary of the 40th DAS

http://jtam.pl
http://jtam.pl
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DURABILITY TESTS FOR THE AUTOMOTIVE INDUSTRY

Tadeusz SZYMCZAK1∗ , Zbigniew L. KOWALEWSKI2, Adam BRODECKI2

1 Vehicle Type-Approval & Testing Department, Motor Transport Institute, Warsaw, Poland
2Department of Experimental Mechanics, Institute of Fundamental Technological Research, Polish Academy of Sciences,

Warsaw, Poland
∗corresponding author, tadeusz.szymczak@its.waw.pl

This study focuses on component durability testing methods and their application in the auto-
motive industry. These types of tests can be used to assess various objects with simple and complex
geometries and a range of dimensions, manufactured using certain structural materials, including
6005 T6 aluminium alloy and S700MC high-strength steel. The test results characterise the compo-
nent response at 2× 106 loading cycles, and the crack trajectories are analysed after a high number
of cycles. The influence of the welding process on the tensile mechanical parameters of the aluminium
alloy and steel is also discussed, and fatigue behaviour of S700MC and its weld is illustrated.

Keywords: durability test; fatigue; cracks; fracture; coupling; vehicles.

Articles in JTAM are published under Creative Commons Attribution 4.0 International.
Unported License https://creativecommons.org/licenses/by/4.0/deed.en.
By submitting an article for publication, the authors consent to the grant of the said license.

1. Introduction

Durability tests have been used to examine the fatigue resistance of different components
(Berger et al., 2010; Creager et al., 2015; Szymczak et al., 2022a; 2022b). Generally, they are
employed in two branches of industry: aviation (Berger et al., 2010; Creager et al., 2015) and
automotive (Szymczak et al., 2022a; 2022b), where many working elements operate under cyclic
loading. From an engineering perspective, this indicates that inspections should be performed
to capture crack occurrence, as cracks can lead to element’s failure.
Different types of testing stands can be used to examine durability. One type uses two-level

platforms for mounting the tested objects and for subsequent examinations (Servotest Systems;
SSTM, 2019). Depending on their complexity, they enable different types of loading applica-
tions such as cyclic and dynamic torsion, dynamic axial loading, and thermal cycles (Servotest
Systems). More complex multi-element devices enable biaxial loading (i.e., horizontal and per-
pendicular) (MTS). Testing stands can be used in conjunction with environmental chambers
which control the temperature range from −40 ◦C to 120 ◦C and provide special conditions with
the application of water, salt and mud. Multiaxial systems are recommended for examining the
mechanical resistances of components of different shapes and dimensions (MTS). Multi-servo
actuators and closed-loop feedback enable effective testing of vehicles (Instron; Wielton Group).
Research groups have focused on different aspects of durability tests, such as stochastic

changes in selected physical quantities during road testing by a target dynamic system compris-
ing a potentiometer, an accelerometer, and a strain gauge, and their analyses (Jung et al., 2003).

The publication has been funded by the Polish Ministry of Science and Higher Education under the Excellent
Science II programme “Support for scientific conferences”.
The content of this article was presented during the 40th Danubia-Adria Symposium on Advances in Experimental
Mechanics, Gdańsk, Poland, September 24–27, 2024.
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This type of data is also analysed using the acceleration time signal and frequency response frac-
tion to calculate the displacement and shock response functions (Halfpenny, 2006). A Weibull
analysis was also performed for stochastic cycles (Król & Gasiak, 2018).
In another study, the authors used the stress-strain relationship to determine the limits of

the cyclic force (Gowda et al., 2015). If the tests are performed at different operational times,
then comparisons can be made (Stembalski et al., 2024).
Typical fatigue tests are directly used in the automotive industry to determine the mechanical

resistance of components used for vehicle coupling, such as balls and drawbar beams, as shown
in Fig. 1. The coupling components can be used at a constant high level (Fig. 1) or three levels
using screws, as shown in Fig. 2. In these cases, the component can operate at permissible
loading values determined in the durability testing. Operational loading at values within the
defined limit does not cause any deformation or cracks owing to coupling.

Fig. 1. Car transporter having a JEGGER regular platform with a coupling function
using the A50-X ball, made of steel and aluminium alloy.

Fig. 2. Car transporter having an MP Group irregular platform with a multi-levelled coupling function
using the A50-X ball, made of steel and aluminium alloy.

This kind of test is not trivial but a complex one, because of the weight and dimensions of
the tested object, as the values of these physical parameters are often between 200 kg–400 kg
and 3.5m× 2m, respectively. From the practical point of view, the mounting manner is very
important and should be done according to the operation process. This requires a conception
and a lot of time to connect the tested object with a platform. Therefore, in the case of towing
frames, this kind of component was examined in a reversed position where the platform followed
the vehicle mass, while in the case of platforms (6m× 2m), it was tested as a complete one with
a wheel axis and suspension at an operational orientation. Those approaches can be indicated as
the requirements for examining huge components. Moreover, an inspection of the tested object
and physical parameters used in the tests should be done every day, while the tests require
2 weeks in continuous mode, i.e., day and night. Another significant feature of the experiment is
connected with type approval, because positive results enable applying to the approval authority
(TDT – transport technical supervision, Poland) for issuing a certificate of approval. This kind
of final result enables the mounting of a component in a vehicle and it can be called “made
in Poland” for sale in the EU and other countries of the World. Moreover, the experiment
with a component such as a platform for a vehicle for transport vehicles, towing frames to
recovery vehicles and coupling adapters can be conducted in a technical service approved by
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the TDT. Sometimes, the stand test should be supported by static and fatigue experiments
if a joining technology is selected for qualification concerning its quality or modelling. Taking
this information into consideration, the paper’s aim was proposed: a multistage mechanical
approach to testing components and their joints enables determining their technical quality
and type approval. Therefore, the paper collects a lot of details of experiments on components,
specimens of parent materials and their weld covering aluminium alloy and modern high-strength
steel.

2. Details of experiments

This kind of experiment requires dedicated research equipment such as a digital controller
(Instron Structural Testing for example), software (RSview used in stand tests), computer, mo-
bile servo-actuator (Saginomiya ±30 kN at angular position of piston rod applied for examining)
and a huge T-slot platform with a seismic mass (the laboratory section component of the Depart-
ment of Type-Approval and Testing of Motor Transport Institute). The digital controller should
be used to achieve the required technical level for durability tests. Such a device enables the
collection of different signal types such as displacement, force, rotation angle, and torque. It is
typically equipped with several measurement cards to acquire the digital and analogue signals.
A computer with special software for tuning, testing, and data collection supports durability
testing.
The main parameters of the durability tests, such as amplitude and frequency, can be es-

tablished basing on specific requirements. For example, UN Regulation No. 55 (UN/ECE, 2010)
was used in the tests on mechanical coupling devices. Information about the direction of the
force vector (an angle for the actuator) is also provided in the regulation, as shown in Fig. 3.
Additionally, it indicates the basic regime of the mounting components used for the examination.
No deviations from the procedure were allowed because durability tests play a crucial role in
component qualification concerning its quality, approval, application, and final sale.

Fig. 3. Towing frame (for recovery vehicles on highways and expressways) on a stand testing platform:
(a) a general view; (b) a mechanical connection of the servo-actuator and frame through a spherical grip

and A50-X coupling ball.

This approach was supported by mechanical tests on specimens that assessed the base metal
and its weld. It is important to determine the following fundamental mechanical parameters:
Young’s modulus, elastic limit, yield stress, and ultimate tensile strength. These can be used
to determine the welding quality, quality of the welding technology, and model the component
behaviour under cyclic loading. Therefore, these tests were performed for the 6005 T6 aluminium
alloy and its weld. The specimens (Figs. 4 and 5) were cut from an aluminium alloy plate (Fig. 4)
using electrical discharge machining (EDM).
All the tests were performed at room temperature using an 8874 Instron servo-hydraulic

testing machine and a 2610 Instron extensometer, as shown in Fig. 5. Considering the aim of
the test, represented by the automotive component approval, faces and roots of welds were not
removed. This enabled the collection of data on the joint and comparison with the base material.
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Fig. 4. Aluminium alloy plate after specimens manufacturing for examination
of mechanical resistance of the weld.

Fig. 5. Aluminium alloy specimen in 8874 Instron servo-hydraulic testing machine:
(a) a base material; (b) with a weld.

3. Results

The results of the durability tests were strongly dependent on the type of signal used to
control the test stand. If a signal force is applied, the changes in displacement values can be
collected. They should be analysed at various stages of cyclic loading, including the last stage,
as shown in Fig. 6. Even small differences in the responses of a tested object can be effectively
demonstrated by applying this procedure. This is particularly evident in the changes in the
minimum values of the captured signal.

Fig. 6. Displacement captured during the durability test of a towing frame for a heavy recovery vehicle
(test carried out at amplitude of ±18.6 kN and frequency of f = 6Hz).

The same type of loading signal is used for other mechanical coupling devices such as adapters
for SUVs in the USA trade market. Although construction of the components is not complex,
a crack occurred in this case. This is visible in the region close to the weld as an effect of the
joining technology (Fig. 7).
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Fig. 7. Cracks in the adapter to SUV from USA market for a coupling after 1.7× 106 loading cycles under
amplitude of ±12.33 kN and frequency f = 5Hz.

This type of results, due to cyclic loading, is visible in the aluminium alloy; however, in this
case, hairline cracks were the dominant type of damage, as shown in Fig. 8a. In steel, cracks are
typically more visible and easier to detect. These reflect the low quality of the joint and its
unfavourable influence on the base material of the vehicle frame, as shown in Fig. 8b.

Fig. 8. Cracks in the platform with a coupling function after 2.24× 106 loading cycles under amplitude
of ±10.3 kN and frequency f = 4Hz for: (a) aluminium alloy; (b) steel.

Notably, visual observations, macrophotographic techniques, and dye-penetrant methods en-
able identification of cracks. The defect inspection method depends on the applied engineering
materials. Thus, in the case of typical steel grades (Figs. 7 and 8), observation or micropho-
tography techniques are very suitable, whereas in the case of aluminium alloy or high-strength
grades, these methods are not sufficient because of the occurrence of hairline cracks.
Therefore, if a component is made of an aluminium alloy or a high-strength steel, a macro-

photography technique (Fig. 9) at negative and positive loading values, as well as a dye-penetrant
technique, are recommended.

Fig. 9. Hair cracks in a component made of high-strength steel (S700MC) using dye-penetrant technique
after 2× 106 cycles.
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The second stage of the durability test is determining the causes of cracks. To achieve this
goal, tensile tests of welding joints are helpful because the recommended basic mechanical pa-
rameters of the object are selected by comparing the tensile characteristics of the base material
and its weld, as shown in Fig. 4. Differences in the tensile characteristics of the base metal and
welded material can be significant, reaching 120MPa, as shown in Fig. 10. This also indicates
that the fatigue resistance of the joint was lower than that of the alloy. Therefore, this region
should be inspected during durability tests and considered for the mechanical parameters for
the failure effect analysis approaches. This can also be selected as a feature for the qualification
of the welding technology; however, the joining method should be improved.

Fig. 10. Tensile characteristics of 6005 T6 aluminium alloy and its weld: E – Young’s modulus, PL –
proportional limit, EL – elastic limit, YS – yield stress, UTS – ultimate tensile strength, RL – relative

elongation.

Differences between the welded and base materials were observed in the fracture zones. The
alloy exhibited brittle failure (Fig. 10), whereas the joint exhibited ductile failure (Fig. 11).
Moreover, in the case of the weld, a range of heat-affected zones was clearly observed.

Fig. 11. 6005 T6 aluminium alloy after tensile test.

If the welding technology is suitable for the structural material, then the mechanical param-
eters of the joint can reach higher values than those of the base metal, as shown in Fig. 12.
This can be observed in the fracture regions because, in contrast to the weld in the case of the
parent material, a shear stress component occurs, as shown in Fig. 14. This is due to the higher

Fig. 12. 6005 T6 aluminium alloy specimen with weld after tensile test.
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elongation value of the steel, as illustrated in Fig. 13. This causes the mechanical resistance of
the weld to be better than that of steel under static and fatigue loading.

Fig. 13. Tensile characteristic of the S700MC and its weld.

Fig. 14. Flat specimens after the tensile test: (a) S700MC; (b) the welded steel.

Nevertheless, as confirmed by the fatigue test (Fig. 15), the joint behaviour under cyclic load-
ing was worse than that of the base metal. The difference between the fatigue limit values of the
material sections was 290MPa. This indicates that the weld is more sensitive to cyclic loading
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Fig. 15. Wöhler curve of the S700MC and its weld.

than the steel. This conclusion can also be drawn from the proportion of the fatigue limit values
and the ultimate tensile strengths, which were 0.66 and 0.36 for the base metal and weld, respec-
tively.

4. Summary

To determine the quality of a given object, durability testing requires the following conditions
to be met:
a) an assembly should reflect the operating conditions of the object;
b) tests should be carried out for at least 2× 106 cycles;
c) the inspection should cover all types of connections;
d) test results must indicate the causes of cracks or deformations;
e) welding technology should be qualified based on tensile and fatigue tests.

Taking into account a component type, its following regions require attention:
a) coupling zone and arms and their welds to a towing frame of a recovery vehicle;
b) a region for welding a coupling hole plate and bar for a coupling adapter to SUVs from
the USA market;

c) a weld joining between an overrun section platform’s frame and its subframe to auto-
transporter.
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This study examines the tribological characteristics of different die materials for hot aluminium
forming processes using an autonomous testing system. Four die materials – P20, CR7V, UH1, and
RPU – were tested against AA6111 aluminium alloy blanks at elevated temperatures of 300 ◦C
and 350 ◦C, with lubricant applied to the blank surface prior to each sliding cycle. The investiga-
tion incorporates both single-cycle friction behaviour and multi-cycle analysis to simulate industrial
forming conditions, using an advanced robotic testing system for consistent and repeatable mea-
surements. A comprehensive analysis of the coefficient of friction evolution during continuous sliding
and across multiple cycles was conducted to understand the tribological behaviour under various
temperature conditions. The study aims to establish quantitative relationships between die materi-
als, temperature, and friction characteristics for hot forming applications, providing reference data
for industrial die material selection.

Keywords: robotic arm; aluminium hot stamping; tribological analysis.

Articles in JTAM are published under Creative Commons Attribution 4.0 International.
Unported License https://creativecommons.org/licenses/by/4.0/deed.en.
By submitting an article for publication, the authors consent to the grant of the said license.

1. Introduction

The hot stamping of aluminium alloys has become increasingly important in the automotive
industry due to its ability to form complex components while achieving high strength (Anya-
sodor & Koroschetz, 2017). The process offers significant advantages including weight reduction
and enhanced mechanical properties (Atxaga et al., 2022), making it particularly attractive for
manufacturing lightweight vehicle components in automotive and aerospace industries.
The examination of tool-workpiece interfacial interactions in these processes is crucial as

it directly influences material flow behaviour and surface quality of the formed components
(Pujante et al., 2015). These interactions become particularly complex at elevated temperatures,
affecting both the forming process stability and final part quality (Venema et al., 2018).
Various tribological testing methods have been developed and investigated to understand

tool-workpiece interactions under different conditions. For general wear and friction studies,
pin-on-disc and ball-on-disc tests have been widely employed due to their ability to maintain con-
sistent contact conditions and continuous measurement capability (Ghiotti et al., 2011; Hardell
& Prakash, 2008). For sheet metal forming applications, researchers have developed more spe-
cialised testing methods. Strip drawing tests simulate the blank holder and die radius regions

The publication has been funded by the Polish Ministry of Science and Higher Education under the Excellent
Science II programme “Support for scientific conferences”.
The content of this article was presented during the 40th Danubia-Adria Symposium on Advances in Experimental
Mechanics, Gdańsk, Poland, September 24–27, 2024.
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(Decrozant-Triquenaux et al., 2021; Schwingenschlögl & Merklein, 2020), while twist compres-
sion tests evaluate friction under high contact pressures (Kim et al., 2008).
However, these conventional testing methods predominantly focus on lab-scale constant con-

tact conditions, which cannot adequately represent industrial hot stamping processes. In actual
forming operations, the interfacial conditions undergo complex evolution due to varying tem-
perature distributions, changing contact pressures, and diverse sliding velocities (Pereira et al.,
2010). Die materials experience repeated contact with fresh workpiece surfaces at elevated tem-
peratures. These interactions occur at temperatures typically ranging from 300 ◦C to 500 ◦C
(Ma et al., 2021), leading to dynamic changes in friction characteristics and potential wear
mechanisms. Furthermore, the cyclic nature of mass production introduces additional complex-
ities that are not captured in standard tribological tests, such as cumulative thermal effects and
progressive changes in surface conditions.
To address these limitations, Yang et al. (2021; 2022) developed the TriboMate system, an

advanced friction testing apparatus capable of evaluating various tool-workpiece combinations
under hot forming conditions. Building upon this platform, our study incorporates enhanced
control measures and data processing techniques to enable a comprehensive multi-cycle analysis,
better representing industrial forming conditions.
This study employs this autonomous testing system to evaluate four different die materials –

P20, CR7V, UH1, and RPU – against AA6111 aluminium alloy blanks at elevated temperatures
of 300 ◦C and 350 ◦C. The investigation encompasses both single-cycle friction measurements
for detailed friction evolution during continuous sliding and multi-cycle analysis to examine
tribological stability under repeated contact conditions. Through this systematic approach, we
aim to establish quantitative relationships between die materials and workpiece interactions
under conditions representative of industrial hot forming processes.

2. Methodology

An autonomous tribological testing system TriboMate (Yang et al., 2021; 2022) (as shown in
Fig. 1) was developed to evaluate die materials under conditions representative of hot aluminium
forming processes. The system centres on a UR10 robotic manipulator integrated with a custom-
designed pin holder for precise control of the die material samples. A real-time data exchange
(RTDE) interface enables a synchronous recording of force and position data throughout testing.

Fig. 1. Schematic diagram of the experimental setup (Yang et al., 2021; 2022).

The test specimens comprised pins made from four die materials: P20, CR7V, UH1, and RPU,
all without heat treatment. These materials were tested against AA6111 aluminium alloy blanks
in T4 condition. Testing was conducted at two elevated temperatures: 300 ◦C and 350 ◦C, chosen
to represent typical hot forming conditions. A direct contact heating system was used to heat
the aluminium blanks. To compensate for heat losses and maintain stable blank temperatures of
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300 ◦C and 350 ◦C, the heating system was set to 330 ◦C and 385 ◦C, respectively. Temperature
was monitored using K-type thermocouples attached to the blank surface, and preliminary test-
ing verified uniform temperature distribution across the blank. A pneumatic spraying system
applied lubricant to the blank surface immediately prior to the sliding, with volumes of 35 g/m2

at 300 ◦C and 55 g/m2 at 350 ◦C to maintain consistent lubrication conditions.
The testing sequence began with heating the aluminium blank to the target temperature.

Once the desired temperature was reached, lubricant was applied to the blank surface. The spher-
ical die material pin then engaged with the blank under a constant normal load of 6N, sliding
at a speed of 30mm/s over a distance of 75mm. This sliding action represents a single cycle of
contact between die and workpiece material (Yang et al., 2024a; 2024b).
To simulate industrial stamping operations where tools repeatedly contact fresh blank sur-

faces, each test comprised 18 consecutive cycles on different tracks (as shown in Fig. 2). The
robotic system maintained a 2mm spacing between adjacent tracks to prevent overlap. This test-
ing strategy reflects the actual working conditions of die materials in mass production, where
tools contact new blank surfaces while experiencing cumulative wear effects. The system main-
tained consistent testing parameters throughout all the cycles, including temperature, contact
load, and sliding speed.

Fig. 2. Schematic of tribological test setup showing sliding and feeding directions.

Data processing occurred in two stages. During testing, the system collected real-time mea-
surements of normal and friction forces along with position data. These measurements enabled
the calculation of the instantaneous coefficient of friction values throughout each sliding cycle.
The second stage involved the statistical analysis of the collected data to examine both detailed
friction evolution within individual cycles and broader trends across multiple cycles.
For a single-cycle analysis, the system tracked the coefficient of friction evolution throughout

the entire 75mm sliding distance, capturing initial contact behaviour, running-in characteristics,
and steady-state friction conditions. A multi-cycle analysis examined the evolution of average
friction coefficients across all 18 cycles, measuring the tribological behaviour under repeated
contact with fresh blank surfaces.
The testing system incorporated several control measures to ensure measurement reliabil-

ity. Temperature monitoring maintained consistent heating conditions throughout testing. The
pneumatic spraying system provided uniform lubricant coverage across all the tests. Position sen-
sors in the robotic manipulator ensured precise control of sliding speed and distance, while the
external force sensor attached on the end effector maintained consistent normal load application.

3. Results and discussion

3.1. Effect of a die material on the coefficient of friction evolution at 300 ◦C

The coefficient of friction (CoF) measurements at 300 ◦C revealed distinct characteristics
for each die material in both single-cycle and multi-cycle analyses. The initial temperature
significantly influenced the tribological interaction patterns between the die materials and the
aluminium blank.
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In the single-cycle sliding tests, P20 recorded the highest average CoF values with notable
fluctuations. High-amplitude oscillations persisted throughout most of the sliding distance, indi-
cating continuous variations in the tribological interface. After 60mm of sliding, P20 exhibited
a decreasing trend in CoF, suggesting potential changes in contact conditions during extended
sliding. CR7V demonstrated a characteristic U-shaped CoF evolution pattern, with an initial
decrease in friction followed by a gradual increase in the latter portion of sliding. In contrast,
both UH1 and RPU maintained relatively steady CoF values throughout the sliding distance,
with RPU recording the lowest average values. This stability in friction behaviour suggests more
consistent tribological interactions at the interface (Fig. 3).

Fig. 3. Comparison of the coefficient of friction evolution on different die materials at 300 ◦C.

The multi-cycle analysis at 300 ◦C provided insights into the evolution of tribological char-
acteristics across repeated sliding events. Throughout the 18 test cycles, all the materials main-
tained CoF values below 0.5, indicating stable tribological conditions. P20 consistently recorded
the highest CoF values, ranging from 0.165 to 0.285 across all the cycles, with notable cycle-to-
cycle variations. CR7V showed a distinctive behaviour pattern, exhibiting a gradual increase in
average CoF until the sixth cycle, with values ranging from 0.104 to 0.217, after which the values
stabilised. RPU maintained the lowest and most consistent CoF range (0.081–0.180) throughout
the cycles, though its standard deviation increased with a cycle number. For all the materials, the
progressive increase in standard deviation with a cycle number suggests growing variability in
tribological interactions over repeated sliding events (Fig. 4).

Fig. 4. Comparison of average CoF evolution for a multi-cycle analysis on different die materials at 300 ◦C,
with SD envelopes.
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3.2. Effect of a die material on the coefficient of friction evolution at 350 ◦C

At the elevated temperature of 350 ◦C, the friction characteristics demonstrated marked
differences from the lower temperature tests, revealing temperature-dependent changes in the
tribological behaviour of all the die materials.
In a single-cycle analysis, a distinctive feature emerged: all the materials exhibited a pro-

nounced running-in stage within the first 3mm of sliding. This stage was characterized by
high initial CoF values followed by rapid stabilisation, a phenomenon not observed at 300 ◦C.
P20 recorded the highest CoF values during this initial running-in stage. After the running-
in period, all four die materials showed similar CoF values, fluctuating within a narrow range
between 0.15 and 0.2, with CR7V maintaining its characteristic U-shaped evolution pattern
(Fig. 5).

Fig. 5. Comparison of the coefficient of friction evolution on different die materials at 350 ◦C.

The multi-cycle behaviour at 350 ◦C revealed distinctive patterns in friction evolution. All
the materials exhibited a gradual increase in average CoF across the successive cycles, accom-
panied by progressively increasing standard deviations. During the initial and middle stages
(cycles 1–14), the materials showed similar CoF ranges, varying from 0.18 ±0.02 to 0.3 ±0.01, in-
dicating more uniform tribological behaviour at elevated temperatures. The later stages
(cycles 15–18) revealed differentiation in material behaviour, with CR7V and RPU recording
notably lower average CoFs, reaching values of 0.273 and 0.312, respectively, at cycle 18. This
divergence in late-cycle behaviour suggests the emergence of material-specific tribological mech-
anisms at extended sliding durations (Fig. 6).

Fig. 6. Comparison of average CoF evolution for a multi-cycle analysis on different die materials at 350 ◦C,
with SD envelopes.
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3.3. Effect of lubricant volume on the coefficient of friction evolution at 350 ◦C

Due to the elevated temperature of 350 ◦C, a higher lubricant volume was required to com-
pensate for potential evaporation and maintain optimal lubrication performance. To investigate
this effect, the UH1 die material was selected for further evaluation, as it exhibited relatively
stable tribological behaviour in the previous tests.
Figure 7 presents the single-cycle CoF evolution for UH1 at 350 ◦C under three different

lubricant volumes: 35 g/m2, 55 g/m2, and 70 g/m2. At the lower volume of 35 g/m2, which was
used for the tests at 300 ◦C, the CoF values were higher, indicating inadequate lubrication at
the elevated temperature.

Fig. 7. Comparison of the coefficient of friction evolution on a different lubricant volume at 350 ◦C.

When the lubricant volume was increased to 55 g/m2, a significant reduction in CoF was
observed, demonstrating the beneficial effect of enhanced lubrication at higher temperatures.
The volume of 55 g/m2 was considered saturated, as a further increase in the lubricant volume
to 70 g/m2 did not lead to a further decrease in CoF. In fact, the CoF values for the 70 g/m2

condition were slightly higher than those for 55 g/m2, potentially due to excess lubricant affecting
the tribological interactions.

4. Conclusions

In this study, tribological characteristics of various die materials for hot aluminium form-
ing were investigated using an autonomous testing system. The comprehensive evaluation en-
compassed both single-cycle friction evolution and a multi-cycle stability analysis at elevated
temperatures of 300 ◦C and 350 ◦C. The autonomous system enabled consistent measurement
conditions throughout testing, incorporating real-time data acquisition and advanced processing
routines. A systematic comparison between P20, CR7V, UH1, and RPU die materials revealed
distinct temperature-dependent friction behaviours and long-term stability characteristics. The
following conclusions can be drawn from this investigation:
– at 300 ◦C, die materials exhibited distinct friction patterns, with P20 recording the highest
CoF values (0.165–0.285) and RPU showing the lowest range (0.081–0.180) across 18 cycles.
The CoF values increased initially before stabilizing in the middle and late cycles, while
standard deviation showed a progressive increase with a cycle number;
– temperature elevation to 350 ◦C introduced a pronounced running-in stage within the first
3mm of sliding for all the materials. After this stage, the materials showed uniform friction
behaviour with CoF values between 0.15–0.2. A multi-cycle analysis revealed similar CoF
ranges (0.18 ±0.02 to 0.3 ±0.01) during the early cycles, with CR7V and RPU recording
lower values of 0.273 and 0.312, respectively, in the final cycles;
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– the transition from 300 ◦C to 350 ◦C demonstrated significant changes in friction charac-
teristics, most notably the emergence of the running-in stage and reduction in friction
coefficient differences between the materials. These temperature-dependent changes pro-
vide essential insights for die material selection in different temperature ranges;
– lubricant volume optimisation proved critical at elevated temperatures, as evidenced by
UH1’s reduced friction coefficients when increasing lubricant volume from 35 g/m2 to
55 g/m2 at 350 ◦C, while a further increase to 70 g/m2 showed no additional benefits.
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Composite materials have gained significant attention in various engineering applications due to
their ability to exhibit unique properties that can be tailored to meet specific design requirements.
Among these, auxetic materials stand out for their counterintuitive behavior of expanding in all
directions when stretched, as opposed to traditional materials which contract. This property makes
auxetic materials promising candidates for applications such as impact protection, energy absorp-
tion, and advanced engineering structures. In this paper we investigate the application of direct
search methods in determining new designs of auxetic composite materials.
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1. Introduction

Structural optimization is a significant area of focus in mechanical engineering and has been
continuously evolving over the years. It is commonly applied to reduce the material usage and
total deformation energy of structures while ensuring adequate strength and mechanical stiffness
(Li et al., 2020). Traditionally, structural optimization can be categorized into three main types:
1) dimensional optimization, which involves determining the optimal distribution of parameters
such as plate thickness or cross-sectional areas of truss bars; 2) shape optimization, aimed at
identifying the optimal geometry of a specified domain; and 3) topological optimization, which
stands apart from the other two as it allows the material to occupy any position within the
defined domain (Bendsøe & Sigmund, 2004).
Structural optimization nowadays encompasses a much broader range of topics, extending

beyond the previously mentioned classical approaches. Notable examples include, among others,
cellular microstructures (Pan et al., 2020; Ptochos & Labeas, 2012), deformable mechanisms (Zhu
et al., 2020), spinodal structures (Kumar et al., 2020), multiphysics problems (Yoon, 2021),
and composite materials (Casalotti et al., 2020; Gu et al., 2018a). Alongside the diversity of
applications, significant attention is also devoted to the mathematical methods used to solve
these problems. These methods can generally be grouped into three major categories: gradient-
based approaches (Ghiasi et al., 2009; 2010; Luu & Banh, 2023; Sandhu, 1971; Tavakoli, 2014),
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direct search algorithms (Coropet,chi et al., 2022; Sait et al., 2023; Vasile et al., 2022), and
artificial intelligence techniques (Gu et al., 2018b; Harish et al., 2020; Yu et al., 2019; Zhang
et al., 2019).
In mechanical engineering, the development of efficient methodologies for solving optimiza-

tion problems remains a continually evolving area of research. The intricate and dynamic nature
of structures needs advanced optimization techniques capable of exploring the entire solution
space and identifying designs that meet specific performance requirements. As computational
capabilities and methodologies progress, researchers have access to a variety of optimization
techniques, each offering unique advantages and limitations.
This article focuses on reviewing direct search methods for solving structural optimization

problems in the field of composite materials. We investigate the application of these methods
in determining new designs of auxetic materials. The methods are valued for their simplicity,
versatility, and applicability to a wide range of problems. Unlike gradient-based approaches,
direct search methods do not depend on explicit knowledge of the gradient of the objective
function. Instead, they explore the optimization space through a structured sequence of trial
points, making them particularly well suited to problems with non-differentiable, discontinuous,
or computationally intensive objective functions.
The purpose of this article is to compare and assess various direct search methods based on

their performance in solving structural optimization problems. For each method, its strengths,
weaknesses, and practical considerations are analyzed in the context of the problem being ad-
dressed. This analysis aims to highlight the specific advantages and trade-offs associated with
each method, providing valuable insights for their application in structural optimization tasks.

2. Problem definition

This study aims to evaluate the performance of various direct search methods in solving
structural optimization problems. To facilitate this evaluation, we define an optimization prob-
lem involving composite materials, which serves as a benchmark for testing the methods. As the
primary focus of the paper is to compare the performance of the methods rather than solving
a specific structural problem, the selected problem is largely theoretical but has also practical
application in the field of auxetic materials.
Composite materials, known for combining the properties of multiple constituents, introduce

a new dimension to structural design. The optimization of structures made from these mate-
rials highlights the inherent complexity of balancing material proportions and orientations to
achieve desired performance criteria. With their unique combination of strength, lightweight
properties, and durability, composite materials present a challenging and yet rewarding domain
for optimization methodologies.
We consider a 2D periodic structure consisting of two different materials for which the ma-

terial domains are defined by triangular pixels in a representative volume element (RVE) which
is shaped as a hexagon with 4 pixels on each side. Each pixel can be of hard or soft material.
Hexagonal cells are obtained by rotation of the base area, as shown in Fig. 1. In the base triangle

Fig. 1. Base area rotated 6 times with 60◦.
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area of the hexagon, there are 16 material domains. In our problem, we impose the condition
that half of the material domains must be soft and the other half hard.
The RVE can be repeated in a pattern so that it can form the periodic structure presented

in Fig. 2. Analyzing the figure, we can identify a rectangular area that contains two RVEs and
form the analysis domain that will be used in FEM simulations.

Fig. 2. Periodic structure and analysis domain.

The materials from which the analysis domain is built are represented with magenta and cyan
colors. For each material, Young’s modulus and Poisson’s coefficient are known. The materials
properties corresponding to each color are presented in Table 1.

Table 1. Materials description.

Material Hard Soft

Color

Young’s modulus 100000MPa 1000MPa

Poisson’s ratio 0.2 0.4

In order to simulate the analysis domain in a periodic structure, specific boundary conditions
must be applied for every load case to determine Poisson’s coefficient. According to (Sorohan
et al., 2018) for bidimensional analysis, one should use 3 load cases for determining the specific
material properties. These load cases are traction alongside the X-axis, traction alongside the
Y -axis and shear in theXY plane. The representation of the boundary conditions for the analysis
domain in the first load case is shown in Fig. 3, and the boundary conditions for all three load
cases are presented in Table 2. In Fig. 3, the nodes that have 0 displacement are represented
with blue arrows alongside the direction in which this constraint is imposed, and the nodes that
are coupled in terms of displacement are represented with green arrows alongside the direction
in which the coupling of the displacement is imposed.
The finite elements utilized can be quadrilaterals with either four or eight nodes. In a linear

elastic analysis, the stress distribution within each finite element may vary unless techniques such
as reduced integration for linear quadrilateral elements or stress averaging across the element
are applied. However, for practical purposes, constant stresses are often assumed for each finite
element to simplify the calculations.
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Fig. 3. Representation of load case 1.

Table 2. Periodic boundary conditions for the three load cases.

Load case Nodes ux uy Observation

1
Traction X

1 (X = 0) 0 Free Symmetry X

2 (X = a) ε01a Free –

3 (Y = 0) Free 0 Symmetry Y

4 (Y = b) Free Coupled –

2
Traction Y

1 (X = 0) 0 Free Symmetry X

2 (X = a) Coupled Free –

3 (Y = 0) Free 0 Symmetry Y

4 (Y = b) Free ε02b -

3
Shear XY

1 (X = 0) Free 0 Asymmetry X

2 (X = a) Free 0 –

3 (Y = 0) 0 Free Asymmetry Y

4 (Y = b) γ03b Free –

While performing the FEM simulations, we observed that all the solutions are isotropic. This
can be explained by the way the periodic model is constructed with the rotation of the base
triangle into forming a hexagonal RVE and the repeating of the RVE. In this case, we can use
only the first load case in order to determine all the mechanical properties of a configuration.
For the present problem, the parameter of interest is the effective Poisson’s coefficient which

can be obtained using the relation:

ν12eff = −εy
εx

= −

1
V

NE∑
i=1

Viεyi

1
V

NE∑
i=1

Viεxi

, (2.1)

where ν12eff – effective Poisson’s coefficient, ε̄y – average strain in the y-direction, ε̄x – average
strain in the x-direction, V – total volume of the analysis domain, NE – number of finite elements
in the domain, Vi – volume of element i, εyi – average strain in y-direction in element i, εxi –
average strain in x-direction in element i.
Validating the performance of an optimization algorithm requires knowledge of the optimal

solution. To identify the optimal solution, the brute force method is applied by evaluating all
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possible configurations. For the described problem with 16 material domains in the base area,
there are 12,870 possible solutions.The distribution of Poisson’s coefficient values for all solutions
is illustrated in Fig. 4 as a histogram. Notably, only 1.2% of the solutions exhibit a negative
Poisson’s coefficient.

Fig. 4. Histogram of Poisson’s coefficient for all solutions.

In evaluating our optimization algorithm, we choose the first three values as optimal solutions,
representing almost 0.1% of all solutions. The periodic model of the chosen best solutions and
the value for Poisson’s coefficient are presented in Fig. 5.

Fig. 5. Optimal solutions for 16 material domains base triangle:
(a) 1st best, ν = −0.174072; (b) 2nd best, ν = −0.155901; (c) 3rd best, ν = −0.142588.

3. Direct search methods

Analytical methods are renowned for their rapid convergence rates. However, direct search
methods offer a significant advantage by not requiring gradient information for either the objec-
tive function or constraints. This characteristic is particularly beneficial in the field of topological
optimization, where computing the gradients of the objective function can be computationally
expensive or, in some cases, infeasible. Instead, direct search methods rely solely on the objective
function values from previous iterations to identify the optimal solution.
Enumeration, also known as brute force search, is a method that involves exploring and eval-

uating all possible combinations of the problem’s variables to identify the best solution. While
this approach guarantees finding the global optimum, it is often impractical or computationally
impossible due to the immense number of combinations that must be evaluated. Nevertheless,
the brute force method can be valuable for generating data sets in smaller-scale problems. For
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instance, in (Gu et al., 2018a), this method is employed to create a labeled dataset used to train
a neural network. Once trained, the neural network can efficiently identify optimal structures
within a larger search space, where the problem size makes the brute force approach infeasible.
The greedy algorithm iteratively evaluates a set of configurations, making incremental changes

toward the best configuration at each step, until no further improvements to the objective func-
tion are possible. However, a key limitation of the greedy algorithm is its inability to achieve
a better solution if it must pass through a suboptimal solution as an intermediate step. To ad-
dress this limitation, the algorithm requires a well-defined variable space and an appropriately
chosen iteration step. In (Coropet,chi et al., 2022), the greedy algorithm was applied to design
repetitive composite cellular microstructures aimed at maximizing stiffness in two orthogonal
directions. The flowchart of the greedy algorithm is presented in Fig. 6.

Fig. 6. Flowchart of the greedy algorithm.

As previously discussed, the greedy algorithm evaluates a set of configurations and iteratively
makes changes toward the best configuration until no further improvements to the objective
function can be achieved. For the described problem, the process begins with a random material
distribution. The algorithm evaluates all potential configurations derived from this initial setup
by swapping pairs of material domains with different materials. Specifically, in the case of the
base triangle, there are 16 material domains – eight of material #1 and eight of material #2. At
each iteration, the greedy algorithm examines 64 possible configurations resulting from exchang-
ing pairs of different materials. It selects the configuration with the best objective function and
repeats the process in the next step. The algorithm continues this process, selecting the best
modification at each iteration, and stops when no further improvements are found, returning
the best solution discovered.
The greedy algorithm offers notable advantages, including simplicity of implementation and

a relatively small number of objective function evaluations needed to reach an optimal solution.
At each iteration, it converges to a local optimum, which, in some cases, may coincide with
the global optimum. However, its primary drawback is its inability to guarantee the global
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optimum. This limitation arises from the possibility that achieving a better solution may require
simultaneous changes to multiple pairs of material domains – something the algorithm does not
account for.
According to Clerc (2006), particle swarm optimization (PSO) is a collective, iterative, and

decentralized optimization method that emphasizes cooperation among solutions. This partially
random algorithm operates without a selection operator. To identify the global optimum within
a solution space, the algorithm begins with a swarm of particles (potential solutions), which
share information such as their current positions and corresponding objective function values.
Inspired by the social behavior observed in bird flocks (Engelbrecht, 2007), the algorithm

models individual solutions, referred to as particles, “flying” through a multidimensional solution
space. The movement of each particle is influenced by socio-psychological factors, specifically the
tendency of individuals to compete and learn from the success of others. As a result, a particle’s
position updates are guided by its own experience as well as the knowledge and performance of
its neighboring particles. The flowchart of the PSO algorithm is shown in Fig. 7.

Fig. 7. Flowchart of the PSO algorithm.

This algorithm was proven to be efficient in many optimization problems, among which we
can mention Arjomandi et al. (2024), Perez and Behdinan (2007).

4. Results and discussions

The optimization algorithms – greedy and particle swarm optimization – were developed us-
ing Python, leveraging its simplicity and extensive library support for efficient implementation.
The integration of the PyAnsys package facilitated seamless interaction with Ansys for finite
element analysis, enabling the algorithms to utilize structural simulations for objective func-
tion evaluation. In Table 3 are highlighted key computation times for the brute force method
across various configurations. The data presented below was obtained using a computer with
the following specifications: Intel® Xeon® W-2104 CPU @ 3.20GHz, 32GB DDR5RAM, and
an NVIDIA Quadro P2000 4GB GDDR5 graphics card.
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Table 3. Estimated time necessary for evaluating all solutions in different configurations.

Material domains in base area Possible combinations Estimated time

16 12,870 64350 seconds ∼17.87 hours
36 9,075,135,300 1,522,325,936 seconds ∼2896.35 years

To assess the success rate – defined as the probability of an algorithm achieving the optimal
solution or, in this case, one of the top three optimal solutions outlined in Section 2 – each
algorithm was executed 100 times for the problem involving 16 material domains in the base area.
Additionally, to evaluate the performance of the algorithms, the number of objective function
evaluations required to reach the optimum was also recorded. The results are presented in Fig. 8.

Fig. 8. Final values of Poisson’s ratios obtained as depending on number of evaluations
– greedy and PSO.

If we analyze this chart, we can see that there is a big difference between how these two
optimization algorithms perform. We would like to have an optimization method that would
give us a very good objective function value for a small number of evaluations. In this figure,
we can see that the greedy algorithm always returns a final solution after a small number of
function evaluations but the value is not very good. At the same time, PSO delivers a very good
objective function value but with a higher number of evaluations. In this case, the user must
make a compromise and should choose which thing is more important: speed or performance.
Some summary statistics of these 100 runs are presented in Table 4.
After validating that the two algorithms can find the optimal solutions, we proceeded to the

next step in which we performed the optimization process on a problem featuring 36 material
domains instead of 16 in the base triangle. For this problem, we showed that it is impossible to
apply the brute force method, mainly because there are over 9 billion solutions. We performed 5
runs with each algorithm for this problem and compared the results. To make a direct comparison
between these two algorithms, it is necessary to present the evolution of the objective function
against the number of evaluations of the function because each algorithm evaluates a different
number of solutions at each iteration.
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Table 4. Summary statistics of the 100 runs performed on greedy and PSO.

Algorithm Greedy PSO

Reached 1st best 27 41

Reached 2nd best 9 26

Reached 3rd best 14 17

Success rate 50% 84%

Auxetic 90 100

Mean – objective function value −0.103819 −0.154334
Mean – number of evaluations 231.04 1470.90

Median – number of evaluations 192 1470

Standard deviation – number of evaluations 67.67 834.05

We can see in Fig. 9 that in the beginning PSO performs better than greedy but then
reaches a plateau indicating a blocking in a local minimum. For the greedy algorithm, we can
see a steady decrease in the objective function value until it reaches a dead end and for the long
run it performs better than PSO in 2 out of 5 runs. The periodic representations of the 3 best
obtained configurations are shown in Fig. 10.

Fig. 9. Objective function evolution vs. the number of evaluations needed for each algorithm
– greedy and PSO.

Fig. 10. Best configurations found for the 36 material domains base triangle – periodic model:
(a) 1st best – greedy, ν = −0.152223; (b) 2nd best – greedy, ν = −0.096786; (c) 3rd best – PSO,

ν = −0.074124.
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5. Conclusions

This study evaluates the performance of two optimization algorithms, greedy and PSO, in
solving structural optimization problems. The evaluation focuses on metrics such as conver-
gence speed, solution quality, computational efficiency, and robustness. The greedy algorithm
demonstrates impressive convergence speed, making it computationally efficient and capable of
finding good solutions with minimal cost. However, it has a notable limitation: its tendency
to become stuck in suboptimal solutions, as it cannot explore solution spaces requiring inter-
mediate steps through less favorable configurations. In contrast, PSO exhibits a higher success
rate, reaching 84% for the low-dimensional problem with 16 material domains. Both algorithms
successfully attain the global maximum for this problem, but the computational efforts required
by PSO are notably higher compared to greedy.
When scaling up to the more complex problem of 36 material domains, the differences be-

tween the two algorithms become more pronounced. PSO is more likely to encounter deadlocks
in local minima, reducing its effectiveness for larger problems, whereas greedy shows greater
resilience by consistently reaching a good solution. Although the solutions found by greedy may
not always be the global optimum, they are achieved at a lower computational cost, making
it a more practical choice for problems with constrained resources. On the other hand, PSO
demonstrates its strength by producing higher-quality solutions when computational cost is less
of a concern. Overall, the greedy algorithm is an effective choice for cost-efficient optimization,
while PSO excels in scenarios where solution quality is prioritized over computational efficiency.
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This study investigates the influence of geometry on stress distributions in equibiaxial test-
ing of rubber-like materials using hyperelastic models. Two geometries were examined, charac-
terized by parameters specifying configurations like corner angles and normalized radii. A finite
element approach was employed to simulate deformation under equibiaxial stretching, revealing
non-homogeneous stress states. Apparent stress ratios were derived to evaluate geometry-induced
deviations from purely equibiaxial stress-strain behavior. Results highlight the significance of geo-
metrical factors in stress distributions. The findings offer insights for optimizing specimen designs
for equibiaxial material characterization and improving the accuracy of extracted material pro-
perties.
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1. Introduction

The execution of equibiaxial material testing for rubber-like materials remains a challenging
task even today, whether involving symmetric or asymmetric biaxial measurements. Such tests
frequently utilize so-called cruciform test specimens, but the exact geometry of these specimens
remains a subject of debate. There is no consensus or standardized shape; thus, researchers
typically design their own specimen geometries for their experiments. To illustrate the wide
variety of specimen geometries reported in the literature, we highlight several characteristic
designs in the following paragraph.
Perhaps the simplest design is a basic cruciform shape with rectangular arms (Labus & Put-

tlitz, 2016; Avanzini & Battini, 2016). A more complex variation involves angling the arms at
a certain degree (Avanzini & Battini, 2016). However, the corners act as stress concentration
regions, and localized rounding can help reduce high stresses in these domains (Bertin et al.,
2015). A further refinement involves continuous rounding between the arms, reducing stress
concentration effects over a wider section (Jiang et al., 2022; Chen et al., 2013; Seibert et al.,
2014; Palacios, Pineda et al., 2017; Avanzini & Battini, 2016; Silberstein et al., 2011). Intro-
ducing a central cutout in the specimen allows larger and more visually apparent deformations
to be measured (Hartmann et al., 2018; Ranjan et al., 2023). Extending these cutouts toward
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the corners can create a more homogeneous stress field (Hartmann et al., 2018; Makinde et al.,
1992). If the goal is to ensure that tensile loading is dominant along the arms, notches can
be introduced to minimize deformation in the transverse direction (Avanzini & Battini, 2016;
Kuwabara et al., 1998). Another approach to reduce transverse deformation in the arms is to
incorporate larger incisions rather than small notches (Zhao et al., 2014). These can be com-
bined with a central cutout extending toward the incisions (Hartmann et al., 2018; Makinde
et al., 1992). To facilitate easier clamping, head sections can be added to the ends of the arms,
tapering toward their intersection (Putra et al., 2020). The tapering can also vary and need not
form parallel arm edges in the geometry, potentially featuring a continuously changing shape
that helps concentrate stresses in the central region (Palacios-Pineda et al., 2017; Lamkanfi
et al., 2015). A middle-way solution involves adding cutouts to a continuously rounded design,
focusing the effects more distinctly on the central region of the specimen (Morris et al., 2020).
An alternative method is to design the head sections with rounded edges instead of straight
sides (Vitucci, 2024). For testing scenarios with low force measurements, thinner arms can be
advantageous, as their stress distribution becomes less influential (Seibert et al., 2014). Simi-
lar specimen designs can also be used for failure mode investigations, such as specimens with
a central notch (Marano et al., 2010) or a central hole to concentrate forces and stresses toward
the corners (Oliveira et al., 2021; Hamdoun & Mahnken, 2024). It should also be noted that
asymmetric specimens can be used for testing purposes, not just symmetric ones (Chen et al.,
2023). The geometries found in the cited articles are illustrated in Fig. 1. For each specimen
under biaxial loading the center region, often called a Region of Interest (ROI), shows a cer-
tain stress distribution typical for the specimen in use that approximates the pure equibiaxial
stress-strain relationship (Chen et al., 2013; Seibert et al., 2014; Morris et al., 2020). It can
be concluded that the shapes of these specimens have a great impact on the exact stress fields
forming in the material due to the applied loads, thus it would be possible to characterize the
effects of the specimen geometries and use this information to grasp the equibiaxial behavior of
the experiments carried out.

Fig. 1. Illustration of different biaxial test specimen geometries.

As demonstrated, a wide variety of test specimens can be proposed, each tailored to the
experimental equipment available to the researcher and the specific properties to be measured.
However, it is not possible to identify a globally optimal specimen design that universally satisfies
all research needs. As a result, specially designed specimen geometries created to meet specific
experimental needs are still widely used.
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2. Description of the mechanical problem

In the present study, we investigate two distinct geometries of equibiaxial test specimens,
as illustrated in Fig. 2. For both types, the overall dimensions of the specimen form a square
with a side length of 3L, while the ROI is defined by a square with a side length of L located
at the center of the specimen. Both geometries are characterized by a single parameter. In the
case of the specimen depicted in Fig. 2a, the defining parameter is the angle α as marked in
the figure, whereas for the specimen shown in Fig. 2b, the characteristic geometrical parameter
is the dimensionless ratio β = R/L. By varying the parameters α and β, we can generate spec-
imens with different geometrical configurations. The thickness of all specimens is denoted as t.
Given that thin specimens are examined, the stress distribution is assumed to be constant along
the thickness direction, reducing the original three-dimensional problem to a two-dimensional
analysis. For both geometric configurations, we investigate 10 distinct cases, which are identified
using a specific coding scheme detailed in Table 1. This table also provides the characteris-
tic geometrical dimensions associated with each code. It is noteworthy that for the geometry
coded as B, the case β = 0 corresponds to case A00; therefore, it is not examined separately.
In total, we analyze 20 different specimen geometries (see Fig. 3), enabling us to obtain a com-
prehensive understanding of how geometry influences the stress distribution in both configura-
tions.

Fig. 2. The two examined geometrical configurations.

Table 1. Coding of the analyzed cases and their corresponding geometric parameters.

Case code α [◦] Case code β = R/L [1]

A00 0 B01 0.1

A05 5 B02 0.2

A10 10 B03 0.3

A15 15 B04 0.4

A20 20 B05 0.5

A25 25 B06 0.6

A30 30 B07 0.7

A35 35 B08 0.8

A40 40 B09 0.9

A45 45 B10 1.0

The specimens are subjected to identical elongations in the horizontal and vertical directions.
Due to the geometrical design, a non-homogeneous stress state develops within the specimens,
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Fig. 3. Illustration of the 20 different geometries analyzed.

and only a single material point (located at the center of the specimen) experiences a purely
equibiaxial stress state. Our objective is to determine how the geometrical configuration affects
the stress distributions and how the equibiaxial stress-strain relationship, characteristic of the
base material, can be extracted from the non-homogeneous stress state. To address these ques-
tions, finite element analyses are conducted. The finite element model is described in detail in
the following section.

3. Finite element models

Since the aim is to examine purely elastic material behavior, the mechanical behavior of the
test specimens is modeled using a hyperelastic material model. The theoretical framework of hy-
perelastic material modeling is extensively described in various textbooks and scientific articles
(Holzapfel, 2010). Due to space constraints, this paper does not provide a detailed presentation
of all equations; only the most essential relationships necessary for understanding the results are
presented. For isotropic material behavior, the strain energy potential can be expressed using
the principal stretches: U = U(λ1, λ2, λ3). The principal stretches are the eigenvalues of the left
stretch tensor (V) and the right stretch tensor (U), which can be determined via the polar de-
composition of the deformation gradient: F = RU = VR. In the case of compressible materials,
the Cauchy stress tensor is calculated as follows:

σ =
3∑

i=1

σini ⊗ ni =
3∑

i=1

λi
J

∂U

∂λi
ni ⊗ ni, (3.1)

where J = detF represents the volume ratio, and ni (i = 1, 2, 3) are unit vectors in the prin-
cipal directions of the current configuration. For incompressible materials (J = 1), the hydro-
static stress component cannot be determined from the displacement field. In this case, the
Cauchy stress tensor is expressed as

σ = dev

[
3∑

i=1

λi
∂U

∂λi
ni ⊗ ni

]
+ p, (3.2)

where p, the hydrostatic stress, is determined based on the boundary conditions of the specific
problem. In our computations, we employ the Ogden incompressible hyperelastic material model,
where the strain energy potential is defined as

U =

N∑
i=1

2µi
α2
i

(λαi
1 + λαi

2 + λαi
3 − 3) . (3.3)

Note that the U function presented here corresponds to the version used by Abaqus (Dassault
Systèms, 2022). The model’s analytical stress solutions for uniaxial, equibiaxial, and planar
loading conditions are given by the relations (Steinmann et al., 2012):
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Puniaxial (λ) =

N∑
i=1

2µi
αi

(
λαi−1 − λ−αi/2−1

)
,

Pequibiaxial (λ) =
N∑
i=1

2µi
αi

(
λαi−1 − λ−2αi−1

)
,

Pplanar (λ) =

N∑
i=1

2µi
αi

(
λαi−1 − λ−αi−1

)
.

(3.4)

For the analysis presented in this manuscript, a third-order Ogden model was fitted to the
Treloar data, which are among the most frequently cited experimental datasets in (Treloar,
1944; Steinmann et al., 2012). During the fitting process, only values of λ ≤ 5 were considered.
Parameter fitting was conducted using the Wolfram Mathematica built-in NMinimize function
to minimize the relative error. The fitted model parameters are as follows:

µ1 = 0.0309526MPa, µ2 = 0.352102MPa, µ3 = 0.00646444MPa,

α1 = 3.61341, α2 = 0.871956, α3 = −2.18698.
(3.5)

The comparison between the fitted model and the experimental data is presented in Fig. 4b. The
results show that the fitted model is accurate and closely follows the experimental data. The co-
efficient of determination (R2) for the fit is 0.999471. A Drucker stability analysis was conducted
for the fitted hyperelastic model using the Abaqus built-in module. The results indicate that
the hyperelastic model is stable across the entire range.

Fig. 4. (a) Illustration of homogeneous loading modes; (b) comparison of experimental data and the model
for each loading case.

The finite element simulations were performed using Abaqus software. The test specimens
were discretized using 8-node biquadratic plane stress quadrilateral elements (CPS8) with full
integration scheme. Note that for plane stress element types, hybrid elements are not required to
model incompressible material behavior. Prior to selecting the finite element meshes for analysis,
a detailed mesh-independence study was conducted. A global element size was chosen such that
the numerical results converged. Due to the symmetry of the geometries, only a quarter of each
specimen was modeled with appropriate symmetric boundary conditions. While it would be
possible to use an eighth model, for convenience, we opted for the quarter model, as it simplifies
the application of boundary conditions. For all geometries, L = 100mm was used with a global
element size of 1mm. To illustrate the finite element meshes, two cases are presented in Fig. 5.
The codes shown in the figure correspond to those in Table 1. For these example cases, the
number of elements and nodes are as follows: case A20: 16,616 elements and 50,511 nodes;
case B05: 14,756 elements and 44,871 nodes.
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Fig. 5. Finite element meshes applied to the quarter models:
(a) geometry with A20 code; (b) geometry with B05 code.

The prescribed load was applied as displacements at the grips in the horizontal and verti-
cal directions, based on the part of the specimen considered. Displacements perpendicular to
the prescribed displacement were constrained, simulating ideal clamping conditions. A displace-
ment value of u = 600mm was prescribed at the grips. At this magnitude, sufficiently large
deformations are expected for all geometries. The applied boundary conditions are illustrated
schematically in Fig. 6.

Fig. 6. Schematic illustration of the applied boundary conditions.

The problem was solved using the General Static procedure. The total load was applied in 500
equal increments, providing a sufficiently dense load distribution and reducing numerical errors.
During the simulations, reaction forces at the grips were recorded to compute apparent stress
values. Let F/2 denote the reaction force at the grips in the quarter model. For the investigated
loading and geometries, an apparent stretch and nominal stress can be defined as follows:

λ = 1 +
2u

3L
, P =

F

Lt
, (3.6)

where t is the thickness of the specimen. The resulting stretch and nominal stress values cor-
respond to non-purely biaxial stress states, incorporating the influence of geometry. Plotting
the nominal stress (P ) as a function of λ reveals deviations from the purely equibiaxial solu-
tion valid for the material model. To characterize these deviations, a dimensionless stress ratio
(or geometry factor) can be introduced:

η (λ) =
Pequibiaxial (λ)

P (λ)
. (3.7)

The resulting stress ratio (or geometry factor) reflects the influence of geometry on the stress
distribution. Knowing η, the purely equibiaxial stress solutions can be computed by multiplying
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the measured P values by η. The solutions for each geometry are presented in the following
section.

4. Results

First, we present the deformed configurations corresponding to each geometry at the end
of loading in Fig. 7. Notably, despite the significant differences in initial configurations, the
deformed shapes at the end of the applied large deformation appear very similar. More important
than examining the deformed shapes is the variation in reaction forces and the apparent nominal
stresses calculated from them. The engineering stress values computed for each specimen are
presented in Fig. 8, with different cases distinguished by various colors. The figure also includes
the stress solution derived under purely equibiaxial loading conditions, as per Eq. (3.4)2.

Fig. 7. Deformed configurations obtained for the analyzed geometries.

Fig. 8. Plots of the calculated stress values: (a) geometry with A coding; (b) geometry with B coding.

Using these stress solutions, we can compute the variation of the previously introduced η
stress ratio as a function of λ. The results are shown in Fig. 9. Analyzing the results reveals
that the geometry of the specimen has a significant impact on the value of the stress ratio.

Fig. 9. Plots of the η stress ratio: (a) geometry with A coding; (b) geometry with B coding.
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In all cases, the stress ratio depends on the stretch (λ) and consistently falls within the range
of 1.5 to 3. If necessary, analytical functions can be fitted to the numerical values of η, but this
aspect is beyond the scope of the present paper.

5. Conclusions

In this study, we present a comprehensive analysis of the influence of specimen geometry on
the non-homogeneous stress state that develops during biaxial testing of rubber-like materials.
Using finite element analysis, we examined a total of 20 configurations based on two characteristic
geometries, modeling the base material with a third-order Ogden hyperelastic material model.
Apparent stretch and nominal stress quantities were introduced, which can be directly calculated
from the crosshead displacement and the measured force. We defined the dimensionless stress
ratio, which is the ratio of the stress under purely equibiaxial loading of the base material to
the apparent stress, interpreting it as a geometry-specific geometry factor. The stress ratio was
calculated for all examined geometries. With the knowledge of the stress ratio, the mechanical
behavior of the base material under purely equibiaxial loading conditions can be estimated for
various geometries. The presented methodology is extendable to other geometries and materials.
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The article presents the results of the study of the elastic-plastic properties of bimetallic ti-
tanium/copper rods subjected to short-term thermal action in the temperature range of 600 ◦C–
900 ◦C. The study used the impulse vibration excitation technique and a quasi-static tensile test.
The final stage of the study was a microscopic SEM analysis of the interface. Macroscopic observa-
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1. Introduction

The answer to the current global energy crisis in the processing industry is a metal-layered
composite with multifunctional physical properties. Technological progress in the methods for
joining different metals has made their permanent connections with each other easy and possible.
This way, a new functional metallic material is obtained with important technical significance
and unique operational properties. Examples here are bimetallic Ti/Cu bars used as anodes and
cathodes in electrolysis processes (Bockris, 1981; Chawla & Gupta, 1993; O’Brien et al., 2007)
or as bus-bars in high-temperature electrolytic cells (Xu et al., 2007). They are made of a copper
core surrounded by a titanium layer. The advantage of this solution is the excellent electrical
conductivity of copper and the high corrosion resistance of titanium to the aggressive action of
many chemical compounds, especially those originating from acidic and chloride environments
(Sanjurjo et al., 1991). The inseparable layered composition of copper and titanium is also used
in cryogenic and heat exchanger devices for thermal partitions (Bateni et al., 2001; 2003) or in
medicine when producing bone implants where, in addition to titanium, a layer of copper is
introduced, providing antibacterial properties (Mahmoudi et al., 2022) and others.
Bimetallic Ti/Cu rods are often made by explosive welding (Paul et al., 2020) or extrusion

(Xu et al., 2007), which is thermally activated. The hydrostatic extrusion process of titanium-
copper alloy bimetal is described in (Matsushita et al., 1988), where the viscoplastic extrusion
technique was used. In addition, important information on Ti/Cu extrusion can be found in
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(Lee et al., 2007) and the co-extrusion process in (Xu et al., 2007). The method of extrusion of
rods intended for electrodes requires high loads and a correspondingly high temperature, which
can cause the formation of intermetallic compounds at the interface of metal layers and thus
reduce the bonding strength. During operation, the electrodes are exposed to thermal effects
caused by the electric current flowing through them.
The risk of increased temperature in structural elements and installations made of Ti/Cu

bimetal conducting high-density electrical current can cause an overheating effect, which results
in a decrease in strength properties and may lead to premature destruction. The tests aimed to
assess the effect of short-term exposure to a thermal medium in the temperature range of 600 ◦C–
900 ◦C on the elastic-plastic properties of Ti/Cu bimetal rods. The condition of the Ti/Cu joint
after annealing and the surface of the scrap samples after the tensile test were also evaluated.
Research activities related to Ti/Cu bimetals should provide an answer to the question of how
to reduce energy consumption, lower production costs in metallurgy, extend the service life, and
protect bimetals against unforeseen results of thermomechanical effects. This work is based in
part on the experimental data described in the research by Uścinowicz (2022) and extends them
to include new research problems.

2. Material, specimens, and experimental setup

The research material was Ti/Cu bimetallic rods consisting of a copper core of ∅8.8mm
thickness and a titanium coating of 1.6mm thickness distributed concentrically around the
core circumference. The average volume fraction of the bimetal components was fTi = 46%,
fCu = 54%. The chemical composition of the Ti/Cu bimetal components was determined by
the Shenzhen Jia Ping Titanium Industry Co. Ltd, and it is presented in Table 1.

Table 1. Chemical composition of the titanium (Ti) and copper (Cu) layers.

Titanium (Ti) layer [%]

Ti Fe C N H 0 others

99.6 0.002 0.003 0.002 0.0005 0.001 0.391

Copper (Cu) layer [%]

Cu+Ag Bi Sb As Fe Pb S others

99.9 0.03 0.002 0.004 0.005 0.004 0.005 0.05

Cylindrical samples of 110mm length were made from Ti/Cu rods (Fig. 1). The geometric
axis of the samples was consistent with the direction of the extrusion process. The test sam-
ples were divided into two groups. The first group contained samples without heat treatment,
symbolically marked T = 20 ◦C. Samples from the second group were independently heated in
the furnace for 30 min to temperatures of 600 ◦C, 700 ◦C, 800 ◦C, and 900 ◦C, respectively. They
were then annealed for 30min and cooled in air to 20 ◦C.

Fig. 1. Geometry of the Ti/Cu sample subjected to tensile tests and tests
using the excitation impulse method.

The elastic properties of the tested bimetal were determined using the impulse excitation
method (IME). The compact cylindrical shape of the Ti/Cu bimetal samples was helpful in
measuring the elastic properties using an acoustic resonance frequency analyser (RFDA) from
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IMCE NV. This (dynamic) method is described in the guide by Lord and Morrell (2006) and in
the ASTM E1876-22 (2022) and ISO 12680-1 (2005) standards. With the help of this technique,
Young’s modulus Ed, the basic resonance frequencies χf , the internal friction parameters Q−1,
and the damping coefficient k were determined.
The essence of this method is to excite a mechanical impulse (impact with an impulse) and

induce a mechanical wave (vibrations) in the tested sample subjected to 3-point bending. In-
duced vibrations have a frequency spectrum consistent with resonance frequencies and depend
on the elastic properties of the material, its geometry, and density (mass). Next, with the help
of an acoustic transducer (microphone), analog signals are transmitted to a computer and dig-
itized. Unique mathematical algorithms using the Fourier transform calculate each frequency
and attenuation from the detected frequency spectrum, assigning sinusoidal attenuated acoustic
vibrations x(t) to each frequency in the form:

x(t) = Ae−kt sin(2πχf t+ φ), (2.1)

where A, φ – equation parameters, χf – basic resonance frequency during the bending mode,
k – damping coefficient, t – time parameter. The selection of the appropriate value of the
resonance frequency χf completed the process of determining the searched parameters.
The applied method experimentally confirmed the elastic constants of composites and other

structurally complex materials (Uscinowicz, 2019; Song et al., 2017; Stratigaki et al., 2019; Yang
et al., 2012). The analysis of possible errors of this method is described in (Raggio et al., 2010).
This technique is so effective that it allows one to obtain quantitative information about the
values of elastic constants and the integrity of samples (Roebben et al., 1997).
Young’s modulus for cylindrical Ti/Cu bimetallic samples with individually measured ge-

ometry and mass of specimen was determined from the following relationship (Lord & Morrell,
2006):

Ed = 1.6067 ·
(
L3

D4

)
mχ2

f H, (2.2)

where Ed – Young’s modulus, H – correction factor for flexural mode, m – sample mass, L, D –
length and diameter of the cylindrical sample, respectively. Correction factor H was dependent
on sample geometry and Poisson’s ratio (Lord & Morrell, 2006). Young’s modulus determined
in the IME method was defined as dynamic and designated Ed.
The internal friction parameter was used to evaluate the energy balance in the above-

described method and was defined by the following relationship:

Q−1 = ∆W/2πW, (2.3)

where W , ∆W – the energy stored and lost in a unit of the volume of the vibrating medium
during one period, respectively. The following relationship was used to calculate it:

Q−1 = k/πχf . (2.4)

The elastic-plastic properties were determined from uniaxial tensile tests. The tests were
carried out on an MTS 809.10 testing machine. Specimens’ deformations were measured using
the ARAMIS 3D 4M optical strain measurement system from GOM, which applied digital image
correlation technology. The samples were loaded at a strain rate of ε̇ = 2 ·10−3 s−1. Tensile tests
were performed using the ASTM E8/E8M-22 (2022) technical standard on the same Ti/Cu
bimetallic samples as on the RFDA device. The tests provided basic information on the elastic-
plastic properties of the bimetal, i.e., Young’s modulus Es, the yield strength Rp0.2 corresponding
to permanent deformations of 0.2%, tensile strength Rm and the values of the specific work of
uniform plastic deformation Lp and elastic deformation Le corresponding to uniform strains.
The quantities defining the change in the dimensions of the diameter εd in tensile tests and
the reduction of cross-sectional area after the fracture (Z) of bimetal components were also
determined.
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3. Results of tests and discussion

The values of elastic properties of the Ti/Cu bimetal obtained from tests using the impulse
excitation technique depending on temperature are shown in Figs. 2 and 3 and Table 2.

Fig. 2. Change of Young’s modulus Es and Ed (a) and resonance frequency χf (b)
with increasing annealing temperature of the Ti/Cu bimetal.

Fig. 3. Dependence of the internal friction parameter Q−1 (a) and the damping coefficient k (b)
on the annealing temperature.

Table 2. Quantities determined for Ti/Cu bimetal using the impulse excitation method.

Temperature [◦C] Ed [GPa] Es [GPa] χf [Hz] Q−1 [–] k [1/s]

20 112.9 ±0.4 111.1 ±4.5 3493 ±43 0.0009 ±0.0002 9.6 ±1.0
600 110.1 ±0.4 109.1 ±3.2 3494 ±17 0.0008 ±0.0001 9.0 ±0.5
700 109.7 ±0.4 108.2 ±2.1 3534 ±29 0.0011 ±0.0001 11.9 ±1.2
800 111.3 ±0.4 110.5 ±4.5 3560 ±36 0.0010 ±0.0002 11.7 ±1.9
900 114.2 ±0.4 114.6 ±5.6 3537 ±42 0.0010 ±0.0003 17.3 ±2.2

Figure 2a shows the variation of Young’s moduli determined from the tensile test (Es) and
tests using the impulse excitation method (Ed). It was found that values of Young’s mod-
ules within a tested temperature range differed by several GPa and were small in the tensile
test cases. The highest values of Young’s modulus of the Ti/Cu bimetal were Ed = 114.2GPa
and Es = 114.6GPa, recorded for the temperature of 900 ◦C. They were 3GPa higher than
for temperatures T = 600 ◦C, 700 ◦C. The values of the Ed moduli of the samples annealed
at temperatures T = 600 ◦C and 700 ◦C were similar. Starting from the temperature of 700 ◦C,
the values of Young’s moduli increased in a parabolic manner (Fig. 2a). This was partly the
result of structural changes in the titanium and copper layer and was associated with the forma-
tion of intermetallic brittle phases. It should be emphasized that the values of Young’s moduli
after annealing in the temperature range of 600 ◦C–900 ◦C compared to the unannealed ones
were small.
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A significantly different nature of the changes, with the increase in the annealing temperature,
was observed for the resonance frequencies χf (Fig. 2b). In the case of χf , the highest frequency
value was found for the temperature T = 800 ◦C and the range of frequency changes, for all
temperatures, was small and covered only 50Hz. It was noticed that the resonance frequencies
for the unannealed samples (T = 20 ◦C) and those annealed at 600 ◦C were identical.
Observation of the internal friction parameter Q−1, related to energy losses in a given contin-

uous medium subjected to impulsive loading, provides very important information about changes
occurring in the internal structure of the Ti/Cu bimetal. They are helpful in assessing the cohe-
sion of metal layers, but also provide information about the effects of processes in the structure
during and after annealing. The parameter Q−1 reached its maximum value for samples annealed
at a temperature of 700 ◦C, and the course of its variation in the tested temperature range was
strongly non-linear (Fig. 3a). The values of Q−1, for samples annealed at 600 ◦C and 20 ◦C, were
very similar. It should be noted that high values of Q−1 are not recorded for metals. However,
their noticeable increase with temperature can be attributed to processes occurring in the copper
and titanium layers, i.e., the emergence of metallic phases at the interface as a result of diffusion.
Puškár (2001) stated that there is no linear dependence of Q−1 = f(T ) when the temperature in
metals exceeds the temperature by 50%–60% of the melting point, which is considered the limit.
It is commonly known that annealing at elevated and high temperatures can lead to an

increase in grain size, structural reconstruction, changes in dislocation movements and a de-
crease in internal friction in the case of copper and titanium. The acquired strain of metals in
the extrusion process can be thermally reduced, which results in a decrease in strength param-
eters and an increase in the ductility of bimetal components. However, in the case under study,
internal friction slightly increases with temperature at 700 ◦C, and its causes can be sought in
forming an intermetallic diffusion zone at the interface (third layer), which changes the reactivity
of bimetal to a mechanical impulse.
Figure 3b shows the changes in the damping coefficient k. The increase in its value for the

temperature of 900 ◦C and the simultaneous decrease in Q−1 can be attributed to the allotropic
transformation of titanium, which significantly affects the elastic properties of Ti/Cu.
Based on the tensile tests, basic information was obtained about the elastic-plastic properties

of the bimetal under monotonic quasi-static loading, i.e., the limit stresses Rp0.2 corresponding
to permanent deformations of 0.2%, tensile strength Rm, the course of which is shown in Figs. 4a
and 4b. It should be noted that both the yield strength and the strength of the Ti/Cu bimetal
were significantly decreased due to heat exposure compared to the analogous parameters for
unannealed samples. The decrease in the Rp0.2 value was almost 3.5 times, while the strength
Rm decreased 1.6 times. The increase in temperature from 800 ◦C to 900 ◦C caused a decrease
in strength of only 20MPa.

Fig. 4. Variation of the yield stress (a) and the strength (b) depending on the annealing temperature.

The effect of the decrease in strength due to annealing is the increase in the ductility of the
bimetal, as evidenced by the increases in the value of the specific energy required for uniform
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plastic deformation of a unit of bimetal volume from 10.0MJ/m3 for T = 20 ◦C to 79.5MJ/m3

for T = 700 ◦C (Fig. 5b). The structural changes in the Ti/Cu bimetal samples at 900 ◦C caused
a decrease in the Lp parameter almost 2.5 times compared to the value associated with the
temperature of 800 ◦C. The values of basic mechanical properties determined from the tensile
test are given in Table 3.

Fig. 5. Variation of the specific energy of the uniform elastic (a) and plastic (b) deformation depending
on the annealing temperature.

Table 3. Average values of various mechanical properties obtained for Al/Cu bimetal.

Temperature [◦C] R0.2 [MPa] Rm [MPa] Lp [MJ/m3] Le [MJ/m3]

20 464.4 ±6.4 464.4 ±9.6 9.1 ±1.5 0.96 ±0.15
600 283.2 ±5.3 283.2 ±6.9 73.0 ±5.3 0.36 ±0.06
700 283.9 ±4.1 283.9 ±6.0 79.2 ±6.9 0.37 ±0.04
800 295.9 ±5.9 295.9 ±7.4 77.5 ±6.2 0.40 ±0.03
900 274.1 ±7.2 274.1 ±8.5 36.6 ±4.3 0.32 ±0.05

In turn, when analysing the values of the specific energy of the elastic deformation Le (Fig. 5a)
necessary to deform a unit of volume, determined at the level of uniform deformation at the
temperature T = 20 ◦C and in the temperature range of 600 ◦C–900 ◦C, it should be stated that
also here, as a result of heat action, a decrease of this parameter by 68% occurred. In the tested
temperature range of 600 ◦C–900 ◦C, the Le values differed slightly, which does not correlate
well with the distribution of Young’s modulus values in this range (Fig. 2a).
The deformation capacity of the Ti/Cu bimetal during the tensile test can be monitored

by observing the changes in the transverse deformation of the sample expressed by the relative
change in its diameter εd. The variability of this quantity is shown in Fig. 6. To facilitate
the assessment of the scale of deformation and its course, the test duration was normalized

Fig. 6. Example variations of relative diameter deformation εd of Ti/Cu bimetallic samples throughout
the tensile process.
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by assuming the interval ⟨0, 1⟩ as the duration of the entire tensile process for tested samples.
Assuming the same samples’ deformation in the loading (axial) direction of the bimetal, including
its Ti and Cu layers under different stresses in cross-sections, the most significant increase in
elastic-plastic deformations of εd was observed in samples annealed at 700 ◦C; slightly lower
values can be attributed to Ti/Cu samples for T = 600 ◦C. Lower values εd with an increase in
the normalized time tn were observed in samples heated at T = 800 ◦C and 900 ◦C. This resulted
from structural changes in the sample volume and the enlargement of the diffusion zone at the
interface. Unannealed samples obtained the lowest εd values during stretching.
Important quantitative information allowing us to assess the influence of the annealing tem-

perature on the tensile process and the destruction mechanism was the standard parameter Z [%]
called the percentage maximum reduction of cross-sectional area after fracture. It described the
change in the cross-sectional area of the samples at the fracture site related to the original area.
The values of this parameter for the Ti/Cu bimetal components are shown in Fig. 7. The graph
shows that the Ti/Cu bimetal components annealed at T = 900 ◦C are characterized by the mi-
nor reduction of the cross-section at the fracture site, which was about 41% for copper and 45%
for titanium. It can, therefore, be assumed that the Ti and Cu components became more brittle
after annealing at this temperature. In the 600 ◦C–800 ◦C temperature range, the Z constriction
values for the individual bimetal components were similar and amounted to approximately 90%
for copper and 74% for titanium, as observed. However, these values were higher than the corre-
sponding Z values for the bimetal components for unannealed samples. In the case of titanium,
this difference was 20%. The more ductile metal in the composite was copper, which was the
effect of final deformations just before the sample fracture.

Fig. 7. Changes in the values of cross-sectional area Z after fracture of the titanium and copper layer
depending on the annealing temperature measured on the sample scraps.

4. Microscopic and macroscopic observations of the Ti/Cu interface and fractures

For each sample tested, microscopic observations of the Ti/Cu bimetal layer connection zone
were performed using a Phenom XL scanning microscope. At the same time, a linear analysis of
its composition was performed immediately after annealing. The permanent connection of the
copper and titanium layers in the Ti/Cu bimetal is crucial and has great significance for load
transfer and operational task performance. No visible diffusion zone was observed in samples
heated to 600 ◦C and 700 ◦C. However, in (Youn & Lee, 2020), the presence of a diffusion
zone below 1µm at a temperature of 450 ◦C was found. Only at 800 ◦C a narrow diffusion
layer appeared (Fig. 8a) with an average thickness of 15.6µm, which increased significantly
at T = 900 ◦C (Fig. 8b) to a value of 31.7µm. At temperatures of 800 ◦C and 900 ◦C, sporadic
cracks appeared perpendicular to the interface (Fig. 8a). It seems that at annealing temperatures
close to 900 ◦C the bond strength of the layers decreases significantly. This was accompanied
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Fig. 8. Contact zone of titanium and copper in bimetal samples: (a) not annealed;
(b) annealed at temperature T = 800 ◦C; (c) annealed at temperature T = 900 ◦C.

by an allotropic transformation of titanium, which changed from an HCP structure to a BCC
structure, being more susceptible to diffusion processes. At this temperature, the tensile strength
of the Ti/Cu bimetal decreased (Fig. 4b), making it less ductile (Fig. 5b). A similar nature of
phenomena was observed by Lee et al. (2007) during the production of the Ti/Cu bimetal by
the extrusion method.
Much information about the change in the plastic properties of the Ti/Cu bimetal due to

annealing is provided by macroscopic observation of scrap samples created as a result of their
rupture during tensile tests. Figure 9 presents photographs of characteristic traces of the scrap
surface after the release of elastic energy due to destruction. The most severely degraded surface
is the sample heated at 900 ◦C (Fig. 9e), where traces of the formed brittle Ti/Cu interphase
layers are visible. The decomposition of the coating composed of titanium and intermetallic
compounds could also be observed here. It had a different shade of grey and a characteristic
fragmented structure, indicating brittleness. The mechanism of destruction in this case was dif-
ferent than for the unheated samples or those heated at temperatures of 600 ◦C and 700 ◦C.
For these samples, it could be seen that the copper core, initially cylindrical, undergoes a duc-
tile fracture (in a bundle), creating a characteristic cup and cone fracture. In the case of the
bimetallic sample heated at 900 ◦C, the copper core was slippery (shear form), and the cross
section was slightly deformed. The separating fracture had a mixed character in samples heated
at T = 800 ◦C.

Fig. 9. Examples of surface zones of sample scraps formed as a result of the separation of samples during
stretching after heating at the temperature: (a) 20 ◦C; (b) 600 ◦C; (c) 700 ◦C; (d) 800 ◦C; (e) 900 ◦C.

5. Conclusions

1) In the temperature range of 600 ◦C–800 ◦C, Young’s modulus values determined for the
Ti/Cu bimetal from tensile tests were slightly lower than the analogous values obtained
from tests using the impulse excitation method and all oscillated in the range of 108GPa–
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111GPa. The highest value of Young’s modulus was found for samples annealed at T =
900 ◦C and amounted to over 114GPa.

2) The increase in the value of internal friction Q−1 with increasing temperature (above
700 ◦C) can be attributed to the emerging of the diffusion zone at the boundary of the
copper and titanium layers in the bimetal structure. The unannealed sample and the sam-
ple annealed at temperature T = 600 ◦C have similar Q−1 values. Annealing the Ti/Cu
bimetal in the range of 600 ◦C–800 ◦C resulted in a multiple increase in the demand for en-
ergy for plastic deformation of a volume unit. For samples annealed at 900 ◦C, a significant
decrease in this parameter was noted.

3) It was found that 30-minute heat exposure to Ti/Cu bimetal in the range of 600 ◦C–
800 ◦C deteriorates strength properties, significantly lowering the yield point and increasing
ductility, which reduces the bimetal’s ability to work under load. The temperature of 900 ◦C
threatens the safe use of bimetal, causing irreversible structural changes and accelerating
processes leading to destruction.
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Moment-curvature relations for the thermo-mechanical bending of slender beams made of In-
conel 718 in the factory-annealed state are determined in the study. The experimentally validated
finite element method (FEM) model with the Johnson–Cook material model is used. For the con-
sidered conditions of thermo-mechanical processing, the final beam curvature can be estimated as
a linear function of the curvature due to the elastic pre-stress. In processing 1mm thick material,
using laser power 500W and feed rate 3.33mm/s, a safe time distance of at least 5.4 minutes is es-
timated between the presence of high material temperature and the start of precipitation processes.
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1. Introduction

Materials with high-temperature strength may cause difficulties both in cold-shaping and
hot-working. The interest in thermally-based forming is a response to the needs and challenges
involved in the cost-effective and robust manufacturing of sheet metal based products. Local
heating offers attractive characteristics for metal forming. The necessary forming force or pres-
sure may be reduced with the desired temperature distribution and controlled heating rates.
The thermally assisted processing offers reduced wear of forming tools and the reduction of
the spring-back effect (Neugebauer et al., 2006; Duflou & Aerens, 2006; Ponticelli et al., 2018;
Widłaszewski et al., 2019). Heat-assisted bending of plates proved to be a flexible and cost-
effective forming method for small batch situations (Wei et al., 2021).
A laser beam is a heat source offering an exceptional opportunity to control heat input to the

workpiece precisely both in time and space. Hence, laser-assisted manufacturing processes have
gained ever increasing attention in recent years (Min et al., 2023; Bammer, 2024; Liao et al.,
2024). They have been successfully introduced into stamping, bending, single-point incremental
forming, spinning, stretch forming, roll profiling, deep drawing, wire drawing, hydroforming and
other technologies (Kratky, 2007; Lauwers et al., 2014). However, for successful development
of new forming methods, the thermo-mechanics of the heat-assisted plastic deformation process
should be thoroughly analysed and well understood. In parallel, thermal processing should retain
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or establish the critical material properties, without adverse effects on its microstructure. A safe
process window needs to be determined.
One of the recently studied thermo-mechanical bending methods consists in laser bending

(Aher & Navthar, 2024) combined with mechanical preload. Fetene et al. (2018) used an artificial
neural network in modelling the laser-assisted bending of a cantilever beam loaded with a force
on the free end. The training and testing data set was obtained by a finite element method (FEM)
model, which was validated by experiments. In research on bending and straightening of steel
strips, Dutta et al. (2018) successfully applied laser scanning and external force generated with
an electromagnet. Guo et al. (2020) proposed an analytical model to predict angular deformation
due to the laser scanning of an elastically pre-stressed cantilever plate. The applied laser heating
parameter values fostered the activation of the so-called buckling mechanism, which involves the
thermally induced local buckling of a plate.
The present research concerns the thermo-mechanical behaviour of slender prismatic beams

made of Inconel 718 alloy. Material selection was dictated by its wide application in struc-
tures and components operating at elevated temperatures, e.g., in the aerospace industry. In-
conel 718 is a precipitation-hardenable nickel-based alloy having exceptionally high yield, tensile
and creep-rupture properties at temperatures up to 700 ◦C (homologous temperature 0.63), com-
bined with good oxidation resistance. The alloy is usually provided in the solution-annealed or
the precipitation-hardened condition. The relatively slow precipitation hardening response of
Inconel 718 permits annealing and welding without spontaneous hardening during heating and
cooling, as well as repair welding, even in the aged condition. The outstanding resistance to
post-weld cracking indicates the feasibility of laser-assisted forming application in manufactur-
ing components made of the alloy. Fabrication of 3D complex components from Inconel 718 sheet
metal is of great importance for the aerospace industry (Qu et al., 2012; Prasad et al., 2015;
Hongbo & Gaochao, 2015; Tan et al., 2018).
Numerical modelling using FEM is an effective tool to gain insight into the thermo-mechanic

processes and the impact of processing parameters. In order to find moment-curvature relations
in the considered problem, it is necessary to determine the beam curvature with high accuracy.
Physical measurements of the curvature are prone to considerable errors and are difficult to
perform, taking into account the application of a high power laser beam during experiments.
Therefore, the present analysis is based on an experimentally validated numerical model.

2. Experiment

Experiments were conducted on beams made of commercial solution-annealed Inconel 718
with an average initial grain size of 17.5µm. Specimens were laser-cut from a rolled sheet to
minimize any introduction of residual stresses during material cutting. The chemical composition
of the material is shown in Table 1.

Table 1. Chemical composition of Inconel 718 sheet [wt.%].

Ni Cr Mo Nb Co Mn Si Fe Al Ti

52.9 19.83 3.12 4.83 0.05 0.29 0.14 Balance 0.60 1.04

A rectangular specimen 20mm wide and 1mm thick was clamped in a cantilever arrangement
on the experimental stand, as shown in Fig. 1a. The thermo-mechanical loading is schematically
presented in Fig. 1b.
Before heating by a moving laser beam, the specimen was pre-stressed in the elastic state.

Mechanical load was introduced with gravity acting on weights mounted at the free end of the
beam and on the mass of the specimen (Fig. 1). The vertical dead load F for the elastic pre-stress
was 3.04N. In the initial configuration, the distance between the force application point and the
fixture was 175mm.
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Fig. 1. Experimental setup: (a) a photograph, (b) thermo-mechanical loading scheme.

The pre-stressed beam was subjected to heating with a moving laser beam produced by the
TruFlow6000 CO2 laser which operated in the continuous-wave (CW) mode. A rectangular
20mm× 2mm laser spot was formed in the laser head using a facet mirror. The so-called mode
shot in Fig. 2 shows a view of a plexiglass plate after short irradiation using the applied laser
beam. The picture corresponds with the distribution of radiation power over the laser beam spot.

Fig. 2. Plexiglas plate after the mode shot performed with the applied laser beam.

The laser spot covered the whole width of the specimen and moved from the starting position
X = 150mm towards the final position X = 16.8mm (Fig. 1b) with constant velocity. This
scanning scheme minimized the unwanted influence of the laser beam divergence on laser spot
dimensions.
The CO2 laser radiation of the 10.6µm wavelength incident at the right angle of the material

surface is very poorly absorbed by perfectly clean, flat and smooth metal surfaces. The value of
the radiation absorption coefficient rarely exceeds 0.1 for metals in such conditions.
An increase in absorptivity is observed with the increase in surface roughness and temper-

ature. An improvement of energy transfer may be achieved by covering the processed material
with an absorptive layer. Such a role can be played by oxides of the metal and various addi-
tional materials covering the surface in the form of powder or paint, e.g., graphite powder or
a paint containing oxide pigments. Insulators generally have good absorptivity at long radiation
wavelengths. Hence, coatings used in processing metallic materials with the CO2 laser beam
often contain dielectrics. A flat black paint is an excellent absorber but a flat white paint is also
a highly effective absorber for the infrared radiation, despite its visual appearance.
Surface films may act as an anti-reflection coating due to the interference coupling. The de-

structive interference of the reflected ray occurs for the film thickness matched with the radiation
wavelength. For the destructive interference of the CO2 laser radiation, the film thickness value
should be around 7.95µm, 13.25µm, 18.55µm, and so on in the arithmetic progression.
The coating thickness should not be too large, as in the extreme conditions it can form

a thermal barrier considerably affecting the heat flow to the underlying material. However,
exothermic metal/oxide coatings may intensify heat input to the processed material. Too thin
a coating may undergo a quick degradation without any noticeable effect on the radiation energy
transfer. During laser irradiation the absorptive layer should be present at least till the rising
temperature of the material surface starts playing a significant role in material absorptivity.
Graphite spraying is used both to initially improve energy coupling and to prevent the excessive
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material surface temperature rise, the so-called thermal runaway, which impairs the thermal
stability of processing. In order to achieve an effective laser treatment with high repeatability,
it is necessary to ensure uniform and reproducible application of the absorptive coating to the
workpiece surface.
The polished Inconel 718 subject to the CO2 laser radiation in the air environment has

absorptivity between 0.2 and 0.22 in the temperature range 227 ◦C–1227 ◦C. Specimens used
in this study were covered with an absorptive layer of a black paint in order to improve and
stabilize the transfer of laser beam energy into the material. The surface coating thickness
was measured with a Mitutoyo Surftest SJ-301 device in a series of preliminary tests with
X5CrNi18-10 stainless steel specimens (Kurp et al., 2016). The average thickness of the coating
was 8.13µm with a standard deviation of 0.64µm.
In order to determine the radiation absorption coefficient, the specimen surface temperature

was measured using the OPTRIS CTL G5H CF2 pyrometer. The device operates at a 5.2µm
radiation wavelength and therefore is insensitive to the CO2 laser radiation reflected from the
specimen surface.
The free-end deflection of the specimen during thermo-mechanical loading and unloading

processes was measured by a non-contact method. The optical displacement sensor MicroEpsilon
LLT1700 measured the vertical displacement component of an auxiliary flat metal plate attached
to the holder of weights.
A series of preliminary experiments was performed using laser beam velocity v = 3.33mm/s

and laser power 200W, 300W, 350W, 400W, 500W, 550W, and 650W. It was found that
considerable bending deformation is produced using 500W laser power. The plastic collapse
of the processed beam occurred when applying higher laser power. Hence, laser beam velocity
v = 3.33mm/s and the laser power 500W were applied in the main thermo-mechanical bending
experiments.

3. Numerical modelling

Spatial coordinates of material points in the initial (reference) configuration of the body are
denoted by (X,Y, Z), while those of actual configuration, i.e., after deformation, are denoted
by (x, y, z). The thermo-mechanical bending process was modelled in two sequentially coupled
analyses, using the commercial FEM program ABAQUS, Version 2016. The symmetry of the ob-
ject, load and boundary conditions allowed only a half of the considered beam, 0 ≤ Y ≤ 10mm,
to be modelled, as shown in Fig. 3a. A regular mesh with hexahedral finite elements of dimensions
0.2mm× 0.5mm× 0.1mm (in directions X, Y , and Z, respectively) was used.

Fig. 3. Numerical model domain: (a) an overall view, (b) a detailed view of the finite element mesh.

The heat transfer analysis was performed in the initial configuration. The top-hat radiation
energy distribution over the rectangular laser spot was assumed. A dedicated user subroutine
DFLUX modelled the moving laser beam, treated as a surface heat source. The calculated
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temperature field and mechanical pre-stressing were subsequently used as thermo-mechanical
loading in a quasi-static analysis.
Linear DC3D8 elements for the thermal problem and compatible C3D8 elements for the

mechanical problem were applied. As the modelled laser spot had a dimension of 2mm in
the X-direction, the heat input from the moving laser beam was distributed over 10 rows of
finite elements in the direction of laser scanning. Ten layers of elements were used in the ma-
terial thickness direction (axis Z). Such a design of the finite element mesh enabled accurate,
numerically-effective modelling of the temperature field and finally the bending effect due to
the temperature gradient and mechanical pre-stressing. The regular mesh is also convenient for
post-processing of simulation results.
The mesh consisted of 141600 elements and 163779 nodes. No strict mesh convergence study

was performed, as numerical results were verified with experimental data. The complete com-
putation time for both the thermal and mechanical analyses was 4 hours using 8-core processor
operating at 3.6GHz frequency.
The temperature dependence of material data was respected in simulations (Nowak et al.,

2019). A particular role in thermo-mechanical modelling is played by the application of a suitable
material constitutive model with an accurate strain rate and temperature dependency of the yield
stress σTY . The Johnson–Cook (JC) material model was applied in the study:

σTY

(
εpl, ε̇pl, T

)
=

[
AJC +B ·

(
εpl

)n][
1 + CJC · ln

(
ε̇pl

ε̇0

)]
[1− (T ∗)m], (3.1)

where εpl is the plastic strain component, ε̇0 (0.001 s−1 in this work) is the reference strain
rate, T ∗ = (T − Tr) / (Tm − Tr), Tm is the melting temperature (1250 ◦C in this work) and
the transition temperature Tr is assumed 20 ◦C in this work, AJC is the yield stress under the
transition temperature and the reference strain rate, B and n are strain hardening coefficient and
exponent, respectively, CJC describes strain rate hardening, and m stands for thermal softening
effects.
The values of JC parameters are listed in Table 2 (Nowak et al., 2019), while the assumed

stress-strain-temperature behaviour for Inconel 718 is presented in Fig. 4.

Table 2. Parameters of the Johnson–Cook model.

AJC [MPa] B [MPa] CJC m n

450 2100.95 0.02 1.5 0.76

Fig. 4. Yield stress dependence of the annealed Inconel 718 on temperature.
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The developed numerical model was used to simulate the thermo-mechanical behaviour of
the Inconel 718 beam both with elastic pre-stress and without it. To account for large displace-
ments, the geometric nonlinearity was respected in simulations and the parametric configuration
representation was used in the post-processing of simulation results.
Experimental validation of the applied numerical model is crucial for the analysis value. The

radiation absorption coefficient A and heat dissipation parameters were calibrated in a number
of numerical simulations by comparing their results with the surface temperature measured in
the experiment. A good agreement of results was obtained for A = 0.37, convection coefficient
5W/(m ·K) and emissivity value 0.75 (Fig. 5). Strong oscillations visible in the temperature
signal recorded during the experiment result from burning of the absorptive layer, as seen in the
photograph in Fig. 1a.

Fig. 5. Temperature variation at selected locations of the upper surface (Y = 0, Z = 0).

Experimental measurements and simulation results regarding the free-end deflection during
laser scanning of the elastically pre-stressed beam are found to match well (Fig. 6). The rea-
sonably close agreement of the temperature and deflection calculated in the simulations with
experimental data is considered the numerical model validation.

4. Results

4.1. Temperature distribution and beam configuration

Figures 7 and 8 show the changes in surface temperature distribution and beam configuration
for selected positions of the laser beam during scanning. Beam shapes (Fig. 8) present total
deformation, i.e., due to the mechanical and thermal load, while the free-end deflection in Fig. 6
was measured starting from the mechanical pre-stressing configuration.
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Fig. 6. Free-end deflection of the beam during thermo-mechanical bending.

Fig. 7. Surface temperature distribution for laser beam positions X = 125mm, 75mm, and 25mm
(Y = 0, Z = 0).

Fig. 8. Beam configurations for laser beam positions X = 125mm, 75mm, and 25mm (Y = 0, Z = 0).

4.2. Thermal cycle

The determined temperature field variation enables the calculation of the thermal cycle which
the processed material experiences during laser scanning. Figure 9 presents a typical evolu-
tion of temperature at the workpiece surface in relation to the time-temperature-transformation
(T-T-T) diagram of Inconel 718. Localized heating with the moving laser beam results in a ther-
mal cycle short enough to avoid the occurrence of unwanted microstructure changes. In the
presented example, it offers a process window of over five-minute width, sufficient to induce
plastic deformation and to cool down the material safely.
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Fig. 9. Surface temperature cycle overlapped on the T-T-T diagram for Inconel 718 alloy
(γ – metal matrix, γ′ and γ′′ – strengthening phases).

4.3. Curvature calculation

Determination of the moment-curvature relations in the considered problem requires the
application of a curvature calculation method, which is capable of providing the necessary accu-
racy of results. Identification of the involved deformation mechanisms requires a careful separa-
tion of the contributing factors. Poor accuracy or excessive numerical noise of the calculated cur-
vature values can make it impossible to draw meaningful conclusions from the moment-curvature
relations in thermo-mechanical processing.
Two methods were applied to calculate beam curvature distributions after consecutive steps

of the considered thermo-mechanical bending process. The first method is based on a discrete
description of the beam axis as a 2-D curve. The second one uses the strain field linearization
concept and strain values on the material boundary. While the first method involves numerical
differentiation over some segment of the curve, the second method is based on the strain dis-
tribution over the considered cross-section of the material, and thus is more suitable to reveal
local features of the curvature distribution.

4.3.1. Differential geometry approach

The beam axis (Y = 0, Z = h/2) is treated as a plane curve in the discrete parametric
description x = x(p), z = z(p), where x, z are nodal coordinates, p is the parameter of the
curve. The X-coordinate of a node in the initial configuration is used as the curve parameter
(p = X).
The beam axis curvature C is calculated using the formula

C =
|z′′x′ − x′′z′|
(x′2 + z′2)3/2

, (4.1)

where operators ( )′ and ( )′′ denote the first and the second derivative with respect to the
parameter p, respectively (Toponogov, 2006). For simplicity, the curvature and bending moment
values are presented with the positive sign in this paper.
The finite difference method is used to calculate derivatives x′ and z′. The symmetric differ-

ence quotient formula is applied for the first derivative:

f ′(p) ≈ f(p+∆p)− f(p−∆p)

2∆p
, (4.2)

where ∆p is the numerical differentiation parameter of a possibly small value.
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Similarly, the central difference approximation was used for the second derivatives x′′ and z′′

f ′′(p) ≈ f(p+∆p)− 2f(p) + f(p−∆p)

∆p2
. (4.3)

Numerical differentiation using a small value of parameter ∆p is sensitive to errors resulting
from the limited representation precision of numerical data, i.e., round-off errors. Low round-
off and truncation errors were achieved using ∆p = 3mm, with x(p), z(p), and p expressed in
millimetres.

4.3.2. Strain linearization approach

In general, the longitudinal strain across a section of the considered beam may be decom-
posed into the following components: (1) average membrane, (2) linear bending, and (3) peak
strain. Figure 10 presents an example of the variation in the longitudinal strain component
over the material thickness εxx(Z) (X = 100, Y = 0) after the consecutive steps of the process:
(1) mechanical pre-stress, (2) laser heating, and (3) after cooling and removing of the mechanical
load, i.e., in the final state. Dashed lines in the figure indicate linear approximations of the strain
distribution. It is visible that the longitudinal strain component εxx may be fairly accurately
treated as linear with respect to the coordinate Z. This conclusion justifies decomposing the
through-thickness strain state into membrane and bending components.

Fig. 10. Longitudinal strain distribution over material thickness (X = 100, Y = 0).

The example of strain distribution over material thickness (Fig. 10) reveals that the con-
sidered thermo-mechanical processing may result in thermo-plastic stretching of material fibers
over the whole thickness of the processed workpiece. In this case, the notion of the neutral axis
can be related only to a theoretical line located out of the deformed material. It can no longer
be identified with a real material fiber. Such a considerable “shift” of the neutral axis has to be
respected in calculating the beam curvature based on the strain field.
By denoting longitudinal strain at the extreme points of a cross-section as εIN and εOUT,

for the inner and outer material fibers of the deformed beam, respectively, one can easily derive
strain components of the decomposition and the curvature as

εb =
εOUT − εIN

2
, εm =

εOUT + εIN
2

,
1

R0
=
εOUT − εIN

h
,

1

R
=

1

1 + εm

1

R0
, (4.4)

where εb, εm are the bending and membrane strain components, respectively, 1/R0 is the cur-
vature of the middle beam layer (Z = h/2) for the case with no shift of the neutral axis
(εOUT = −εIN), 1/R is the actual curvature when the neutral axis shift is present.
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A comparison of the curvature calculated using both approaches is shown in Fig. 11. The
strain linearization approach is more sensitive to such a local phenomenon as transient deforma-
tion due to temperature gradient over material thickness in the laser spot vicinity (see Fig. 11,
vicinity of the laser track end at X = 16.8mm). The curvature distribution obtained using
the differential geometry approach has much smaller numerical noise, although it involves nu-
merical differentiation. In general, the results of both calculation methods agree well with each
other. On the basis of such verification, curvature calculated using the differential geometry
approach is used in further analysis.

Fig. 11. Beam axis curvature immediately after the step of laser scanning (Y = 0, Z = h/2).

4.4. Curvature changes in thermo-mechanical processing

Figure 12 presents the following beam curvature characteristics: (1) after mechanical pre-
stressing (marked as “elastic”), (2) after laser scanning followed by cooling the beam to the
initial temperature (marked as “thermo-elastic-plastic”), and (3) after final unloading (marked as
“plastic (final)”), calculated using the differential geometry approach. Three regions of thermo-
elastic-plastic and plastic curvature characteristics can be distinguished. In the central region,
from X = 50 to X = 130, the curvature practically depends linearly on the coordinate X.
The other two regions, X < 50 and X > 130, include the start and stop positions of laser

Fig. 12. Beam axis curvature distribution after specific processing steps.
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scanning (cf. Figs. 1b and 5). Hence, the changes in thermal conditions greatly affect curvature
characteristics in these regions.
Even without mechanical pre-stress (F = 0), the beam undergoes considerable plastic defor-

mation, solely due to the load from a moving heat source. The related curvature is 0.797 (1/m)
and in Figs. 12 and 13 is marked as “thermal”. The so-called convex deformation occurred, such
as when the heated material surface assumes the convex shape (Widłaszewski, 2022).

Fig. 13. Moment-curvature relations for specific steps of thermo-mechanical bending.

For the step of mechanical elastic pre-stressing, the calculated curvature agrees well with the
analytical solution of the classical Euler-Bernoulli beam theory. Moment-curvature dependences
shown in Fig. 13 were calculated for the central region of the beam, for X = 50 to X = 130. Cur-
vature characteristics calculated after thermo-mechanical processing and after final unloading
can be extrapolated up to the bending moment value 0, which corresponds to the pure thermal
load case. The results of both extrapolations agree well with the curvature value determined in
the simulation without pre-stress (F = 0).
Relations between the calculated curvatures can be characterized by the following dimen-

sionless coefficients:

kTEP =
(CTEP − CT )

CE
, kU =

(CTEP − CU )

CE
, (4.5)

where CT is the curvature due to purely thermal loading, CE is the curvature after elastic pre-
stressing, CTEP is the curvature after thermo-elastic-plastic processing and cooling, still under
mechanical load, CU is the final curvature, i.e., after the final unloading.
The coefficient kTEP represents the relation of the curvature change (CTEP − CT ) resulting

from thermo-mechanical processing to the curvature due to the initial elastic pre-stressing (CE).
The second coefficient, kU , shows how the curvature change due to the final unloading (CTEP − CU )
relates to the curvature after the initial elastic loading (CE). Within the region 50 < X < 110,
the value of the coefficient kTEP varies by less than 0.7% of the mean value 3.64, while the
value of the coefficient kU changes by less than 1.3% of the mean value 0.903. Hence, one can
conclude that the curvature resulting from the considered thermo-mechanical processing can be
estimated as a linear function of the curvature due to the elastic pre-stress:

CTEP = kTEPCE + CT , CU = CTEP − kUCE . (4.6)

The curvature change due to removal of the mechanical load describes the elastic response
opposite to the deformation produced during pre-stressing. However, it concerns the beam with
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the residual stress field after considerable plastic deformation. Hence, the value of the coefficient
kU is not exactly 1.

5. Conclusions

Phenomenological moment-curvature relations for the laser-assisted bending of a slender In-
conel 718 beam were formulated using the experimentally validated FEMmodel. For the analysed
body and its thermal and mechanical loading conditions, the curvature after the laser-induced
plastic deformation process can be estimated as a linear function of the curvature produced due
to the elastic pre-stressing. The analysis revealed the presence of pure thermally induced defor-
mation in the final change of the curvature. In processing 1mm thick material, using laser power
500W and feed rate 3.33mm/s, a safe time distance of at least 5.4 minutes is estimated between
the presence of high material temperature and the start of the precipitation processes. For the
effective laser-assisted bending, the external mechanical load should be applied consistently with
the deformation effect of the heat source alone, which under the considered conditions was the
convex bending. The determined moment-curvature relations can be used in the design and
optimization of thermo-mechanical processing.
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This study explores the shape transformation of 4D printed polylactic acid (PLA) specimens
activated by thermal stimulation above the glass transition temperature (Tg). Two methods were
explored: (1) triggering shape transformation in a rectangular prism, “Flower”, and “Spiderweb”
designs via hot water immersion; and (2) inducing shape transformation through Joule heating
using copper wires.
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1. Introduction

Fused filament fabrication (FFF), an extension of fused deposition modeling (FDM), is a 3D
printing technique that builds objects layer-by-layer while extruding a semiliquid material through
a nozzle (Ree, 2024). Material extrusion, or MEX, is a method that supports various thermo-
plastics, typically in the form of filaments. Polylactic acid (PLA) is biocompatible, ideal for
usage in medical applications (DeStefano et al., 2020), and biodegradable, which enables the
development of environmentally friendly blends (Yousefi et al., 2024).
Tibbits (2014) introduced the concept of 4D printing, which involves creating structures that

modify their properties in response to external stimuli such as heat, light, magnetic fields, or
pH changes. Smart materials which interact with stimuli can expand, contract, self-assemble,
or self-heal, resulting in movements or structural adaptations (Petras,cu et al., 2023). Shape
memory polymers (SMPs) are of interest due to their shape memory effect (SME). The SME in
SMPs refers to a material’s ability to recover or transform into a programmed shape.
In 3D printing, a PLA sample is programmed for shape transformation after fabrication. The

sample temperature (Ts) is raised above its glass transition temperature (Tg), which typically
ranges from 44 ◦C to 63 ◦C (Crawford & Quinn, 2017). Above Tg, the material softens, which
allows it to be deformed under an applied load into an intermediate shape. Under normal condi-
tions, the sample retains this new shape due to the viscoelastic properties of the polymer until
it is reheated above Tg, which triggers recovery to its programmed geometry, thus completing
the SME cycle (Riley et al., 2020).
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In 4D printing, PLA sample programming is determined by printing parameters. The printed
sample is considered an intermediate shape until Ts exceeds Tg, triggering the transformation
into the programmed shape (Hosseinzadeh et al., 2023). This transformation is driven by resid-
ual strain accumulated during the 3D printing process, influenced by temperature gradients and
cooling rates. By adjusting printing parameters, such as printing speed, layer thickness and print-
ing temperature, the amount of residual strain can be controlled (Wang & Li, 2020; Wu et al.,
2022). Figure 1 illustrates these programming approaches.

Fig. 1. Shape memory effect (SME): (a) 3D printing; (b) 4D printing; (c) residual strain levels
[adapted from (Hosseinzadeh et al., 2023)].

The activation of SME in PLA has been studied using various methods, including infrared
radiation (Ren et al., 2023), hot water immersion (Mehrpouya et al., 2021), and conductive
heating with resistive fillers like carbon black (Liu et al., 2024), carbon nanotubes (Gholizadeh
Ledari & Zolfaghari, 2025), and metal particles (Shao et al., 2020). These fillers often require
high voltage inputs; for example, Liu et al. (2019) used 70V to activate a PLA-based gripper
with carbon nanotubes.
Since higher filler content raises viscosity and necessitates more intensive mixing (Zhu et al.,

2021), its use presents challenges such as complex material preparation requiring uniform dis-
persion and strong interfacial bonding within the polymer matrix, as well as increased energy
demands (Wang et al., 2021). Moreover, PLA is inherently brittle, exhibits poor impact resis-
tance, low heat tolerance, and limited dimensional stability at high temperatures (Wang et al.,
2024). To address these limitations, this study explores a simple and cost-effective approach
to inducing shape transformation in 4D printed PLA specimens by embedding copper wires.
Thermal activation above the Tg is applied in two ways: (1) in a water environment, where
embedded copper wires control bending while mitigating the degradation of PLA’s mechanical
properties over time, and (2) in a non-fluid environment, where Joule heating of the embedded
wires activates shape transformation.
The paper is structured as follows: Section 2 describes the sample design, printing parameters,

and experimental setups for thermal stimulation using hot water immersion and Joule heating.
It also details two configurations for embedding copper wires. Section 3 presents and discusses
the results, starting with PLA’s shape transformation in hot water, followed by the effects of
embedded copper wires through Joule heating. Additionally, energy consumption is compared
between configurations. Finally, Section 4 summarizes the study’s findings.
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2. Experimental section

2.1. Materials

Specimens were 3D printed using the FFF technique on an Ultimaker Connect 2+ 3D printer.
The sample design is shown in Figs. 2a and 2c, with the corresponding printing parameters
(Fig. 2b). Bell-shaped holes (Fig. 2d) were integrated to enable the post-printing insertion of
copper wires. Two PLA filaments (2.85mm diameter) were tested: red (Copper 3D) and blue
(Ultimaker).

Fig. 2. Sample design: (a) isometric view; (b) printing parameters; (c) lateral view, sample dimensions
in millimeters, scale 1:2; (d) front view, bell-shaped holes, scale 1:16.

2.2. Testing procedure

Figure 3 presents the experimental setups designed to activate the shape transformation of
PLA specimens in two different scenarios. In the first setup, specimens were immersed in hot
water, with temperature regulated using a Zilan ZLN 4007 device, which employs a pump for
fluid recirculation and a thermoplunger for heating. In the second setup, copper wires were
embedded in the specimens and connected to a power supply delivering a constant 5A current.

Fig. 3. Experimental setups: (a) immersion in hot water; (b) Joule heating.
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Due to copper’s negligible resistance, only the current required regulation. The temperature was
monitored using a FLIR T440 thermal imaging camera.
The wire configurations are illustrated in Fig. 4. In the parallel configuration, four sepa-

rate 100mm wires were inserted individually, whereas the series configuration utilized a single
continuous 400mm wire. In both setups, after fabrication, 0.2mm diameter copper wires were
integrated into the specimens through bell-shaped holes.

Fig. 4. 2D schematic of wire configurations and current flow pathways within the specimens.

3. Results and discussion

3.1. Shape transformation via hot water immersion

The first part of the study involves immersing 4D printed PLA specimens in hot water,
which is a widely used method for activating shape transformation. Figure 5 illustrates the
specimens’ response in a water environment, where initially flat PLA samples undergo self-
bending. At 65 ◦C, both specimens exhibit noticeable bending, while at 75 ◦C and 85 ◦C, they
form coiled shapes. Notably, the red sample self-bends consistently, whereas the blue sample
displays asymmetrical self-bending, likely due to variations in residual strain and filament color.
The filament color affects PLA’s thermal properties, while printing temperature plays a key role
in achieving high crystallinity, which is essential for multiple SME cycles (Frunzaverde et al.,
2023; Cadete et al., 2025).

Fig. 5. Self-bending response of PLA specimens immersed in water at different temperatures.

The study further examines the shape transformations of PLA in hot water, focusing on
more complex geometries. Figure 6 illustrates flat specimens transforming into concave, petal-like
shapes when immersed at 70 ◦C. Similarly, Fig. 7 shows a spiderweb-shaped specimen undergoing
the same transformation.
Figure 8 illustrates the self-bending deformation of 4D printed PLA specimens both without

embedded wires (Sx) and with wires having a diameter of 0.2mm (S02), arranged in a parallel
configuration.
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Fig. 6. Shape transformation of flower-shaped specimens: (a) 3D printed parts; (b) front view after thermal
activation; (c) perspective view after thermal activation.

Fig. 7. Spiderweb sample shape transformation: (a) 3D printed part; (b) immersion in hot water;
(c) perspective view after thermal activation.

Fig. 8. Comparison of self-bending between specimens without integrated wires (Sx)
and specimens with integrated copper wires (S02).

The self-bending (Sb) for each specimen was calculated using Eq. (3.1), where L0 represents
the initial length and Lf the final length. Specimens without wires exhibited an average bending
deformation of 88%, consistent with findings by Ansaripour et al. (2024). In contrast, specimens
with embedded copper wires exhibited a bending deformation of 56%, reflecting a 32% reduc-
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tion. Each embedded wire contributed to an 8% decrease in self-bending, indicating that copper
wires can be utilized for controlled bending:

Sb =
Lf − L0

L0
× 100. (3.1)

Mechanical tests from the literature typically show a slight decline in material properties
after multiple cycles of deformation and recovery (Ehrmann & Ehrmann, 2021). In this context,
embedded wires can help preserve mechanical properties. In semi-crystalline PLA, heating times
influence crystallinity when temperatures exceed Tg, with higher crystallinity enhancing shape
fixity and recovery. This process is crucial for repeated deformation and recovery cycles, as it
forms ordered, spring-like structures that interconnect polymer chains. However, over time, PLA
can achieve sufficient crystallization through heat treatment (e.g., annealing), and this eliminates
the need for further crystallization (Da Cunha et al., 2023). Additionally, prolonged immersion
in water allows PLA to absorb moisture due to its hydrophilic nature, which acts as a plasti-
cizer, increasing macromolecular flexibility and lowering Tg, thereby facilitating shape recovery
(Zhang et al., 2020). These factors highlight the complex interplay between heat, environmental
conditions, and PLA’s shape memory response.

3.2. Shape transformation through Joule heating

3.2.1. Parallel configuration

In the first Joule heating scenario, four copper wires were embedded into a 3D printed sample
(Fig. 2) in a parallel configuration (Fig. 4) and connected to a DC power source, supplying 5A.
Temperature measurements were recorded every 15 seconds for up to 60 seconds, as shown
in Fig. 9. The results show a temperature increase from 26.4 ◦C to 33.3 ◦C over the entire
interval, with a total rise of approximately 7 ◦C. Even so, since the internal temperature did not
reach the Tg range, no shape transformation occurred. The highest temperature was recorded
at the positive terminal due to electron accumulation at the circuit’s exit, while the outer
wires exhibited lower heating efficiency due to heat dissipation into the environment. However,
reducing the wire length could enhance heating efficiency, making this setup more suitable for
localized heating applications.

Fig. 9. Monitoring the temperature in parallel wires configuration.

3.2.2. Series configuration

In the second Joule heating scenario, a single copper wire was embedded into a 3D printed
sample (Fig. 2) in a series configuration (Fig. 4) and connected to a DC power source, sup-
plying 5A. Temperature values recorded during the test are shown in Fig. 10. The results
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Fig. 10. Monitoring the Joule heating effect applied by integration of a single continuous copper wire.

indicate a faster temperature increase, from 46.3 ◦C to 84.1 ◦C, with a total increase of approx-
imately 38 ◦C within 60 seconds. The highest temperatures were observed at the sample’s ends,
where the wire changed direction, leading to increased electron collisions.
In the first 15 seconds, the temperature reached 46.3 ◦C, which is below the Tg range of

PLA and thus prevents any transformation. By 30 seconds, the temperature rose to 68.1 ◦C,
surpassing Tg; however, the material’s response was delayed. At 45 seconds, the temperature
reached 73 ◦C, causing the unattached end of the sample to begin bending, which prompted
a slight camera adjustment to capture the movement. By 60 seconds, the temperature reached
approximately 84 ◦C, and the bending became more pronounced, with heat distribution appear-
ing symmetrical within the sample.
Based on these findings, the series configuration may be effective for gripping applications.

A similar study by (Shao et al., 2020) used copper wires for localized heat transfer to activate
a biomimetic flower-shaped gripper.
Figure 11 illustrates the energy consumption over time for both parallel and series config-

urations. The results indicate an estimated power dissipation of approximately 5.35W. Since

Fig. 11. Energy consumption over time for parallel and series configurations.
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power directly influences the heating rate, the energy transferred increased linearly over time,
reaching approximately 160 J at 30 seconds and peaking at 321 J by the end of the interval.
The inset thermal images highlight the differences in temperature distribution between the

configurations. The parallel setup reached 28.6 ◦C, while the series configuration attained a sig-
nificantly higher value 78.2 ◦C. In contrast, studies utilizing conductive composites typically
require higher voltages, up to 60V (Liu et al., 2024) and 70V (Liu et al., 2019), due to their
higher electrical resistance, which restricts current flow and reduces heating efficiency.

4. Conclusions

This study explores the shape transformation of 4D printed polylactic acid (PLA) specimens
activated by thermal stimulation above the glass transition temperature (Tg) by two methods.
The key findings:
1) Hot water immersion: 4D printed PLA specimens, including rectangular prism, “Flower”,
and “Spiderweb” designs, exhibited shape transformation in hot water, highlighting po-
tential applications in biomedical engineering and environmental science (Da Cunha et al.,
2023). Additionally, embedding copper wires in rectangular prisms can help control bend-
ing, and may mitigate the degradation of PLA’s mechanical properties over time.

2) Joule heating: Two wire configurations were tested in a rectangular prism sample: parallel,
where separate wires were embedded, and series, where a single wire traversed the entire
structure. A 5A current was applied for 60 seconds, generating heat through Joule heating.
The parallel configuration did not generate enough heat to induce shape transformation,
as it required more time to reach the necessary temperature. Thus, this configuration may
be suitable only with a reduced wire length, and so it is potentially useful for localized
heating. In contrast, the series configuration produced bending similar to that observed in
hot water, thus highlighting its potential for actuation applications such as gripping.
Further research should examine the mechanical properties after multiple SME cycles, test

different wiring setups, and explore various wire material combinations. Additionally, localized
heating using embedded wires could enable controlled shape transformation in specific areas.
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This paper focuses on the compressive behavior of nine triply periodic minimal surface (TPMS)
structures and one stochastic geometry, designed through an implicit modeling approach and fab-
ricated using a stereolithography (SLA) technique. The compressive response is analyzed, with two
topologies outperforming the well-known gyroid, in terms of rigidity and yield strength. Low cyclic
testing at two strain levels highlights the good repeatability and stability of the proposed topologies,
while comparing the specimens from an energy absorption performance and residual deformation
perspective. The stochastic geometry exhibited the worst recovery rates, even though it had the
second-best energy absorption capabilities for the single compression testing.
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1. Introduction

Current literature provides many valuable observations regarding general mechanical prop-
erties, failure modes and possible applications of sandwich structures with metamaterial cores.
From constant cross-sectional structures such as honeycombs or chiral topologies, to complex
three-dimensional geometries such as cores based on interconnected ligaments, foams or fold-
able walls, all have been extensively studied and implemented in practical applications. However,
with the advancements in additive manufacturing technologies, very complex topologies can now
be generated and analyzed with methods involving an automated approach. A more detailed
classification of existing types of sandwich structures with metamaterial cores is presented in
(Feng et al., 2020; Lu et al., 2022; Yu et al., 2018).
Recent studies have shown a growing interest in exploring thin-walled structures based on

TPMS, particularly those produced using additive manufacturing techniques. Findings suggest
that these structures outperform traditional topologies in terms of rigidity, compressive strength,
energy absorption capabilities and mechanical behavior predictability (Al-Ketan et al., 2019;
Araya et al., 2024). These characteristics make TPMS-based geometries particularly appealing
for advanced engineering applications, including aerospace, automotive, and biomedical fields
(Cresswell et al., 2024; Gabrieli et al., 2024). Their mathematically defined periodicity allows
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for precise tailoring of mechanical properties, while advancements in additive manufacturing
technologies have facilitated the fabrication of these complex geometries, opening new possi-
bilities for optimizing material efficiency and structural resilience. Understanding and further
developing TPMS structures is, therefore, critical for advancing next-generation materials and
structural solutions.
Comprehensive investigations into the mechanical properties of commonly used TPMS struc-

tures, as highlighted by Gao et al. (2024), Ronca et al. (2019), Wei et al. (2024), Yang et al.
(2023), offer valuable insights into the different domains where such topologies can be used. Ad-
justing the dimensions and orientation of the representative cell or employing a gradient-based
design approach are methods for customizing the mechanical response of TPMS structures, in-
cluding their energy absorption capacity and overall stability. Key articles that provide insights
into how modifications to the fundamental geometry influence the mechanical properties include:
Novak et al. (2022), Ramı́rez et al. (2024), Song et al. (2024), Viet et al. (2023).
Research on TPMS structures has largely focused on analyzing the properties and perfor-

mance of predefined geometries, with little interest directed towards developing new types of
topologies. Thus, this paper aims to present the compression behavior of sandwich structures
with novel metamaterial cores, while understanding their mechanical properties, deformation
mechanisms and energy absorption capabilities through low cyclic compressive testing.

2. Sample definition and fabrication

This study focuses on analyzing the behavior of ten types of sandwich structures. The first
sample, the well-known gyroid, described initially by Schoen (1970), serves as a benchmark topol-
ogy frequently encountered in relevant literature. Alongside it, nine additional geometries were
proposed. The first eight are novel TPMS type topologies, based on continuous, self-supporting
and non-intersecting surfaces. These are described by the equations presented by Vasile et al.
(2024). The formulas are heuristically determined in order to obtain structures that do not need
internal supports, allowing for scalability of the topology and avoiding the generation of en-
closed chambers, which would be filled with resin or powder during the manufacturing process
and modify the final characteristics of the geometry. At the same time, the functions were chosen
in order to cover a broad range of topology types, that are currently being researched: bi-cameral
geometries (S1, S3, S8), re-entrant type 3D structures (S2), designs with wall thickness gradi-
ent (S5), small feature topologies (S6), lattice 3D arrangements (S7), geometries with layers
at an angle (S4, S9), foam-like structures (S10). Sample 10 is stochastically determined, with
struts conditioned to align with the z-direction, defined as perpendicular to the two sandwich
sheets, with an average distance between the ligaments of 3.5mm and with an average number
of ligaments intersecting at the same point being 6.
All the topologies were generated through an implicit approach method, using the nTopology

software to generate thin-shelled cells. Each representative volume element was defined as a cube
with 10mm sides, which was multiplied to generate the metamaterial core. It incorporated
3× 3× 3 such unit cells, to form a cube with 30mm sides, which was placed between two 3mm
sheets as to obtain the final sandwich geometry. The cell wall thickness was adjusted to maintain
a constant relative density of 0.3 across all the proposed samples.
All specimens were fabricated from the same material, in the form of a photosensitive polymer

resin, Tough 1500v1, using a Formlabs Form L stereolithography printer, with a layer thickness
of 50µm. The post-cured average mechanical properties established by us through tensile testing
are: ultimate tensile strength – 34.47MPa, tensile Young’s modulus – 1.29GPa, and elongation
at break – 26%. Post-processing of the samples was performed using an automated washing and
curing station. Details on the fabrication technique and geometry analysis of the samples are
presented in (Vasile et al., 2024). Figure 1 displays the printed samples after post-processing
and removal of lateral supports.
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Fig. 1. Ten topologies of printed samples.

3. Low cyclic compression testing

First, quasi-static uniaxial compression tests were carried out on the architected samples,
according to the ASTM D695 standard. Figure 2a highlights the compressive force as a function
of deformation for the proposed structures. The tests are presented in detail in (Vasile et al.,
2024).

Fig. 2. (a) Variation of compressive force as a function of deformation for the proposed structures;
(b) compressive force as a function of deformation for three tests carried out under identical conditions

for S1, S8 and S10.

While most samples provided a similar response in terms of loading force, S1, S8 and S10
stand out as outliers. S10 the stochastic structure, proved to be the geometry with the greatest
stiffness, exhibiting a higher yield force than the gyroid, but presenting an intense softening
effect in the plastic region, due to fracture of the struts. This, in turn, greatly affects the energy
absorption capabilities of the structure. Topology S8 exhibited a similar behavior to the gyroid,
with values corresponding to the yield point up to 31% higher than the gyroid counterpart.
However, unlike the gyroid, it exhibited internal cracks at high deformations of approximately
23% strain. These were observed in the outer surfaces of the specimen, but did not lead to
premature generalized failure and are a result of the generated thin walls when confining the
topology to a 30mm cube domain.
In order to validate the repeatability of the results obtained experimentally, subsequent tests

were carried out on the same type of specimens. Both the manufacturing and testing methods
were maintained constant. Figure 2b shows the plots of the loading force versus the deforma-
tion for three tests for three of the proposed topologies. A similar behavior is observed in the
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elastic region, with limited variation in the plastic zone, the largest deviations occurring for
the stochastic sample (S10), where the nature of the geometry generates lower repeatability.
During S8 testing, the same fractures of the outer walls were visible. However, during the three
tests, a maximum positive variation of up to 9% in the force corresponding to yielding was ob-
served, compared to the gyroid (S1) which had a maximum variation of only 7%. This variation
was attributed to insufficiently rigorous control following the printing procedure and during the
sample washing and treatment processes.
Cyclic uniaxial compression tests were performed to evaluate the energy absorption capac-

ity and recoverability of the proposed samples. Two complementary scenarios of loading and
unloading cycles were considered, using the same testing set-up, at a speed of 1mm/min.
In order to capture the behavior in the elastic region, the first scenario tested the samples

for 100 cycles, up to a deformation of 0.15mm (0.5% strain) from the initial undeformed config-
uration. After the testing was concluded, another cycle was conducted after one hour, in order
to study the recoverability of the specimens.
Figure 3a displays the compressive force as a function of deformation, for all 10 samples,

for the 1st (C1), the 100th (C100), and the 101st (C101) cycles of loading-unloading. This
additional cycle was captured, as already mentioned, one hour after the first 100 were finished,
in order to observe the recovery rate of the specimens. The scale has been maintained constant in
order to facilitate easier comparison between the samples. It can be seen that the evolutions are
in accordance with the results shown in Fig. 2a, with the unloading curves following a different
path, leading to hysteresis loops. These loops illustrate energy dissipation within the material,
caused by internal mechanisms such as atomic rearrangements and nonlinear effects. Also, all
the samples show a residual strain at the end of the cycle, which is due to the fact that the
recovery rate is lower than the 1mm/min speed used for tensile testing. The S10 stochastic
structure shows the highest hysteresis loop area during the first cycle, pointing to a better
energy absorption capability, while the structure S8 displays the highest stiffness.
It is noticeable that even though the loops continuously move towards lower values for loading

force and higher residual strain, the behavior is stable, with both the loading and unloading cycles
following similar patterns. The red curves which capture the additional cycle, overlap the first
cycle in almost all the specimens, showing that all the TPMS have good recovery capabilities.
An offset is visible in the case of S10, which means that the geometry did not fully return to
the initial dimensions during the one-hour interval considered for recovery. This proves that the
TPMS geometries exhibit better elastic recovery than the stochastic one, when subsequent tests
are performed.
When comparing the residual deformation during the first 100 cycles, as shown in Fig. 3b,

S8 proves to be the stiffest, with the lowest values of residual deformation, while S9 ranks first
and the gyroid occupies the 4th position. This highlights how fast the force-deformation loops
decrease in value, with S8 maintaining higher performance over a greater number of cycles.
Figure 3c shows the total amount of energy absorbed during loading for all the 100 cycles,

along with the quantity of this energy that is dissipated through the hysteresis. On average,
the hysteresis accounts for approximately 22% of the loading energy, with S8 being an outlier,
as only 18% of its energy is dissipated internally due to its lower residual deformation values.
It can be noticed that the stochastic topology S10 outranks the gyroid S1 in terms of energy
absorption. Additionally, as an interesting observation, the S5 topology, which was designed
with a wall thickness gradient along the axis of deformation (thickness being increased towards
the bottom of the specimen), demonstrates very good energy absorption capabilities compared
to the other specimens tested.
Figure 4a displays the energy absorption capabilities for the specimens during the 100 cycles

considered. While all the samples show a descending trend, toward a value where the damage
behavior stabilizes, it is clear that S10 (light-grey curve) has a slightly higher descending slope
during the first cycles. The values are also in accordance with the variations displayed in Fig. 2a.
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Fig. 3. (a) Cyclic compression results showing compressive force vs deformation plots for the 1st cycle
(blue), the 100th cycle (orange) and an additional cycle after one hour of recovery time (red) for all
topologies; (b) residual deformation accumulation during 100 cycles; (c) total energy absorbed and hys-

teresis for each topology during loading.

Fig. 4. Energy absorption variation during: (a) 100 cycles at 0.5% strain; (b) 50 cycles at 5% strain.

The second scenario presents the response of the samples over 50 cycles, up to a deforma-
tion of 1.5mm (5% strain), in order to capture the yielding and part of the plastic region.
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To assess residual strain, two additional tests were conducted: one after one hour and one af-
ter 12 hours, to better understand the recovery behavior over time. Figure 5a displays the
1st (C1), the 50th (C50) cycle, and the two additional cycles for each sample. It can be noticed
that the area of the hysteresis loop increases compared to the first scenario due to material
loading in the plastic region, revealing higher plastic deformation. The decrease in force values
with the number of performed cycles is also evident.

Fig. 5. (a) Cyclic compression results showing compressive force vs deformation plots for the 1st cycle
(blue), the 50th cycle (orange) and two additional cycles after one hour of recovery time (green) and 12 h
recovery time (red) for all topologies; (b) residual deformation accumulation during 50 cycles; (c) total

energy absorbed and hysteresis for each sample during loading.

The green curve, representing the additional cycle performed after one hour (C51-1h), shows
a lower compressive force, as the samples had not fully recovered to their initial shape. After
12 hours, however, most of the samples display similar evolutions to the first loading-unloading
test, some even having slightly better performances. S6 demonstrates the smallest variation in
performance among the 1st, the 51st (after 1 h), and the 52nd cycle (after 12 h) and the highest
recovery rate, due to the geometry being architected from more cells of thinner walls that relax
simultaneously. S10 exhibits the highest difference in recovery rates. A noticeable difference
exists between the initial cycle and the force-deformation plot corresponding to the 51st cycle
(C51-1h in Fig. 5). Even after 12 hours, the topology did not fully recover, given the fact that
the red curve for the 52nd cycle (C52-12h) and the blue curve for the 1st cycle (C1) do not
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fully overlap. This shows that the continuous nature of the TPMS geometries provides better
performances in terms of sample recovery and reusability.
Figure 5b shows that the stochastic geometry exhibits the highest value of residual defor-

mation, followed by S7 and S8. Given the change of slope after the elastic region, most of the
samples change their order compared to the first scenario. For example, the gyroid has a high
level of residual deformation during the first scenario, but the rate at which it is accumulated
decreases, so that during the second scenario it reaches the second-best position in terms of
rigidity. However, this is not the case for S8, which accumulates strain with the fastest rate,
changing from being the most rigid sample during the first scenario to the third-worst during
the first 10 cycles of the second one.
Figure 5c displays the energy absorption capacity for each sample over 50 loading and un-

loading cycles, as well as the portion dissipated as hysteresis. It can be noticed that S8 maintains
the best performance, while S10, which ranked second during the first scenario, dropped to the
5th place. This decline is attributed to the buckling of the struts, which causes premature soft-
ening and lower overall performance when more cycles are considered. Conversely, S6 exhibits
improved performance, ranking 6th from the initial 9th position due to its lower residual strain
accumulation. However, apart from S10 and S6, the ranking does not change, demonstrating the
stability of the manufacturing process, material and topology response.
It can be noticed in Fig. 4b that the energy absorption capabilities exhibit a trend similar to

that observed in the first scenario, where the damage behavior saturates after the first cycles.
Here, however, the S10 sample does not rank so high, dropping from 3rd place to 6th place after
the first 10 cycles. Also, S8 displays a steeper descending slope during the first 10 cycles, which
coincides with the region where the sample accumulates the highest value of residual deformation.
Beyond this region, the behavior stabilizes and the results are similar to the gyroid.

4. Conclusions

An implicit modeling approach was used to generate eight novel TPMS structures and one
stochastic geometry, whose compressive behaviors were compared to the existing gyroid topology.
Multiple samples were fabricated from a photo-polymeric resin, using an SLA technique.
Compressive testing revealed that topology S8 provided the best results in terms of yield

strength and energy absorption capabilities, while displaying a deformation type very similar
to the gyroid. Its yield strength values were up to 31% higher than those of the gyroid, which
ranked 3rd after the stochastic geometry. This topology, notated S10, demonstrated superior
stiffness in the elastic deformation zone and approximately 6% higher yield strength than the
gyroid counterpart.
All the samples were tested following two scenarios: the first involved 100 cycles of loading

and unloading up to 0.5% strain at a speed of 1.5mm/min, followed by one cycle after one hour
of recovery. The second scenario consisted of 50 cycles at 5% strain under the same loading
speed, followed by two additional cycles after one hour and another after 12 hours of recovery.
As expected, the hysteresis loops increased at higher strain values. During cyclic testing, these
loops decreased in area, stabilizing at approximately 75% of the loading force recorded during the
first cycle. Topology S10 exhibited a different deformation mechanism due to the local buckling
of the struts, which is also visible in the percentage of energy dissipated through hysteresis, only
44.4% of the total energy being absorbed. In comparison, S8 registered a hysteresis dissipation
percentage of 37%, while the gyroid only 34.1%.
From an energy absorption perspective, all the samples displayed a descendent trend that

saturated after several cycles. Topology S8 showed the best results during both scenarios. How-
ever, the gyroid had a lower residual deformation at higher strain levels, leading to a more stable
deformation over time, which improved the energy absorption capabilities when multiple cycles
were considered. Overall, both S8 and the gyroid S1 displayed similar energy absorption capa-
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bilities after the first 10 cycles, when S8’s behavior began to stabilize. The stochastic topology
S10 demonstrated the second-best energy absorption capabilities for one-time compression or
cyclic testing at low strain levels but ranked 6th during the second scenario due to the high
residual strain and low recovery rate.
After the first 100 cycles at 0.5% strain, the additional cycle performed after a recovery time

of one hour showed a nearly identical behavior to the first loading cycle. The only outlier was the
stochastic geometry which had a lower recovery rate than the TPMS specimens. Following the 50
cycles at 5% strain, the samples recovered to approximately 95% of the initial loading force after
a one-hour recovery period and fully recovered after 12 hours. However, the stochastic topology
recovered only 81% of the initial loading force after one hour and 96% after 12 hours.
Analyzing the results from all the cyclic tests performed, it was generally proven that TPMS

topologies possess excellent loading-unloading repeatability, displaying a foam-type elastic be-
havior with a high recovery rate. Low cyclic compressive testing highlighted that the proposed
TPMS topologies have a behavior showing high stability, and indicating their potential applica-
tion as shock dampers and cushioning components.
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8. Novak, N., Borovinšek, M., Al-Ketan, O., Ren, Z., & Vesenjak, M. (2022). Impact and blast resistance
of uniform and graded sandwich panels with TPMS cellular structures. Composite Structures, 300,
Article 116174. https://doi.org/10.1016/J.COMPSTRUCT.2022.116174

https://doi.org/10.1115/1.4041874
https://doi.org/10.1115/1.4041874
https://doi.org/10.1016/J.JSAMD.2023.100663
https://doi.org/10.1007/978-3-031-50304-7_28
https://doi.org/10.1177/1729881420921327
https://doi.org/10.1177/1729881420921327
https://doi.org/10.3390/MA17030654
https://doi.org/10.3390/MA17030654
https://doi.org/10.1016/J.EML.2024.102136
https://doi.org/10.1016/J.ENG.2021.12.023
https://doi.org/10.1016/J.COMPSTRUCT.2022.116174


Response of sandwich structures with novel TPMS cores under cyclic uniaxial compression 543
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This study compares the fatigue resistance of two standardized specimen geometries – dog-bone
and hourglass-shaped – made from Hardox 450 high-strength steel. Rotating bending fatigue tests
evaluated differences in fatigue durability. Strain gauge measurements and the FEM analysis showed
hourglass specimens had more uniform stress distribution and lower concentration effects. Fatigue
tests revealed an 8% higher fatigue limit for the hourglass specimens, probably due to the lack
of localized stress concentration at the transition between the radius and the cylindrical section.
These findings contribute to understanding how standardized specimen geometries influence fatigue
performance.
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1. Introduction

High-strength steels play a critical role in industries such as construction, automotive, and
aerospace, where their ability to withstand cyclic loading is essential for ensuring the long-
term reliability and safety of structural components. Fatigue resistance, a key material property,
directly impacts the performance and durability of components subjected to repeated loading.
Among the many factors influencing fatigue performance, the geometry of the specimen plays
a significant role in stress distribution and in the way cracks initiate and propagate during loading
cycles. Understanding how different geometries affect fatigue behaviour is therefore crucial for
optimizing the design and reliability of components (Chaurasiya et al., 2023; Okuda et al., 2019).
The shape and size of fatigue test specimens, such as dog-bone and hourglass geometries, can

lead to variations in stress concentrations and gradients under cyclic loading. These differences
can significantly influence the material’s fatigue life and its susceptibility to crack propagation,
which are of key importance to an engineering design. Fatigue testing provides valuable data
on how materials perform under these conditions, but reliable testing methods are necessary to
capture a comprehensive understanding of fatigue behaviour across a range of stress levels (Pan
et al., 2024; Hultgren & Barsoum, 2020).
This study aims to explore how the geometry of high-strength steel fatigue test specimens

influences their ability to endure cyclic loading. By investigating the effects of specimen shape
on stress distribution and fatigue life, this research aims to provide information to help design
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more durable and efficient components. Accurate fatigue data is essential for guiding the ma-
terial selection and component design, ensuring that structural elements perform optimally in
demanding applications (McClung, 1994; Hehenberger & Nilsson, 1982).

2. Experimental material and methods

This study investigates the impact of specimen geometry on the fatigue resistance of Har-
dox 450 high-strength structural steel, whose chemical composition and mechanical properties
are given in Table 1.

Table 1. Chemical composition and mechanical properties of Hardox 450 high-strength steel.

C
[wt.%]

Si
[wt.%]

Mn
[wt.%]

Cr
[wt.%]

Mo
[wt.%]

Nb
[wt.%]

B
[wt.%]

E
[GPa]

Rp0.2

[MPa]
Rm

[MPa]
A
[%]

KV−40

[J]
HB

0.2 0.39 0.8 0.45 0.01 0.05 0.001 210 1200 1400 10 40 420–475

The samples were fabricated from a 20mm thick steel sheet via machining. The gauge sections
were ground to a surface roughness of Ra = 0.05µm, followed by polishing to achieve a mirror-
like finish, ensuring optimal surface quality for subsequent analysis. The surface stresses of
hourglass-shaped and dog-bone-shaped test bars (Fig. 1) were analysed using a strain gauge
(HBM 1-LY11-1.5/120). Critical radius tolerances were maintained within ±0.02mm to ensure
accurate stress distribution. The strain gauge was positioned at the central part of the gauge
length on the opposite side of the applied bending moment. The test bars were subjected to
a gradually increasing bending moment, starting from an initial value of Mo = 2451.7Nmm and
progressing incrementally up to a maximum of 26968.2Nmm. The strain gauge detected the
strain change, and the stress on the test bars’ surface was calculated using DASYLab software.
ANSYS Workbench software was used to create the finite element method (FEM) model of the
test bars, set the boundary conditions, and carry out the meshing process. Rotating bending
fatigue tests were conducted using a Rotoflex machine on two types of test bars: dog-bone and
hourglass-shaped. The tests were performed at a loading frequency of f = 30Hz.

Fig. 1. Fatigue test bars with different geometry: (a) hourglass test bar; (b) dog-bone test bar.

3. Results

The FEM analysis identified the maximum stress concentration (σmax) of 76.3MPa in the
central area of the hourglass-shaped fatigue test bar under a bending load (Mo) of 2451.7Nmm.
The nominal stress at this bending moment was calculated to be 72.8MPa allowing to calculate
the stress concentration at the critical location, Kt = 1.05. In the FEM simulation of a dog-
bone-shaped fatigue test bar under the same bending load (Fig. 2), the maximum stress of
σmax = 76.9MPa was found in the transition radius area. The stress concentration at this point
is a little higher, Kt = 1.06.
Figure 3 compares stress changes in the gauge length of fatigue test bars. The stress changes

were obtained by the strain gauge measurement (shown in blue) and by FEM analysis (shown
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Fig. 2. Stress distribution and maximum concentration on the surface of fatigue test bars
with different geometry.

Fig. 3. Stress changes on the surface of the test bars (FEM – orange; strain gauge – blue):
(a) hourglass fatigue test bar; (b) dog-bone fatigue test bar.

in orange). The results indicate that at the maximum bending load (Momax) of 26968.3Nmm
for the hourglass-shaped test bar, there was a 25% difference. For the dog-bone test bar, there
was a 37% difference under the same bending load. The observed differences are probably
caused by errors in the positioning of the strain gauge. Part of the error may result from the
strain gauge being adhered at an angle, while another part may arise from the test speci-
men being slightly rotated during the measurement. This rotation could lead to a portion of
the strain gauge’s measuring base not being aligned with the lowest point of the presumed
extreme fibre.
Based on the Wöhler curves depicted in Fig. 4, it is evident that the fatigue limit (denoted

as σc) occurs at a specified number of cycles Nf = 107. For the hourglass-shaped fatigue test bar,
the value of σc1 = 723MPa, and for the dog-bone-shaped test bar, the value of σc2 = 670MPa.
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Fig. 4. Wöhler curves: blue – hourglass-shaped fatigue test bar;
red – dog-bone-shaped fatigue test bar.

Hourglass fatigue test bars clearly showed a higher fatigue strength compared to dog-bone test
bars. Compared to the study (Ulewicz et al., 2017), which used the same experimental mate-
rial, but under different testing conditions, the differences between results are likely attributed
to differences in specimen geometry, surface preparation, and the specific test conditions, in-
cluding loading frequency and cooling methods. These factors could influence the material’s
fatigue behaviour, thereby affecting the fatigue limits observed under different experimental
setups.
Fatigue tests showed an 8% higher fatigue limit for hourglass-shaped specimens compared

to dog-bone-shaped specimens, primarily due to reduced stress concentration at the radius tran-
sition. Finite element analysis confirmed that fatigue failure occurred in the areas of maximum
stress concentration: the central shaft for hourglass specimens and the transition radius for dog-
bone specimens (Fig. 5). This highlights the significant role of specimen geometry in fatigue
performance.

Fig. 5. Regions of maximum stress concentration and fatigue failure in test bars with different geometry:
(a) hourglass test bar; (b) dog-bone test bar.

Fractographic analysis in Fig. 6 revealed subsurface fatigue crack initiation in hourglass-
shaped specimens, while surface initiation was observed in dog-bone specimens. Both specimen
types showed transcrystalline fatigue failure with striations and ductile fracture with fine dimple
morphology in the final fracture zone.
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Fig. 6. Fractographic analysis of fractured surfaces after fatigue testing of test bars with different geometry.

4. Conclusions

This study highlights the influence of specimen geometry on the fatigue resistance of Har-
dox 450 high-strength structural steel. Based on the findings, the following conclusions can be
drawn:
– experimental and computational evaluations revealed significant differences in stress con-
centration patterns between the two geometries. The hourglass test bar exhibited a more
uniform and favourable stress distribution compared to the dog-bone counterpart, suggest-
ing its superior design for reducing stress concentrations;
– the hourglass specimens exhibited an 8% higher fatigue limit than the dog-bone specimens,
primarily due to reduced local stress concentration at the radius transition. This highlights
the significant impact of specimen geometry on fatigue performance;
– distinct crack initiation modes were observed: subsurface initiation in hourglass specimens
and surface initiation in dog-bone specimens. Both exhibited transgranular fatigue failure
with characteristic fine dimple fracture morphology, underlining consistent failure mecha-
nisms across geometries.
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While the standardized corner radii of both test specimens represent typical structural ge-
ometries, small variations could influence fatigue performance. A larger radius may reduce stress
concentration and improve fatigue resistance, but the impact depends on other factors such as
specimen size, loading conditions, and surface quality.
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This study investigates the fatigue damage development in MAR-M247, a nickel-based superalloy
with aluminide coating, using the digital image correlation (DIC) technique. The alloy’s microstruc-
tures, including fine, coarse, and columnar grains, were analyzed to understand their influence on
fatigue crack initiation and propagation. Fatigue tests were conducted at room temperature under
controlled force, with strain evolution monitored through non-contact full-field DIC measurements.
Results revealed that fine-grained MAR-M247 exhibited superior fatigue resistance due to uni-
form strain distribution, while coarse-grained and columnar structures showed pronounced strain
localization and earlier crack initiation. The application of aluminide coatings did not significantly
affect strain distribution across the different microstructures but highlighted complex interactions
between coating and grain structure under cyclic loading. These findings provide critical insights
into optimizing the performance of MAR-M247 for high-stress applications.

Keywords: fatigue; coatings; nickel alloys; digital image correlation.

Articles in JTAM are published under Creative Commons Attribution 4.0 International.
Unported License https://creativecommons.org/licenses/by/4.0/deed.en.
By submitting an article for publication, the authors consent to the grant of the said license.

1. Introduction

Nickel-based superalloys such as MAR-M247 are extensively used in high-performance ap-
plications, including gas turbine blades and aerospace components, due to their exceptional
strength, thermal stability, and resistance to oxidation and corrosion at elevated temperatures
(Kukla et al., 2020). The complex, precipitation-strengthened microstructure of MAR-M247 is
designed to maintain mechanical integrity under extreme conditions. However, the alloy’s sus-
ceptibility to fatigue damage, especially under cyclic loading conditions, necessitates advanced
techniques to monitor and predict failure mechanisms. One should highlight that the fatigue
behavior of MAR-M247 is complex and highly dependent on temperature, stress conditions,
and microstructural characteristics. At room temperature and intermediate temperatures, fa-
tigue failure is typically dominated by crack initiation at microstructural defects such as casting
pores, carbide particles, or inclusions (Kopec, 2023). These defects act as stress concentrators,
leading to early crack formation. The propagation of fatigue cracks in this regime is mostly
transgranular, following crystallographic slip planes due to the alloy’s high strength and resis-
tance to grain boundary sliding. At high temperatures (above 800 ◦C), fatigue behavior becomes
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more influenced by environmental factors, particularly oxidation and creep (Šulák et al., 2016).
Oxidation-assisted fatigue leads to the formation of oxide layers along the crack path, which can
accelerate crack growth by embrittling the surrounding material and reducing the effective load-
bearing cross-section. Additionally, creep-fatigue interaction plays a crucial role, where sustained
loads during cyclic loading allow time-dependent plastic deformation (creep) to contribute to
crack growth, often leading to intergranular fracture as grain boundaries become weaker due
to oxidation and the formation voids (Kopec, 2024a).
Digital image correlation (DIC) has emerged as a powerful tool for monitoring fatigue dam-

age in metallic materials. By providing full-field, non-contact strain measurements, DIC enables
precise tracking of strain localization, crack initiation, and propagation under various loading
conditions. When applied to MAR-M247, DIC offers insights into how its microstructural charac-
teristics influence fatigue behavior, particularly in the presence of protective aluminide coatings.
The microstructure of MAR-M247 can be tailored into fine-grained, coarse-grained, or colum-

nar configurations, each offering distinct mechanical properties (Garimella et al., 1997). Fine-
grained structures are generally isotropic and exhibit improved resistance to crack initiation
due to grain boundary strengthening. Coarse-grained structures, with larger grains, tend to
concentrate strain at grain boundaries, making them prone to early crack initiation. Columnar
structures, characterized by elongated grains aligned along the solidification direction, introduce
significant anisotropy, affecting strain localization and fatigue performance. The addition of alu-
minide coatings further complicates this behavior. These coatings provide enhanced resistance to
oxidation and hot corrosion but can introduce residual stresses and modify surface strain distri-
butions (Kopec, 2024b). Investigating how these coatings interact with different microstructures
during fatigue loading is critical to optimizing MAR-M247’s performance in service.
This study employs DIC to examine the strain distribution and localization in fine-grained,

coarse-grained, and columnar MAR-M247 during fatigue. Emphasis is placed on understanding
how microstructural features influence fatigue crack initiation and propagation, as well as the
role of aluminide coatings in altering strain evolution and fatigue life. By correlating DIC results
with microstructural observations, this work aims to provide deeper insights into the complex
interplay between material microstructure, surface coatings, and fatigue damage mechanisms.

2. Materials and methods

The initial microstructure of MAR-M247 of chemical composition presented in Table 1 varies
based on casting conditions, producing fine, coarse, or columnar structures of the average grain
size around 0.5mm, 2.5mm, and 5mm, respectively (Fig. 1). In fine-grained forms, rapid cool-
ing yields small, equiaxed grains with uniformly distributed gamma γ matrix and γ′ precipi-
tates (Fig. 1a), enhancing moderate-temperature strength and fatigue resistance. Coarse-grained
structures, formed through slower cooling, feature larger grains (Fig. 1b) with an uneven precipi-
tate distribution, improving high-temperature creep resistance but reducing fatigue performance.
Columnar structures (Fig. 1c), common in directional solidification processes, exhibit elongated
grains aligned along the growth direction, optimising creep and thermal fatigue properties in
turbine blades due to reduced grain boundary sliding. Carbides and borides are present in all
structures, influencing mechanical stability and crack resistance. Subsequently, aluminide coat-
ings were applied through the Chemical Vapor Deposition (CVD) process with the optimized
parameters (Kukla et al., 2020) presented in Table 2.

Table 1. Chemical composition of MAR-M247 nickel based superalloy [wt.%].

C Cr Mn Si W Co Al Ni

0.09 8.80 0.10 0.25 9.70 9.50 5.70 bal.
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Fig. 1. Initial microstructures of MAR-M247: (a) fine; (b) coarse; (c) column-grained.

Table 2. CVD process parameters (Kukla et al., 2020).

Deposition temperature Internal pressure Protective atmosphere Deposition time Coating thickness

1040 ◦C 150mbar hydrogen 8 hours 20µm

Fatigue testing was conducted using the MTS 810 testing system (MTS System, Minnesota,
USA) equipped with a standard MTS extensometer on specimens presented in Fig. 2. Uniaxial
tensile evaluations were performed at a strain rate of 2× 10−4 s−1 using five specimens. Fatigue
assessments at room temperature (23 ◦C) were force-controlled with zero mean load, constant
stress amplitude, and a frequency of 20Hz. Each test was repeated at least twice to ensure con-
sistent and reliable results. The stress amplitude range of 350MPa to 650MPa was determined
based on the conventional yield strength derived from the tensile test. The strain evolution was
monitored using DIC Aramis 12M setup.

Fig. 2. Engineering drawing of coated MAR-M247 specimen for mechanical testing.

3. Results and discussion

The stress-strain curves for investigated MAR-M247 were presented in Fig. 3a. It was found,
that all initial microstructures are characterized by similar yield strength of about 820MPa, while

Fig. 3. Tensile (a) and fatigue (b) response of MAR-M247 alloy with three different initial microstructures
and coating thickness of 20µm.
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the ultimate tensile strength and elongation are slightly higher for the fine grain. Subsequent
fatigue testing revealed significantly improved response of fine-grained MAR-M247 reflected by
the increased number of cycles to failure (Fig. 3b). The analysis of fatigue behavior at stress
amplitude of 600 MPa using DIC revealed distinct strain distribution patterns associated with
the alloy’s initial microstructures (Fig. 4). Each microstructure displayed unique strain evolution

Fig. 4. Strain distribution in aluminized MAR-M247 subjected to stress amplitude of 600MPa.
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characteristics that significantly influenced fatigue crack initiation and propagation, underscor-
ing the critical role of microstructure in determining the alloy’s mechanical performance (Šulák &
Obrtĺık, 2025). Fine-grained MAR-M247 exhibited the most uniform strain distribution among
the studied microstructures. DIC images showed minimal strain localization at early stages of
cyclic loading. This behavior is attributed to the high density of grain boundaries in fine-grained
structures, which act as barriers to dislocation motion, effectively distributing strain through-
out the material. During fatigue loading, the delayed onset of localized strain bands and the
lower severity of strain gradients contributed to prolonged resistance to crack initiation. These
findings highlight the advantages of fine-grained MAR-M247 in applications where fatigue resis-
tance is a priority. In coarse-grained MAR-M247, DIC captured pronounced strain localization
more likely at grain boundaries. The larger grain size reduces the number of boundaries, con-
centrating strain in fewer locations and promoting early crack initiation. Strain maps revealed
sharp gradients and isolated hotspots, corresponding to regions of microstructural discontinu-
ity. These results align with the known anisotropic behavior of coarse-grained materials, where
strain accumulation is less uniformly distributed, making them more susceptible to fatigue dam-
age (Garimella et al., 1997). The columnar microstructure presented a highly isotropic strain
distribution, as observed in the DIC strain maps. Strain localization was strongly oriented along
the grain aligned with the columnar grain growth direction which was also pararel to loading
direction. One should highlight, however, that the application of aluminide coatings do not in-
fluence strain distribution across all microstructures as the strain areas represents directly grain
interaction during cyclic loading.
The plastic strain accumulation capacity for each MAR-M247 microstructure significantly

influences its fatigue life, as observed by the DIC analysis. Fine-grained MAR-M247 exhibited
the highest plastic strain accumulation capacity due to its numerous grain boundaries, which
effectively distributed strain and delayed localized deformation, resulting in superior fatigue
resistance. Coarse-grained structures, with fewer grain boundaries, showed more pronounced
strain localization, particularly at grain boundaries, leading to early crack initiation and reduced
fatigue life. The columnar microstructure displayed anisotropic strain distribution, with strain
localization aligning along the columnar grain growth direction, influencing fatigue performance
depending on the loading orientation. The aluminide coatings did not significantly alter strain
distribution across the different microstructures, indicating that the grain structure remains
the dominant factor in fatigue behavior. Overall, fine-grained MAR-M247 demonstrated the
best fatigue resistance due to its ability to accommodate plastic strain more uniformly, while
coarse and columnar structures were more prone to early fatigue failure due to localized strain
accumulation. A material with higher plastic strain accumulation capacity often has a lower
service life because excessive plastic deformation accelerates fatigue damage mechanisms (Paul,
2025). Repeated plastic straining leads to localized stress concentrations, promoting early crack
initiation at microstructural defects like grain boundaries and inclusions. Once cracks form,
they propagate faster under cyclic loading, reducing fatigue life. Additionally, materials with
high plastic strain tend to experience softening due to dislocation motion, making them more
susceptible to failure (Paul, 2025). In high-temperature environments, accumulated strain also
contributes to creep-fatigue interactions and oxidation-assisted crack growth, further diminishing
durability. While beneficial in monotonic loading, excessive plastic strain in fatigue conditions
accelerates microstructural deterioration, ultimately shortening service life.

4. Conclusions

The DIC data demonstrated that initial microstructure plays a critical role in determining
strain evolution and fatigue behavior in MAR-M247. Fine-grained structures exhibited superior
fatigue resistance due to their ability to distribute strain uniformly, while coarse-grained and
columnar structures showed greater strain localization, leading to earlier crack initiation. The
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interaction of aluminide coatings with these microstructures introduced complex strain redistri-
bution patterns, which require careful consideration when designing components and applying
coatings.
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This study examines the yield surface evolution of technical copper (CP-Cu) under complex load-
ing, focusing on monotonic tension and combined tension with cyclic torsion. Using biaxial testing,
initial and pre-deformed yield surfaces were analysed. Results indicate kinematic hardening with
tensile pre-strain, while cyclic torsion induces anisotropic hardening at lower amplitudes (±0.1%)
and softening at higher amplitudes (±0.2%). Strain amplitude significantly impacts material re-
sponse, while frequency has a minor effect.
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1. Introduction

Copper, a versatile and highly conductive material, serves as a fundamental element in var-
ious engineering and industrial applications due to its exceptional mechanical, thermal, and
electrical properties. Its alloys, such as bronze and brass, further expand its utility by enhancing
characteristics such as strength, corrosion resistance, and wear resistance (Zhang et al., 2024).
Copper and its alloys are extensively used in sectors like electronics, electrical engineering,
construction, automotive, and aerospace industries. The mechanical properties of copper, such
as ductility, toughness, high thermal conductivity (400W/m ·K), high electrical conductivity
(5.8× 107 S/m), and low electrical resistivity (1.72× 10−8Ω), make it indispensable for manufac-
turing heat exchangers, electrical wires, printed circuit boards, and architectural elements (Va-
hedi Nemani et al., 2024). However, understanding the mechanical behaviour of copper under dif-
ferent manufacturing conditions and loading situations is crucial for optimizing its performance
and reliability in these applications. The mechanical properties of copper are closely related to
its purity, microstructure, and the presence of alloying elements. Pure copper exhibits excellent
ductility and thermal conductivity, with a tensile strength usually ranging between 200MPa
and 300MPa and an elongation at break of up to 50% in annealed conditions (Guschlbauer
et al., 2018; Li & Zinkle, 2012). Its yield strength is comparatively lower, approximately 70MPa
in a pure, annealed form, but can be significantly enhanced through alloying and work-hardening
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(Guschlbauer et al., 2018; Lai et al., 2022). For example, copper-zinc alloys (brass) provide im-
proved strength and machinability, with yield strengths reaching up to 600MPa, while copper-tin
alloys (bronze) are favoured for their corrosion resistance and higher tensile strength, reaching
up to 700MPa (Scudino et al., 2015; Semih & Recep, 2023; Wu et al., 2013).
Applications in the electrical industry demand high conductivity, which necessitates minimal

alloying. In contrast, structural and mechanical applications prioritize strength and wear resis-
tance, often achieved through alloying with elements like aluminium, titanium, silicon, or nickel
(Czerwinski, 2024; Pingale et al., 2021; Zhou et al., 2023). The interplay of these properties
underlines the need for a detailed understanding of the material’s mechanical behaviour during
various manufacturing processes.
Manufacturing techniques significantly influence the mechanical properties of copper and

its alloys. Processes such as casting, forging, extrusion, rolling, and additive manufacturing in-
troduce variations in grain size, texture, and residual stress, which affect yield strength and
deformation behaviour (Jiang et al., 2021; Zhang et al., 2024). Several studies have investi-
gated the impact of pre-deformation and manufacturing techniques on the mechanical prop-
erties of copper and its alloys. Pre-deformation, such as cold rolling or tension, modifies the
microstructure of copper by inducing dislocations and work hardening. For example, Stepanov
et al. (2012) demonstrated the effect of cold rolling on the microstructure and mechanical prop-
erties of copper processed via equal channel angular pressing (ECAP). It reveals that cold
rolling transforms the equiaxed grains formed during ECAP into a lamellar structure. This
process enhances yield strength by 100MPa due to reduced boundary spacing, aligning with
the Hall–Petch relationship. Additionally, dynamic restoration increases high-angle boundary
fractions, reflecting microstructural refinement and strengthening. Sungar Singh Sivam et al.
(2023) examined unidirectional rolling (UDR) and cross-rolling (CR) of pure copper, revealing
distinct mechanical responses. UDR achieves higher tensile strength (324MPa) and hardness
(98.2HV) compared to CR (310MPa and 95.4HV, respectively) at a true strain of 2.77. UDR in-
duces elongated grains and higher stored energy (0.69 J/g), while CR forms equiaxed grains
with reduced anisotropy and lower stored energy (0.54 J/g). These microstructural changes,
driven by deformation modes, explain the variations in mechanical properties. Results of re-
search conducted by Pan et al. (2023) revealed significant enhancement in mechanical proper-
ties of pure copper processed with low-angle dislocation boundaries (LADBs). Initial coarse-
grained (CG) copper had a yield strength of 61MPa, tensile strength of 231MPa, and a fa-
tigue endurance limit of 50MPa (fatigue ratio 0.24). After LADBs introduction, dislocation-
cell-structured (DC) copper exhibited a yield strength of 372MPa, tensile strength of 374MPa,
and a fatigue endurance limit of 130MPa (fatigue ratio 0.35). This improvement is attributed
to nanoscale dislocation patterns, reducing surface roughening and enhancing cyclic loading
resistance.
The study of yield strength and yield surface evolution in copper and its alloys has been

an active area of research. The yield surface is a graphical representation of the stress states at
which a material begins to deform plastically. The yield surface reflects anisotropy and hardening
behaviour, providing insights into the material’s deformation mechanisms under complex loading
conditions. This analysis of copper enables the design of components that can withstand mul-
tiaxial stresses encountered in practical applications, such as piping systems, automotive heat
exchangers, and structural elements in buildings. Mair and Pugh (1964) analysed thin-walled
tubes of annealed copper pre-strained to the values of 1.3%, 4.7%, and 8.5% in tension or
0.25%, 1.5%, and 3% in torsion, respectively. The results demonstrated yield locus expansions
and cross-effects in both cases, such that tensile pre-strain increased torsional yield stress and
torsional pre-strain increased yield stress in tension, contrary to the expectations of isotropic
hardening. The torsional pre-strain displayed a significant Bauschinger effect, with the magni-
tude increasing with the increase in the pre-strain level. Hecker (1971) investigated yield surface
evolution in annealed OFHC copper subjected to biaxial stress. Specimens pre-strained via
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axial tension and internal pressure showed significant yield surface distortions and directional
anisotropy at small proof strain (5µε) levels. The initial yield surface expanded and translated
in the direction of pre-strain either in axial or circumferential pre-strain and, for biaxial pre-
strains, distorted in the vicinity of the loading point. Larger proof strains (2000µε) mitigated
these effects, resulting in isotropic expansion. Dietrich and Kowalewski (1997) explored the im-
pact of pre-deformation on the yield surface of 99.9% pure copper subjected to pre-strains of 5%
and 15% of tension creep at 523K and monotonic tension at ambient temperature. The inves-
tigations revealed that initial yield surfaces align with the isotropic Huber–von Mises criterion,
but even minor plastic deformation introduces anisotropy. Pre-strain causes a disproportionate
increase in yield surface axes, with monotonic loading inducing greater shifts than creep due to
elevated-temperature exposure. Additionally, the major-to-minor axis ratio of the yield surface
decreases significantly with small plastic pre-strain and stabilizes for higher pre-deformation for
both pre-strain cases. These findings emphasize the role of deformation mechanisms in altering
yield surface geometry and material anisotropy. This can be attributed to stress-induced texture
development and subgrain formation that extended creep life and yield strength, with secondary
creep rates reduced significantly for pre-strained copper. Helling et al. (1986) analysed multi-
axial yield loci in 70:30 brass under torsional pre-strains ranging from 2.4% to 32%. Severe
distortions and strong directional memory effects were observed, with yield surface translations
of up to 80% in comparison to the initial yield locus. Microstructural findings showed pro-
nounced twin boundary motion and strain-induced grain refinement, contributing to yield locus
shifts. The study also investigated the effects of directionality on yield surface distortion, i.e.,
the orientation of the flattened region on the yield locus. The results indicate that yield surface
distortion is largely independent of the pre-stress path but is significantly influenced by the
pre-strain path, with the final pre-strain direction exerting a dominant effect. A recent research
conducted by Liu et al. (2023) investigates the yielding behaviour of TU00 pure copper under
strain rates ranging from 10−3 s to 103 s using a servo-hydraulic axial-torsional testing machine
and a combined tension-torsion Hopkinson bar system for dynamic tension-torsion tests. Yield
stress increased significantly with the strain rate, from 120MPa to 190MPa, highlighting the
strain rate dependency. The modified Hill yield criterion, incorporating strain rate effects, pro-
vided the most accurate predictions of yield points, while emphasizing that strain rate hardening
is anisotropic with notable differences in tensile and torsional responses. A universal strain rate
hardening model integrating the Johnson–Cook constitutive framework effectively described the
work hardening behaviour of copper under complex stress states, aligning well with experimental
data and demonstrating the limitations of uniaxial tensile tests alone for describing the strain
hardening behaviour of TU00 copper.
Although substantial progress has been made in understanding the mechanical behaviour

and the yield surface evolution of copper and its alloys, still several gaps remain. The effects
of complex pre-deformation and multiaxial stress loading on the yield surface evolution have
not been fully studied. Therefore, the main aim of this paper is to determine experimentally
the initial yield surface of CP-Cu alloy, followed by subsequent yield surfaces reflecting plas-
tic pre-deformation. The pre-deformation was introduced by monotonic tension and combined
monotonic tension – proportional cyclic torsion loadings. By advancing the understanding of
the yield surface evolution, this research seeks to provide insights for optimizing the mechanical
performance of copper in various engineering applications.

2. Materials and methods

The material used in this study was commercially pure copper (CP-Cu). The copper bars
used in this study were obtained in the M1E-Z4 condition, which corresponds to the Cu-ETP
(M1E; E-Cu58) state. The copper bars were machined into thin-walled tubular specimens with
identical inner and outer surface finishes, using consistent turning parameters to ensure unifor-
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mity. The specimen geometry is illustrated in Fig. 1. Mechanical testing was conducted utilizing
an MTS 858 servo-electrohydraulic biaxial testing machine at room temperature (23 ◦C). This
system has a maximum axial force capacity of ±25 kN and a maximum torque of ±100Nm.
Uniaxial tensile tests were initially performed to determine the basic mechanical properties, in-
cluding the conventional yield strength. Based on the stress-strain response, the pre-deformation
criterion was defined.

Fig. 1. Engineering drawing of the specimen.

Vishay 120Ω strain gauges were affixed in the middle of the outer surface of the gauge sec-
tion for the purpose of measuring and controlling strain components. Axial and shear strain
components were recorded using a three-element 45◦ rectangular rosette (EA-05-125RA-120)
with a 3.18mm gauge length, while hoop strain was measured using a linear pattern rosette
(EA-13-062AK-120) with a 1.57mm gauge length. The strain gauges were bonded using
M-Bond 610 adhesive, ensuring precise data acquisition. The three-element rosette configuration
included a strain gauge aligned with the specimen’s longitudinal axis for axial strain measure-
ment, while the remaining two gauges, positioned at +45◦ and −45◦, formed a half-bridge circuit
to measure shear strain. The hoop strain was measured using a separate half-bridge circuit per-
pendicular to the longitudinal axis (Dubey et al., 2023). This setup, directly integrated with
the testing machine controller, enabled accurate strain monitoring and control throughout the
experiments.
To determine the initial and subsequent yield surfaces of CP-Cu, a single-specimen sequential

probing technique was employed under strain-controlled loading. The loading sequence began
with tension and returned to the same direction after completing all predefined stress paths. Each
loading path started from the zero stress state and continued until a limited plastic offset strain
of 0.02% was reached, after which stress-controlled unloading was performed until the zero stress
state. Yield points were determined using the specified offset strain method, defining yield as the
point where the equivalent stress-strain curve deviated by 0.01% from the elastic response in
each loading direction (Kopec et al., 2024). The numerical computation of the yield surface was
conducted using the Szczepiński anisotropic yield criterion, and experimental yield points were
fitted to the yield equation using the least squares method to ensure accuracy in characterizing
the anisotropic mechanical behaviour of CP-Cu. The Szczepiński yield criterion extends the
von Mises and Hill models by incorporating linear stress terms to account for deformation-
induced anisotropy and the Bauschinger effect, capturing the directional dependence of the
yield strength.
The experimental study of CP-Cu was carried out in three stages following a structured

methodology. Firstly, the fundamental mechanical properties of CP-Cu were characterized.
Thereafter, plastic pre-deformation was introduced in the specimens through two approaches:
(a) monotonic tension loading up to 1% of permanent strain, and (b) a combination of mono-
tonic axial tension up to the same strain level with proportional cyclic torsional loading. The
cyclic torsional loading was performed at two strain amplitudes (±0.1% and ±0.2%) and two
frequencies (0.5Hz and 1Hz), as CP-Cu achieved a very limited value of axial stress (15MPa)
at the 1% axial pre-strain value at a higher strain amplitude equal to ±0.4%, at a frequency
of 0.5Hz. Finally, the initial yield surface of the as-received CP-Cu was determined, along with
the yield surfaces of the pre-deformed specimens.



Experimental identification of CP-Cu yield surface and its evolution due. . . 561

3. Results and discussion

3.1. Mechanical properties of as-received material

Tensile tests were performed on solid tubular and thin-walled samples at room temperature
at a constant strain rate of 0.005 s−1. Figure 2a shows the engineering stress-strain curve of
CP-Cu, and its tensile properties are listed in Table 1. The minor variations in tensile results
shown in Fig. 2a for both solid tubular and thin-walled specimens can be attributed to differences
in specimen geometry, which may influence stress distribution and deformation characteristics.
Comparing these findings with existing literature data is challenging, as the mechanical prop-
erties of commercially pure copper are highly sensitive to factors such as grain size, purity,
processing, and heat treatment conditions. For reference, previous studies (Guschlbauer et al.,
2018; Jadhav et al., 2021) report yield strengths ranging from 70MPa to 300MPa and tensile
strengths between 150MPa and 450MPa, depending on these variables. The yield and ten-
sile strength values obtained in this study fall within these ranges, suggesting consistency with
established trends while also emphasizing the inherent variability in mechanical properties due to
processing conditions. Figure 2b presents the effective stress-strain curves comparing the material
behaviour of thin-walled specimens subjected to tension, tension-torsion, and pure torsion. The
stress-strain curves for torsion and tension-torsion loading closely overlap, whereas the curve for
tension loading deviates significantly from the other two loadings, which indicates that the same
material exhibits distinct mechanical responses under different loading conditions. These vari-
ations can likely be attributed to the initial anisotropy introduced during the manufacturing
process, which affects how the material accommodates different stress states. This anisotropy
influences the deformation mechanisms, leading to differences in stress distribution and strain
accumulation under various loading paths.

Fig. 2. (a) Tensile stress-strain response of solid and thin-walled CP-Cu specimens;
(b) comparison of CP-Cu behaviour under various loading conditions.

Table 1. Mechanical properties of commercially pure copper.

Rp0.2 [MPa] Rm [MPa] A [%] E [GPa]

Solid specimen 286 (±2) 297 (±1) 22 (±1) 112 (±1)
Tubular specimen 264 (±2) 274 (±1) 21 (±1) 110 (±1)

ASTM standard (C11000) (Davis, 2001) 69–365 221–455 4–55 –

3.2. Mechanical response of CP-Cu under complex loading

The effect of the cyclic torsion with varying strain amplitudes and frequencies on the mono-
tonic tensile behaviour of CP-Cu was investigated. The main aim was to induce plastic pre-
deformation and examine changes in tensile characteristics under torsion-reverse-torsion cycling.
Figures 3a and 3b demonstrate that the tensile characteristics of CP-Cu are significantly affected
when tension is combined with cyclic torsion. A clear softening effect is observed, characterized
by a decrease in axial stress as the cyclic strain amplitude increases. Additionally, an increase in
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Fig. 3. Comparison of CP-Cu response in monotonic tension and tension with torsion-reverse-torsion
at strain amplitudes of ±0.1% and ±0.2% for frequencies of 0.5Hz (a, c) and 1Hz (b, d).

cyclic torsion frequency further amplifies this decrease in the axial stress. For the cyclic torsion
strain amplitude of ±0.1% at the frequency of 0.5Hz, the tensile stress at 0.2% axial strain de-
creased from 188MPa to 163MPa. When the cyclic torsion strain amplitude increased to ±0.2%
at the same frequency, the decrease was more pronounced (80MPa) at the same level of axial
strain (Fig. 3a). The effect became even more significant at a higher frequency. For example,
at ±0.2% cyclic torsion strain amplitude and 1Hz frequency, the tensile stress dropped from
188MPa to 64MPa, representing a 66% reduction compared to the tension-only condition at
0.2% axial strain (Fig. 3b).
This decrease in tensile stress is consistent with the influence of shear stress introduced during

cyclic torsion. To better understand the effect of shear stress and evaluate the equivalence of
stress under the three loading scenarios, Figs. 3c and 3d present the equivalent stress-strain
curves. These curves provide a comprehensive representation of the material’s response under
combined tension and torsion loading. The equivalent stress-strain curves clearly demonstrate
a pronounced softening effect in CP-Cu as the cyclic torsional strain amplitude increases. This
trend aligns with the reduction in axial stress observed in Figs. 3a and 3b, suggesting that shear
stress significantly alters the material’s behaviour. The progressive reduction in equivalent stress
at higher strain amplitudes highlights the combined effects of axial and torsional deformation,
where shear stress introduces additional dislocation motion, enhancing plastic flow and reducing
the material’s load-bearing capacity.
The observed trend of decreasing tensile stress with increasing cyclic torsion is further il-

lustrated in Fig. 4 for 0.5% axial strain, evaluated across different cyclic torsion strain ampli-
tudes and frequencies. Notably, the case of 0% cyclic torsion strain amplitude corresponds to
monotonic tension, serving as a baseline (Fig. 4a). The results clearly demonstrate a significant
reduction in the tensile stress with the increasing cyclic torsion strain amplitude. In contrast,
the impact of the increasing cyclic torsion frequency on tensile stress is comparatively less pro-
nounced during combined loading (Fig. 4b). This suggests that the amplitude of torsional strain
plays a dominant role in altering the stress state of copper by introducing additional shear de-
formation and facilitating plastic flow, whereas the role of frequency is primarily to modulate
the rate at which these effects accumulate. The softening effect was also observed in CP-Ti
with the increase in cyclic torsion strain amplitude and frequency during combined tension-
torsion loading. These results indicate that the combination of cyclic torsion and tension leads to
significant material softening, likely due to the accumulation of dislocation interactions and the
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Fig. 4. Tensile stress variation at 0.5% axial strain under combined tension-cyclic torsion
for ±0.1% and ±0.2% (a) strain amplitudes and 0.5Hz and 1Hz (b) frequencies.

microstructural evolution under complex loading. The severity of the softening effect increases
with both strain amplitude and frequency, emphasizing the need to account for such interac-
tions when predicting the mechanical performance of CP-Cu in applications involving combined
loading conditions.

3.3. Identification of the initial yield surface of CP-Cu

The yield surfaces of the CP-Cu in the as-received state were determined using a sequential
loading procedure at offset strain values of 0.01% and 0.005%, as shown in Fig. 5a. These yield
surfaces demonstrate a clear dependence on the chosen yield definition. After experimentally
determining the yield points in various directions, ellipses were fitted using coefficients calcu-
lated via the least squares evaluation method. The primary parameters of these ellipses are
summarized in Table 2, indicating that the centre of the yield surface is nearly aligned with
the origin (0, 0) of the biaxial stress plane, with negligible rotation. Despite this alignment,
some degree of initial anisotropy was evident, as the axis ratios of the yield surfaces were 1.34
and 1.37 – significantly lower than the isotropic value of 1.73 predicted by the Huber–von Mises
yield criterion. This deviation highlights the anisotropic behaviour of the as-received material.
While both yield definitions provided qualitatively similar yield surface shapes and anisotropic
characteristics, the absolute values of the yield points and surface size differ, which emphasizes
the need to carefully select the yield criterion based on the specific application. In applications
requiring precise modelling of initial plastic yielding, a smaller offset may be more appropriate.
However, for general engineering design, a larger offset is mostly selected.

Fig. 5. Yield surfaces of as-received CP-Cu with yield points for 0.005% (dotted red) and 0.01%
(continuous blue) offset strains (a); comparison of the initial yield surface with an isotropic yield

surface (dashed red) (b).

Table 2. Ellipse parameters of the initial yield surfaces for CP-Cu.

Centre (x0, y0)
[MPa]

Rotation angle (Ø)
[Radian]

Semi-axes (a, b)
[MPa]

Axis ratio (a/b)

0.01% offset strain 1.36, 0.60 0.07 153.78, 114.44 1.34

0.005% offset strain −1.45, 1.26 0.08 133.09, 97.17 1.37
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To further investigate the material’s initial anisotropy, the 0.01% offset yield surface of
CP-Cu was compared with an isotropic yield surface, anchored by the yield point in tension
(direction 0). Figure 5b illustrates this comparison, showing that the axial yield stress of as-
received CP-Cu aligns with the isotropic yield surface, while noticeable deviations occur in the
shear stress direction. This discrepancy confirms the presence of initial anisotropy in the as-
received material. The observed initial anisotropy is attributed to distinct hardening behaviour
in shear strength, which likely results from the manufacturing processes applied to the material,
such as the conversion of a solid specimen into a thin-walled tubular geometry or specific pro-
duction methods used during material preparation. These processes induce microstructural varia-
tions, residual stresses, and texture development, which collectively contribute to the anisotropic
response of CP-Cu.

3.4. Evolution of the CP-Cu yield surface due to pre-deformation

The effect of monotonic tension and a combination of monotonic tension with cyclic torsion
pre-deformation on the mechanical properties of commercially pure copper was examined by
studying changes in the initial yield surface. Pre-deformation tests were conducted until the spec-
imens reached an axial strain of 1%. Afterwards, the yield surfaces of the pre-deformed samples
were determined using the same 0.01% offset strain method as applied to the untreated spec-
imen. Figure 6 presents the yield surface of CP-Cu following 1% tensile pre-deformation in
comparison to the initial yield surface. Although the overall shape remains consistent with the
original yield surface, a distinct shift in the tensile direction is evident. This displacement sug-
gests that monotonic tensile deformation has led to kinematic hardening along the direction of
pre-strain. However, a decrease in the compressive direction and no change in the shear stress
direction were observed. The increase in the tensile yield point is approximately 35MPa, rep-
resenting a 24% enhancement over the initial yield point. This kinematic hardening effect can
be attributed to the accumulation of dislocations and rearrangement of microstructural features
during tensile pre-deformation, which results in an increase in material resistance to further
plastic deformation in the pre-strain direction. The translation of the yield surface, rather than
a uniform expansion, suggests that the material retains some degree of anisotropy following
pre-deformation. This behaviour is consistent with the dislocation motion being predominantly
oriented along the tensile direction, which reinforces the material’s strength and shifts the yield
surface correspondingly. The observed kinematic hardening in CP-Cu is crucial for metal form-
ing processes, as pre-straining induces directional strengthening and it also influences fatigue
performance in cyclic-loaded components by reducing reverse loading resistance.

Fig. 6. Comparison of yield surfaces for pure copper: initial vs. after tensile pre-deformation.

Figure 7 illustrates the yield surfaces of CP-Cu following pre-deformation resulting from
monotonic tension coupled with proportional torsion-reverse-torsion cyclic loading. These yield
surfaces are evaluated against the initial yield surface of the material in its as-received con-
dition (represented by a continuous line). The applied preloading leads to either anisotropic
hardening or softening, influenced by the amplitude and frequency of the torsional strain during
pre-deformation. For a torsional strain amplitude of ±0.1% at a frequency of 0.5Hz, the tensile
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Fig. 7. Initial and pre-deformed yield surfaces of CP-Cu under combined tension and cyclic torsion
(±0.1% and ±0.2% strain amplitudes, 0.5Hz and 1Hz frequencies).

yield stress increases by approximately 46MPa compared to the initial yield surface, while yield
stresses in other directions remain largely unchanged (Fig. 7a). The observed anisotropic hard-
ening is likely linked to a more uniform dislocation distribution and the formation of low-energy
dislocation structures, such as subgrain formation, which enhance resistance to plastic defor-
mation in particular directions. This resulted in an expansion of the initial yield surface in the
tensile direction, reflecting an increased yield strength across tensile dominated stress paths.
A similar trend is observed when the frequency is increased to 1Hz (Fig. 7c), suggesting that
the low-amplitude cyclic torsion predominantly reinforces the material in the axial stress direc-
tion. Conversely, for a torsional strain amplitude of ±0.2% at 0.5Hz, the yield surface exhibits
a reduction in the shear stress direction by 32MPa–38MPa, while axial stress values remain
comparable to those of the initial yield surface (Fig. 7b). The observed anisotropic softening can
be associated with shear band formation, dislocation glide along specific planes, and localized
microstructural rearrangements due to large shear strains (Gazder et al., 2006), which may re-
duce the material’s resistance to shear loading. Increasing the frequency to 1Hz produces similar
results, with a decrease in shear stress and a negligible change in the axial stress (Fig. 7d). This
indicates that higher torsional strain amplitudes primarily weaken the material in the shear di-
rection without significantly affecting axial properties. When the frequency increases from 0.5Hz
to 1Hz for either torsional strain amplitude (±0.1% or ±0.2%), the yield surface changes remain
consistent, emphasizing that the cyclic torsion strain amplitude has a more pronounced impact
on the yield surface evolution than the frequency. Regardless of the pre-deformation conditions,
the compressive yield stress values exhibit minimal variation compared to the initial state, thus
indicating that the compressive response is less sensitive to the combined tension-cyclic torsion
pre-deformation.
These findings highlight the complex interplay of the strain amplitude, the frequency, and

the stress direction in determining the anisotropic evolution of the yield surface. The behaviour
of CP-Cu under combined preloading reflects its unique response, which may be influenced by
factors such as dislocation interactions, texture development, and a strain path. Although similar
studies have explored the yield surface evolution in different materials, variations in material
properties, microstructures, and loading conditions make direct comparisons challenging. This
highlights the importance of tailored investigations for specific materials and preloading scenarios
to fully understand their mechanical responses.
The coefficients of the Szczepiński yield equation were calculated using the least squares

method to fit the experimental data and describe the elliptical yield surface of the tested material.
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This approach minimizes the sum of squares of the distances between the experimental yield
points and the approximation curve, ensuring an optimal representation of the yield surface.
Table 3 summarizes the fitting errors for each yield surface determined during the analysis. The
fitting error values were minimal across all cases, demonstrating a high degree of accuracy in
matching the experimental data with the fitted ellipses. These low errors validate the reliability
and precision of the Szczepiński anisotropic yield criterion in approximating the yield behaviour
of the material. The accuracy of the fitting not only confirms the robustness of the Szczepiński
model but also highlights its ability to account for the material’s anisotropy effectively. By closely
representing the experimental data, the model captures the features of the yield surface evolution,
such as the influence of pre-deformation, stress directionality, and anisotropic hardening or
softening effects. This agreement further highlights the suitability of the Szczepiński criterion
for characterizing the complex mechanical behaviour of the tested material under multiaxial
stress states, providing a reliable foundation for predictive modelling and material design.

Table 3. Yield surfaces fitting errors for CP-Cu in as-received state and after pre-deformation.

As-received
Monotonic
tension
deformed

±0.1% at 0.5Hz
deformed

±0.2% at 0.5Hz
deformed

±0.1% at 1Hz
deformed

±0.2% at 1Hz
deformed

1.95E-01 1.01E-01 1.58E-01 7.18E-02 1.63E-01 8.77E-02

Figure 8 highlights the evolution of the elliptical parameters representing the yield surface
(YS ) of CP-Cu in the pre-deformed state compared to the as-received state. Pre-deformation
through monotonic tension, represented by 0% cyclic torsion strain amplitude, shows mini-
mal deviations in the axis ratio relative to the yield surface of the material in the as-received
state (1.34). However, the combined tension-cyclic torsion pre-deformation significantly alters

Fig. 8. CP-Cu yield surface parameters evolution caused by tension and combined tension-cyclic torsion
pre-deformation (±0.1% and ±0.2% strain amplitudes, 0.5Hz and 1Hz frequencies).



Experimental identification of CP-Cu yield surface and its evolution due. . . 567

the axis ratio, with higher values observed at both 0.5Hz and 1Hz cyclic torsion frequencies
(Figs. 8b and 8e). The highest axis ratio, reaching 2, occurs after pre-deformation with a cyclic
torsion strain amplitude of ±0.2% at 0.5Hz, indicating substantial anisotropic behaviour.
The rotation angle (Ø) of the YS -axes with respect to the (σxx, τxy) coordinate system further

reflects the influence of pre-deformation. As shown in Figs. 8c and 8f, monotonic tension pre-
deformation results in near-zero rotation, signifying minimal distortion in the YS orientation. In
contrast, the combined tension-cyclic torsion pre-deformation induces distinct rotations: positive
angles (counter-clockwise) for a cyclic torsion strain amplitude of ±0.1% and negative angles
(clockwise) as the strain amplitude increases to ±0.2% at both 0.5Hz and 1Hz frequencies.
These rotations highlight the directional sensitivity of anisotropic behaviour induced by cyclic
torsion and its dependence on strain amplitude.
Figure 9 presents a further analysis of the YS centre positions, emphasizing the role of back

stress components in pre-deformed materials. In the as-received state, the YS centre aligns
closely with the origin, reflecting minimal back stress. However, pre-deformation through mono-
tonic tension and combined tension-cyclic torsion at ±0.1% strain amplitude shows a significant
shift in the YS centre, indicating elevated back stress. In contrast, the combined tension-cyclic
torsion at higher strain amplitudes (±0.2%) results in minimal back stress, suggesting a re-
distribution of internal stresses. The observed back stress arises from dislocation interactions,
including the accumulation of geometrically necessary dislocations (GNDs) and their ability to
impede further dislocation motion. These interactions create localized high-stress regions that
influence the material’s plastic behaviour. The findings emphasize the interplay between dislo-
cation structures, strain amplitude, and the stress state in shaping the yield surface evolution
of CP-Cu.

Fig. 9. Centre of yield surfaces of CP-Cu in as-received and pre-deformed states.

Figure 10 presents a comprehensive visualization of the evolution of the initial yield surface in
the axial-shear stress space, derived from experimental data following material pre-deformation
at frequencies of 0.5Hz and 1Hz. The results reveal distinct yield surface shapes and significant
variations in their dimensions depending on the pre-deformation loading conditions. For mono-
tonic tension combined with cyclic torsion at a strain amplitude of ±0.1%, the yield surfaces at
both frequencies exhibit the largest dimensions among all loading conditions. This indicates that
even at a low strain amplitude, cyclic torsion induces pronounced hardening effects in the ma-
terial.

Fig. 10. Comparison of CP-Cu yield surfaces in as-received state and after pre-deformation.
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A detailed examination of the yield surfaces highlights two primary hardening mechanisms:
kinematic and isotropic. After the monotonic tension pre-deformation, the yield surface shifts
in the direction of axial pre-deformation. This translation indicates kinematic hardening, which
reflects the material’s increased resistance to plastic flow in the pre-deformation direction, likely
due to the accumulation of dislocations and directional stress-induced anisotropy. On the other
hand, when cyclic torsion (±0.1% strain amplitude) is introduced during monotonic tensile pre-
deformation, nearly isotropic hardening is observed in comparison to the monotonic tensile
pre-deformed yield surface. This is demonstrated by the expansion of the yield loci compared to
those resulting from monotonic tension alone. The presence of a small cyclic torsion facilitates
a more distributed microstructural rearrangement, leading to an overall increase in the material
strength across all stress directions. This effect is consistent across both frequencies (0.5Hz
and 1Hz), emphasizing that the strain amplitude, rather than the frequency, is the dominant
factor influencing isotropic hardening.
Furthermore, the analysis of yield surface shapes highlights a clear dependency on the

preloading direction. The directional nature of pre-deformation, whether purely axial or com-
bined with torsional components, governs the stress distribution and subsequent yield surface
dimensions. The axial preloading emphasizes anisotropic hardening effects, while the addition of
small torsional components promotes more uniform strengthening across stress states. However,
a larger torsional component during axial preloading led to anisotropic softening. These findings
emphasize the complex relationships between preloading conditions, the strain path, and the re-
sulting hardening/softening mechanisms. Understanding these effects is essential for modelling
the mechanical behaviour of CP-Cu accurately and optimizing its performance in applications
involving multiaxial loading and pre-deformed states. While the explanation of hardening or
softening behaviour of the yield surface of CP-Cu is supported by deformation theories and
previous research, microstructural investigations will be essential for further validation in sub-
sequent studies.

4. Concluding remarks

The comprehensive investigation into the yield surface evolution of commercially pure copper
under monotonic tension and combined tension-cyclic torsion loading has provided insights into
its mechanical response and hardening/softening behaviour. The key findings are summarized
as follows:
– Pre-deformation, whether through monotonic tension or combined tension-cyclic torsion,
significantly changes the shape, size, and position of the yield surface. Monotonic ten-
sion induces kinematic hardening, translating the yield surface in the pre-strain direction,
while combined tension-cyclic torsion (±0.1% strain amplitude) introduces anisotropic
hardening, in comparison to the initial yield loci. Higher torsional strain amplitude dur-
ing pre-deformation (±0.2%) leads to anisotropic softening, especially in the shear stress
direction, reflecting the complex interplay between the loading direction and the strain
path.
– The cyclic torsion strain amplitude significantly impacts the material’s mechanical re-
sponse, with higher amplitudes (±0.2%) causing pronounced softening effects, maybe due
to increased dislocation interactions and microstructural rearrangements. Conversely, the
cyclic torsion frequency has a comparatively lesser impact, with the yield surface evo-
lution remaining consistent across frequencies (0.5Hz and 1Hz). This underscores strain
amplitude as the dominant factor influencing the hardening or softening mechanisms in
CP-Cu.
– The initial yield surface of the as-received copper at 0.01% and 0.005% offset strain
demonstrates anisotropic behaviour, as indicated by deviations from the isotropic Huber–
von Mises–Hencky (HMH) criterion. Additionally, the yield surface is influenced by the
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specific definition of the yield used. This anisotropy is likely a result of the material’s
manufacturing process or specimen machining, which can introduce crystallographic tex-
tures, residual stresses, and microstructural inconsistencies. Further evidence of elastic
anisotropy is seen in the variations of Young’s modulus across different loading directions,
highlighting the need to account for these factors when modelling the material’s behaviour.
– The Szczepiński anisotropic yield criterion, fitted using the least squares method, effec-
tively captured the experimental yield surfaces with minimal fitting errors. This model
accurately represents anisotropic and isotropic hardening behaviours, providing a robust
framework for predicting the mechanical response of CP-Cu under multiaxial stress states.
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Dry adhesives utilizing the Van der Waals forces are the focus of many applications. Detachment
phenomena are especially important to explore in this field. Most previous research was done using
axisymmetric models. However, several important cases cannot be analyzed with this simplification.
In this work, we build a 3D model to examine the classical “poker chip” problem. We analyze the
propagation stability for detachments initiating at the edge of the chip. Novel stability maps are
presented for the investigated non-axisymmetric cases. The effect of compressibility and propagation
front shape are presented as well.
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1. Introduction

Throughout history, people have used different types of adhesives. Most commonly, these
connect two surfaces by chemical or mechanical bonding mechanisms (Bricotte et al., 2024).
In recent decades, another type, called “dry adhesion”, has gained the interest of several re-
searchers. This type of adhesion is based on the Van der Waals forces, for which two surfaces
need to get in extremely close contact. This type of adhesive has several practical benefits com-
pared to other types. These are well presented by numerous species of animals – mostly reptiles
and insects – which utilize this effect (Gorb & Varenberg, 2007; Autumn et al., 2002; Arzt et al.,
2003). Among them, the gecko has the largest body mass and remarkable climbing abilities.
Geckos are able to rapidly climb smooth and rough vertical surfaces, even when the surface is
wet. Their feet strongly bond to the surface, but they can also quickly and reversibly detach from
the surface. Animals achieve this by having hierarchical spatula-like hair structures on their feet,
allowing them to get sufficiently close to the other surface to exploit the Van der Waals forces.
These structures are well visualized in (Varenberg et al., 2010) where several images of various
animals are presented using a scanning electron microscope.
Artificial structures mimicking gecko-like adhesion are mostly manufactured from polymer-

like materials. These structures have simpler geometry compared to the gecko’s feet, utilizing
patterns made of pillars. The shape of the contact geometry has a notable effect on adhesion
strength and has been studied by many researchers. Hensel et al. (2018) studied the effect of the
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shape of artificial pillars on adhesion in such structures. Almost all previous research assumes
axisymmetric geometry. Hao et al. (2024) investigated the importance of considering the effect of
nonlinear material behavior and compressibility depending on layer thickness with such a model.
To understand these structures, a better description of the underlying mechanical phenomena

is needed. In general, adhesion has been studied using numerical and analytical tools. Both
approaches often used the toolset of linear fracture mechanics (Schneider & Swain, 2015; Benvidi
& Bacca, 2021). The FEM is well suited for calculating the stored strain energy (U) in the system
for arbitrary geometry and material parameters.
Gent and Lindley’s (1957) work from the last century is often considered to be the first

important contribution regarding the “poker chip” problem. Their research was concerned with
material failure, showing that under tensile load, rubber specimens fail under surprisingly low
loads due to the triaxial stress state. A decade later Lindsey (1967) published analytical ap-
proximations to the normal stress distribution. Since then, several other approximate solutions
have been developed, but all of them rely on significant assumptions, like the chip being “thin”
and the material being perfectly incompressible (Movchan et al., 2021). They are also limited
to axisymmetric cases only. Several other researchers used numerical tools to investigate the
internal cracks and cavitation in the material.
The poker chip problem is commonly used to investigate adhesive phenomena. In this case,

the interfacial debonding is considered. The poker chip arrangement (see Fig. 1) was used in
numerous studies focusing on separation as one of the simplest geometries. Despite being seem-
ingly simple, this setup shows strongly nonlinear behavior regarding, e.g., stress distributions
and stored elastic energy. Many more complex geometries (e.g., mushroom, funnel-tip) are used
in practice. Their behavior is expected to be even more complex. Thus, it is important to un-
derstand the simplest available case as well as possible.

Fig. 1. Poker chip setup.

The most important aspect of previous results for this paper is the importance of the chip
thickness and Poisson’s ratio regarding detachment stability. The importance and effect of these
two parameters are analyzed in detail in (Horváth & Kossa, 2024), where they used an axisym-
metric model. They presented stability maps for the axisymmetric edge and center detachment
cases. It was shown that the region of stable detachment is narrowed as the thickness of the
chip is increased, and there exists a critical thickness above which no stable detachment occurs.
Increasing volumetric compressibility slightly decreased the size of the stable zone in these cases.
Local detachment initiated on the outer edge of the poker chip often does not propagate

in an axisymmetric way in reality. This can also be observed on the measurements made by
Balijepalli et al. (2017). In their work, two cases are shown where the detachment initiates from
the edge of the chip. In one case the detachment front resembles a circle-like shape, in the
other it is closer to straight line. This cannot be investigate with axisymmetric models, which
are used in previous studies. The aim of our work is to explore three-dimensional detachment
cases initiated on the edge of the poker chip. We created a 3D numerical model to investigate
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these previously unexplored cases. We present three stability maps, demonstrating the effect of
compressibility as well as shape of the propagating detachment. These basic crack front shapes
reveal the previously unknown fundamentals of 3D detachments. Our presented methodology
can be extended for more complex, arbitrary detachment propagation fronts.
Section 1 of this article provides an introduction to the topic and summarizes the related

literature. Section 2 presents the poker chip problem and the quantities important for our in-
vestigation. Section 3 describes the created numerical model and the process used to determine
stability. The topic of automated mesh generation is touched upon as well. In Section 4 the
obtained novel results are presented, most importantly the stability maps for the investigated
cases. Section 5 summarizes the new results. Additionally, the distribution of normal stresses
along the contact interface is illustrated in the Appendix at the end of the manuscript.

2. Problem description

The poker chip setup involves a cylindrical elastic solid layer, which is fixed between stiff
plates. In real measurements, the elastic layer is made of some polymer, and the plates (substrate)
are made of steel. The plates are moved axially, either compressing or pulling the elastic specimen
– most research is concerned with the tension case. As the plates are pulled apart, the elastic
material may fail due to void nucleation and growing internal cracks. Several papers discussed
this in great detail, our work is not concerned with these phenomena (Asp et al., 1995; Kumar
& Lopez-Pamies, 2021).
Alternatively, the elastic layer can start to detach from the substrate due to interfacial fail-

ure. This scenario is adopted by numerous researchers to study adhesion-related phenomena
(Balijepalli et al., 2016). Our work is concerned with this case as well, with detachment prop-
agation stability in the focus. We utilize linear fracture mechanics to study this phenomenon;
thus, detachment is modeled as a crack. This approach has been used in multiple previous stud-
ies (Antunes et al., 1999; Millwater et al., 2016). The concept of energy release rate is applied.
The energy release rate (G) is defined as the decrease of potential energy (π) per unit of contact
area (A) decrease:

G =
∂π

∂A
. (2.1)

Note that some papers write G using derivative according to the crack length (which is
denoted by a in some papers). This causes the sign of the expression to change. However, in this
paper we follow the form adopted by the researchers concerned with detachment and define the
energy release rate as per Eq. (2.1).
As a critical value of G is reached (the specific value depends on the strength of the ad-

hesive bond between the surfaces), crack propagation is initiated. Stability analysis is used to
determine whether additional external work is needed for the detachment to propagate further.
If the detachment process is stable, then additional energy is needed. If the detachment is un-
stable, the decrease of potential energy will cover the energetic cost of creating the new surface.
Thus, the detachment propagates further without the need for additional external work. Stabil-
ity is determined by the partial derivative of the energy release rate. Importantly, detachment
stability does not depend on the type and strength of adhesion between the poker chip and the
rigid plate. We investigate a displacement-driven case, thus the potential energy (π) will be equal
to the stored strain energy in the system (U). For this reason, investigating the strain energy is
sufficient for all of our calculations. Thus, the condition for stable detachment propagation in the
displacement-driven case is

0 <
∂G

∂A
=
∂2π

∂A2
=
∂2U

∂A2
. (2.2)
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Most previous research focuses on axisymmetric detachments, as this considerably simplifies
numerical as well as analytical calculations. In this paper, however, we will not use this assump-
tion, and we will investigate two more general detachment cases. In both cases, detachment is
initiated at a single point on the outer edge of the poker chip. In the first case, the detachment
propagation front is a straight line. In the second case, the detachment front is circular.
We investigate this problem with numerical tools – FEM specifically. This allows us to

investigate quantities that are difficult (or impossible) to measure during experiments. The
stored strain energy (U) is easily obtained with FE calculations, making stability evaluation
possible.
Our approach matches the method widely adopted by the researchers of adhesion. This

makes our results easier to compare to other studies. Detachment is modeled as a crack, but
more complex methods, like XFEM or the cohesive zone mode, are not needed for our investi-
gation.

3. Numerical model

Previous research shows that the governing parameters for stability are the relative chip
thickness and Poisson’s ratio. The polymers used to create artificial structures with dry ad-
hesive properties are usually nearly incompressible. For this reason, many researchers used in-
compressible models (ν = 0.5). In this paper, the effect of slight compressibility is analyzed as
well. The radius of the poker chip is denoted by a. The thickness of the chip is given relative
to the radius and it is denoted by h/a. The detachment is characterized by its length along
the axis of symmetry in both cases; this length is also compared to the radius and denoted
by c/a. The radius is chosen to be a = 1mm during our calculations. The parameters of the
model are visualized in Fig. 2. “A” denotes the detachment initiation point, “B” is the last
point to detach, and “C” marks the current intersection of the detachment front with the axis
of symmetry.

Fig. 2. Model parameters.

As mentioned previously, we consider a case with a straight detachment front and a case
with a circular detachment front. Detachment is initiated from the outer edge of the chip.
We can describe a circular front with an arbitrary radius using parameter k/a, denoting the
dimensionless distance between the detachment initiation point and the center of the circular
detachment front. According to the geometry, 0 ≤ k/a ≤ ∞. The straight front corresponds
to the k/a = ∞ limit case. The other investigated case will be the k/a = 0 limit, where the
initiation point coincides with the center of the circular front.
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The chip is modeled with an isotropic linear elastic material, as material nonlinearities can
be neglected due the presence of only small strains and deformations in the system. Note that
Young’s modulus acts as a constant multiplier on U . As derivatives are taken according to
Eq. (2.2), it has no influence on the stability properties. During our simulations, we chose
E = 1MPa.
The non-detached part of the interface is assumed to be perfectly bonded to the rigid sub-

strate – this assumption is also commonly used in the literature to model dry (or other types of)
adhesive contact. The substrate material is assumed to be rigid, as commonly used in the
literature. The no-slip boundary condition is applied to the non-detached part of the elastic ma-
terial, which represents perfect bonding to the substrate. The detached part is free to deform,
thus no boundary condition is applied there. As the contact with the substrate is well-modeled
by the boundary condition and the substrate is assumed to be rigid, it can be fully omitted from
the FE model. The meshed model is illustrated in Fig. 4.
The upper interface is prescribed to move by u vertically (see Fig. 1). The particular value

has no effect on stability, and it is chosen to be u = h/100 in all simulations.
We built our 3D finite element model in ABAQUS (Dassault Systèmes, 2022). Multiple el-

ement types are available for modeling structural 3D problems. After evaluating the options,
we predominantly used hex-shaped C3D8(H) elements, but in some cases a few wedge-shaped
C3D6(H) elements were also needed to create a well structured mesh. These are general purpose,
deformation based linear elements with 8 or 6 nodes respectively. As per ABAQUS recommenda-
tions, hybrid formulation was used if Poisson’s ratio was greater or equal to 0.495. The problem
has planar symmetry, thus a half-model is used to reduce computational costs.
In ABAQUS, our calculation is realized in two simulation steps. The initial step defines the

symmetry boundary condition (corresponding to the half model) as well as the no-slip (fixed 0
displacement and rotation) boundary condition on the non-detached part of the interface. These
boundary conditions are propagated to the second step, where the prescribed u displacement is
applied to the top interface.

3.1. Stability calculation

Stability is determined according to Eq. (2.2). The value of U is obtained at several values of
detachment length (c/a). Assuming a = 1, the contact area (A) is calculated from the detachment
length as

A =


1

4
(− sin (2 acos (1− c)) + 2 acos (1− c)) if c ≤ 1,

1

4
(sin (2 acos (c− 1))− 2 acos (c− 1)) + π if c > 1,

(3.1)

for the straight detachment front and as

A =
πc2

3
− 0.5

√
c2 · (2− c)(c+ 2) + acos

(
1− c2

2

)
, (3.2)

for the circular detachment front (assuming k/a = 0).
From these relations, the value of U(A) is determined at a series of points. This needs to be

differentiated twice to investigate stability. Although several approaches are available to do this,
we chose to fit a spline of sufficiently high order on the points of U(A), then carried out the
differentiation step on the spline. The exact method for interpolation does not have a notable
effect on the obtained values.
These numerical differentiation steps generate small numerical “noise” by nature. This causes

the investigated function to oscillate. To mitigate this issue, we applied a Savitzky–Golay filter
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to the 2nd derivative. After the filtering, the dataset becomes sufficiently smooth for stability
evaluation.
The process of stability evaluation is illustrated in Fig. 3 for one particular case (straight

detachment front, h/a = 0.1, ν = 0.5). U and G denote the normalized stored strain energy and
energy release rate, calculated as

U =
U

Umax
and G =

G

Gmax
. (3.3)

Stable regions are denoted by a green background, and unstable regions are shown in red.

Fig. 3. Illustration of the stability evaluation process (straight detachment front, h/a = 0.1, ν = 0.5):
(a) normalized strain energy and energy release rate; (b) stability map, green is stable, red is unstable.

3.2. About mesh generation

For creating stability maps with sufficient resolution, several thousands of simulations were
needed. For this reason, it was necessary to fully automate mesh generation. The parameters,
which influence mesh generation are summarized in Table 1.

Table 1. Parameters describing individual simulations.

Parameter Possible value

Detachment front shape Straight or circular

Chip thickness (h/a) 0.01 ... 1.5

Poisson’s ratio (ν) 0.5 or 0.48

Detachment length (c/a) 0 ... 1.99

In ABAQUS, the user can control the generated mesh by “seeding” the edges. The following
principles were used during the development of the meshing strategy:
– a mesh was characterized by two numbers, one related to the minimum and one to the
maximum edge length near the detachment front. These numbers are kept constant for
each combination of front shape and h/a;
– the region near the detachment front needs to be the most refined, a smooth transition is
needed from the mesh far away from the detachment front;
– the mesh should be well-structured near the detachment front. This means nearly brick-
shaped elements with edges parallel/orthogonal to the crack front.
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Fig. 4. Illustration of FE model and meshing strategy.

The structure of the mesh is illustrated in Fig. 4. The mesh is well structured in the vicinity
of the propagation front, where smaller elements are needed to capture the nonlinear stress
distributions.
It is not trivial to fulfill these requirements for the entire range of parameters. In both straight

and circular front cases, the main source of problems is the intersection of the detachment
front and outer edge of the elastic material. These lines intersect at very shallow angles if c/a
is either too small or too large. This leads to highly distorted elements being generated or even
failure to generate any mesh – both lead to errors during simulation.
While, in some cases, sharp angles cannot be avoided in the immediate vicinity of the inter-

section point, these alone did not lead to major issues. Some methods were applied to eliminate
mesh generation issues. The meshing strategy was changed based on the value of c/a. If the
detachment was very short, the entire detached area was meshed with a uniform dense mesh.
As c/a got larger, the entire detached area was meshed as a transition zone. As c/a got sufficiently
large, the meshing structure shown in Fig. 4 was used. As cases with almost full detachment
were investigated, a similar strategy was applied to those at low values of c/a. First, the left
transition zone is extended to the entire non-detached area; then, as full detachment is almost
reached, the entire non-detached area is meshed with a uniform dense mesh.
The meshing parameters are chosen so a limit node number is not exceeded by any mesh

for a given detachment front shape and h/a. This ensures that computational costs are kept
reasonable. Some examples are shown in Table 2.

Table 2. Example node and element numbers for some cases.

Front type h/a c/a Number of nodes Number of elements

Circular (k/a = 0) 0.2 1.6 186802 176505

Circular (k/a = 0) 0.2 1.9 188716 178206

Circular (k/a = 0) 1.0 0.4 100672 95675

Straight (k/a = ∞) 0.4 1.75 99840 93467

Straight (k/a = ∞) 0.4 0.15 76470 70876

Straight (k/a = ∞) 0.7 0.3 90720 85120
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4. Results

Three main cases were investigated. These are a straight detachment front with incom-
pressible material (ν = 0.5) and slightly compressible material (ν = 0.48), then a circular de-
tachment front with incompressible material. The effect of compressibility and shape of the
detachment front will be investigated by comparing their respective simulations to the case with
the straight detachment front and incompressible material.
The stability map obtained for the straight detachment front and incompressible material

case is presented in Fig. 5. Each line for any chip thickness (h/a) is made from 200 simulations;
this resolution is sufficiently dense to be drawn as a continuous line. Blue dashed lines denote
the interpolated boundary of the stable domain.

Fig. 5. Stability map for the straight detachment front and incompressible material.

We can see that for any thickness value, detachment propagates in an unstable way after
initiation. This unstable region may be followed by a stable segment, and then the final part
of the detachment process is unstable once again. For thin chips, the stable region covers almost
the whole detachment process. As the chip gets thicker, the stable region starts later and ends
sooner. After a critical value of thickness (visible as a blue “X” with a white middle point on
the boundary), no stable region exists. This thickness value is denoted by hcr/a, and the corre-
sponding value of detachment length is denoted as ccr/a. Based on the interpolated boundaries,
we can calculate the critical values. In the current case hcr = 1.006 and ccr/a = 1.233. Overall,
the limit points of stability follow relatively simple, monotonous trends.
The stability map for the slightly compressible case (ν = 0.48) is presented in Fig. 6. Com-

pared to the previous case, the most noticeable difference is for low thickness values (h/a ≤ 0.3).
A “dent” forms in the stable region and the trend of stability limit points is no longer monotonous.
For very thin chips, stability is hard to evaluate, leading to discontinuity in the stable region.
The rest of the stable region is qualitatively similar to the incompressible case but quantita-
tively gets smaller in every direction. This includes a decrease in critical thickness, for this case
hcr/a = 0.957 and ccr/a = 1.233.
The stability map for the circular detachment front case is presented in Fig. 7. The general

trends are the same as with the straight detachment front. The stable region is generally quan-
titatively smaller, but the difference is marginal. The critical thickness changes to hcr/a = 0.963
and ccr = 1.193. At extremely small thickness values, the stable region is wider. Overall, the
change in the propagation front shape results in a surprisingly small difference regarding the sta-
bility maps.
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Fig. 6. Stability map for the straight detachment front and slightly compressible material.

Fig. 7. Stability map for the circular detachment front and incompressible material.

4.1. Stress distributions

The stress distribution is easily obtained from the built model. The mesh is most refined
near the detachment front, making the areas with the highest stress gradients the most resolved.
The main focus of this paper is detachment stability, not stress distributions. However, we
show some of the stress results as well to demonstrate the nonlinearities in the normal stress
distributions.
Stresses are normalized by σ, which is the average stress along the contact area. Due to

the prescribed vertical displacement u on the upper rigid plate, the strain energy U stored
in the elastic body is induced. In the absence of energy dissipation, this energy equals the work
done by the external force system. With this, the reaction force F generated during loading can
be calculated from the strain energy, from which the average normal stress along the contact
surface can be calculated as

U =
1

2
Fu → F =

2U

σ
→ σ =

F

A
, (4.1)

where A is calculated as per Eqs. (3.1) or (3.2).
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One illustration of the stress distributions is shown in Fig. 8. We can see that the shape of
the crack front has no significant impact on the normal stresses along the symmetry line. The
normal stress distributions along the entire contact interface are included in the Appendix.

Fig. 8. Illustration of normalized normal stress distributions along the C-B line of symmetry (see Fig. 2),
contact interface (h/a = 0.2 and ν = 0.5): (a) straight detachment front; (b) circular detachment front.

5. Discussion

The detachment stability of the poker chip problem was investigated in detail using a fully
3D FE model built in ABAQUS. This allowed us to study detachment phenomena, which had
previously not been investigated in the literature. In all of the cases considered, the detachment
initiated from a point on the edge of the chip. In one case, the detachment front propagated as
a straight line. The effect of slight compressibility was also demonstrated using this scenario.
In the second case, a circular propagation front was considered.
We analyzed two different crack front shapes: straight and circular. The difference in crack

front shape had only a minor effect on the stability maps – the stable region got slightly smaller
for the circular front case. These can be considered as two extreme cases: the circular front’s
center of curvature matches the detachment initiation point. The straight front can be viewed as
a circle with an infinite radius, and the center of curvature is infinitely far from the detachment
initiation point. Thus, we hypothesize that a circular crack front with an arbitrary center of
curvature will produce similar results and have only a minor quantitative effect on the stability
of the detachment.
In all the investigated cases, the detachment was initially unstable. This unstable region may

be followed by a stable region. The detachment turned unstable once again, nearing complete
detachment. The width of the stable region is determined by the chip thickness (h/a). Generally,
the thicker the chip gets, the narrower the stable region becomes. For very thin chips, almost the
entire detachment process is stable. Above a critical thickness value (hcr/a), no stable region
can exist, and the detachment is fully unstable.
The effect of slight compressibility is presented. At low (h/a ≤ 0.3) thickness values, a no-

ticeable “dent” forms on the stability map – detachment gets stable later. This effect may be
relevant for practical applications, as materials that are used to manufacture structures with
dry adhesive properties show little, but not negligible, volumetric compressibility. If h/a > 0.3,
the stable zone shrinks by a small amount.

Appendix – Example: normal stress distribution

The distribution of normal stress on the bottom interface is shown in Fig. 9. In this case
h/a = 0.2 and ν = 0.5 (these contour plots are not normalized with average stress σ).
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Fig. 9. Normal stress distribution for straight and circular detachment fronts, h/a = 0.2, ν = 0.5.
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Coatings are essential for protecting high-temperature components in aerospace and power gen-
eration industries. This study evaluates the integrity of aluminide coatings on MAR-M247, a nickel-
based superalloy, under uniaxial tensile loading using acoustic emission (AE). Aluminide coatings,
deposited via chemical vapor deposition (CVD), provide oxidation and corrosion resistance but are
prone to damage under operational stresses. AE monitoring, a nondestructive evaluation method,
detects transient elastic waves associated with damage events such as crack initiation and delam-
ination. By analyzing AE signal characteristics like amplitude and energy, this research identifies
acoustic signatures indicative of coating degradation. The findings highlight AE’s potential for
real-time damage assessment, enabling early detection and predictive maintenance strategies in
high-temperature applications.

Keywords: coatings; acoustic emission; nickel alloys; nondestructive testing.
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1. Introduction

Thermal barrier coatings (TBCs) are indispensable in high-temperature applications, par-
ticularly in industries such as aerospace and power generation, where components are subjected
to extreme thermal and mechanical loads (Barwinska, 2023). These coatings serve as protective
layers that insulate and shield the underlying metallic substrates from excessive heat, oxidation,
and corrosion. By doing so, they enhance the durability, performance, and operational efficiency
of critical components such as turbine blades and combustion chamber liners. Among the var-
ious substrate materials used in such applications, MAR-M247 – a nickel-based superalloy –
is a prominent choice due to its superior mechanical strength, creep resistance, and thermal
stability at elevated temperatures (Kopec, 2024b).
Aluminide coatings are applied to MAR-M247 to provide additional protection against ox-

idation and high-temperature corrosion (Kopec, 2024a). These coatings, often produced via
processes such as chemical vapor deposition (CVD) or pack cementation, form a stable alu-
mina or chromium oxide layer upon exposure to high temperatures, which acts as a barrier
to oxygen diffusion. Despite their excellent protective properties, aluminide-based coatings are
susceptible to damage due to thermal cycling, mechanical loading, and prolonged exposure to
extreme environments (Kukla, 2020). Such damage manifests itself in various forms, including
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cracking, delamination, and spallation, which compromise the coating’s integrity and lead to
potential component failure. The ability to monitor and assess the integrity of coating systems
in real time is crucial for preventing unexpected failures and optimizing maintenance schedules
(Kukla, 2021a). Conventional inspection techniques, such as eddy current, visual examination,
microscopy, and ultrasonic testing, are often time-consuming, invasive, or limited in their ability
to detect early-stage damage (Kukla, 2021b). In contrast, acoustic emission (AE) monitoring has
emerged as a powerful nondestructive evaluation (NDE) method for detecting and characterizing
damage processes in real-time. AE monitoring involves the detection and analysis of transient
elastic waves generated by the rapid release of localized energy within a material, typically
associated with events such as crack initiation, crack propagation, or interfacial delamination
(Andrews & Taylor, 2000). This study investigates the application of AE monitoring to evaluate
the integrity of aluminide coatings deposited on MAR-M247 when subjected to uniaxial tensile
loading. Uniaxial tension serves as a simplified mechanical loading condition to simulate the
stresses that coating systems may encounter during service, particularly those associated with
mechanical deformation, thermal gradients, and operational vibrations. By correlating AE signal
features – such as amplitude, frequency, and energy – with the progression of damage, this work
aims to identify characteristic acoustic signatures that can serve as indicators of the coating
degradation. The integration of AE monitoring with traditional post-mortem analysis methods,
such as scanning electron microscopy (SEM) and metallographic evaluation, provides a compre-
hensive approach to understanding the failure mechanisms in coating systems. The findings of
this study hold significant implications for industries reliant on high-temperature components,
where the early detection of coating failure is essential to ensure reliability, safety, and cost-
effectiveness. By advancing the understanding of AE monitoring in the context of aluminide-
coated MAR-M247, this research contributes to the broader effort of implementing advanced
NDE methods for predictive maintenance and life-cycle management of critical engineering sys-
tems.

2. Materials and methods

MAR-M247 nickel superalloy specimens were produced using a conventional casting tech-
nique (Fig. 1a). Aluminide coatings were applied through the chemical vapor deposition (CVD)
process. The deposition was carried out at a temperature of 1040 ◦C and an internal pres-
sure of 150mbar, utilizing optimized CVD parameters in a hydrogen-protective atmosphere,
with deposition durations of 8 and 12 hours (Kopec, 2024b). A representative cross-section
of a MAR-M247 specimen with a 40µm coating is shown in Fig. 1a. The microstructure ex-
hibits a two-layer configuration: a homogeneous zone of a secondary solid solution β (NiAl)
phase and a heterogeneous NiAl matrix (dark gray) containing dispersions of a Ni3Al phase
(light gray). Acoustic emission assessment was conducted to evaluate its applicability to iden-
tifying the cracking of the coating layer based on the acoustic effect associated with the crack
propagation. The tests were performed on a specimen subjected to static tension, using four
measurement sensors mounted at the lower and upper parts of the specimen, on both sides
(Fig. 1b). This sensor arrangement made it possible to separate the acoustic emission sig-
nals from the gripping sections of the specimen from those from the measurement area, where
crack propagation in the coating was expected. The measurements were carried out using the
AMSY-5 M6-2 Acoustic Emission System from Vallen and VS-150 type sensors with a pream-
plifier (Fig. 1b). The tests were based on the assumption that cracks initiated in the brittle
aluminide layer would generate an acoustic emission signal in the form of an elastic wave prop-
agating through the specimen material. The AE sensors detect and convert the waves into
electrical signals, while the measurement channel of the AE system parameterizes the signal
and records its progression. The tests were performed during tensile tests with a traverse speed
of 0.05mm/sec.
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Fig. 1. (a) General view of casted MAR-M247 specimen and the same specimen with aluminide coating
with additional magnification of coating cross-section; (b) specimen fixed in the grips of the testing

machine with VS-150 type AE sensors and a preamplifier.

3. Results and discussion

The results indicate a significant increase in the number of acoustic hits as well as their
energy and amplitude in the tensile specimen with the coating (Figs. 2a and 2b). It can be
inferred from other research conducted on materials and structures under load that signals with
the highest energy may be associated with coating failure in the specimen. Since the specimens
only differed in the presence of the coating (with the same core structure), the noticeable changes
in the obtained results are solely related to surface effects.
In addition to crack formation, acoustic effects related to the loss of coherence between the

coating and the substrate may also occur, which is a result of differences in the susceptibility
of the two materials to plastic deformation (Fig. 2c). It could be further confirmed by the dis-
tribution of the parameter D, which represents a duration of a specific event in microseconds
and was categorized by different ranges: 0 ≤ D < 500µs (green points); 500 ≤ D < 1000µs
(red points); 1000 ≤ D < 10000µs (yellow points). Shorter times (0µs–500µs) correspond to
weaker or less severe events, while longer times (1000µs–10000µs) indicate stronger emissions
related to significant material changes. One could observe that AE is a highly effective NDT
technique for monitoring and detecting cracks during tensile testing, particularly for complex
materials like MAR-M247 with an aluminide coating. The combined structural integrity of both
the substrate and the coating is vital during tensile testing, as failure can occur in either phase
or at the interface between them. AE can provide a detailed and real-time assessment of the ma-
terial’s behavior under stress, which is crucial for understanding how cracks initiate, propagate,
and affect the overall performance of the material. During tensile testing, the deformation of the
material generates microstructural events such as the formation of dislocations, crack initiation,



586 M. Kopec et al.

Fig. 2. Dependence of signal energy (a) and amplitude (b) of acoustic emission on their count, recorded
during the tensile testing of specimens with and without the coating. Amplitudes of acoustic emission
signals recorded during the tensile testing of specimens with and without the coating, along with the

tensile curve (c).
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and the growth of these cracks into larger fractures. AE detects the high-frequency sound waves
or “pings” that are emitted when these energy-releasing events occur. When a crack forms,
it generates a burst of elastic waves that travel through the material. AE sensors positioned
on the surface of the material can detect these waves, thus enabling early identification of the
damage, before it becomes visually detectable. The ability of AE to pick up these emissions
provides critical insight into the initiation of cracks at stress concentration points, such as grain
boundaries, inclusions, or other microstructural imperfections, which are common in materi-
als like MAR-M247. This early detection is invaluable because it enables timely intervention,
potentially preventing catastrophic failures. AE is also particularly useful in monitoring crack
propagation during tensile testing. As cracks grow, they emit higher intensity AE signals, and
the frequency and amplitude of these signals can be correlated with the size and rate of crack
propagation. In the case of MAR-M247, the evolution of cracks can occur in both the aluminide
coating and the base alloy, and AE can help differentiate the sources of emissions. For instance,
cracks in the aluminide coating might produce different acoustic signatures compared to cracks
in the nickel-based alloy due to the differences in their mechanical properties, such as stiffness
and hardness. AE can also detect any delamination or debonding at the interface between the
aluminide coating and the MAR-M247 substrate, which is crucial for understanding the behavior
of coated materials under stress. This ability to monitor both phases of the material in real-time
provides a more comprehensive understanding of the material’s failure modes, particularly in
materials that are prone to complex failure mechanisms, like those with coatings. Furthermore,
AE can assist in the assessment of localized damage in regions where the aluminide coating might
be subject to plastic deformation or cracking due to the mismatch in the thermal expansion be-
tween the coating and the substrate. The AE from these localized cracks in the coating may
differ from that in the substrate, and this enables a more detailed analysis of the performance
of the aluminide coating under tensile stress. AE can thus be used not only to detect cracks
but also to monitor their growth and to assess the potential for catastrophic failure, provid-
ing valuable information about the durability and reliability of materials like MAR-M247 with
an aluminide coating. The ability to track damage evolution in real-time, especially in critical
aerospace applications, is one of the key advantages of AE, as it provides immediate feedback
that can be used to make decisions about material behavior, design improvements, and failure
prevention strategies.

4. Conclusions

AE monitoring has proven to be a highly effective nondestructive evaluation technique for as-
sessing the integrity of aluminide coatings on MAR-M247 nickel-based superalloys under tensile
loading. The study demonstrated that AE can reliably detect and characterize damage mecha-
nisms such as crack initiation, propagation, and delamination, providing real-time insights into
coating degradation. The distinct acoustic signatures of the coating and substrate failures high-
light AE’s capability to differentiate between damage sources, offering a detailed understanding
of the failure mechanisms. These findings emphasize AE’s potential for industrial applications,
particularly in the aerospace and energy sectors, where the early detection of coating damage
is critical for ensuring component reliability and safety. By facilitating timely intervention and
supporting predictive maintenance strategies, AE monitoring enhances the operational efficiency
and life-cycle management of high-temperature components.
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This paper analyzes the influence of industrial environmental factors on the mechanical and
physical characteristics of polyoxymethylene (POM), a semicrystalline polymer commonly used
in industrial applications due to its strength and dimensional stability. The study exposed POM
samples to four specific test media (distilled water, cooling oil, UV-C radiation and saline solution),
following the relevant ISO standards for measuring liquid absorption and mechanical behavior.
Uniaxial tensile tests were conducted to assess the influence of various factors on characteristics,
such as maximum normal stress, maximum strain, and elastic modulus. The results indicated that all
four media negatively impacted the mechanical properties of POM. However, the most severe effect
was attributed to UV-C radiation, this factor markedly diminished both strength and maximum
strain. Because of this, the material exhibited a notable tendency toward embrittlement, although
one might consider other influences as well. In contrast, saline and cooling oil caused increases in
the maximum strain, suggesting an increase in the ductility of the material. The influences on liquid
absorption and elastic modulus were also varied, with cooling oil having the least impact on the
latter value.
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1. Introduction

POM (polyoxymethylene, also known as polyacetal) is a widely used crystalline polymer.
This material stands out for its superior strength and exceptional dimensional stability and
very good machinability. Due to its very high degree of crystallinity, POM exhibits the lowest
wear level among all thermoplastics (Berer et al., 2018). This characteristic makes it ideal for
applications such as wheels and gears, as well as in any other field requiring sliding friction
properties without special additives (Sun et al., 2008). Applications in the connector and switch
sector, as well as in the machinery construction industry, complete the range of uses for POM
(Hsissou et al., 2021).
POM is classified as a crystalline polymeric material, with a crystallinity of over 70%, has

stable chemical compositions and excellent mechanical properties including high strength, stiff-
ness, impact and creep resistance and long-term durability (He et al., 2021; Mao et al., 2019).
Widely used in the manufacture of equipment, light industrial products and tools, POM gained
attention in the 1970s and 1980s as a high-performance material (Nakagawa et al., 1985).
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The outstanding characteristics of this polymer, such as stiffness, allow the design of parts
with large surface areas and thin cross-sections, high tensile strength and creep resistance over
a wide range of temperature and humidity conditions, as well as the fatigue strength and elastic-
ity required in applications requiring toughness and elasticity. Polyacetal has gained importance
in various applications due to its excellent balance of properties. There are two types of acetals
available: a homopolymer with superior mechanical properties, higher end-use temperatures and
a higher melt flow index, and a copolymer, which offers superior processing characteristics and an
impact strength (Campo, 2006; Pascu, 2018).
However, like any material, the mechanical properties of POM can be influenced by environ-

mental factors. Exposure to varying conditions of temperature, humidity, and chemical agents
can affect the performance and durability of this polymer (Chen et al., 2020). For instance,
thermal variations can lead to changes in crystallinity, while humidity can impact dimensional
stability and wear resistance (Kneissl et al., 2023). In this context, it is essential to thoroughly in-
vestigate and understand how these environmental factors influence the mechanical properties of
POM to ensure its efficient use in critical applications and improve the performance of final prod-
ucts. This article aims to explore in detail the impact of environmental factors on POM and pro-
vide recommendations for optimizing the use of this polymer under various operating conditions.
In our previous studies, we conducted similar tests on elastomeric materials used in soft

robotics (Rusu et al., 2023). In this study, we aim to observe changes in the mechanical char-
acteristics of polymeric materials, such as POM, following exposure to chemical and physical
factors. Our goal is to better understand how these external influences affect the performance
and durability of these materials.

2. Materials and methods

One of the methods for identifying the impact that a particular environment has on a partic-
ular material is addressed in (International Organization for Standardization [ISO], 2008), which
establishes a clear methodology for determining the fluid absorption of materials. Based on this
standard and ISO (2012) standard used to determine the tensile behavior of plastics, the impact
that four specific industrial media (distilled water, synthetic cooling oil, saline solution and UV
radiation type C) have on polymeric materials was analyzed. POM material was used in the
analysis, specimens were made by the water jet extrusion process. The shape and dimensions of
the specimens used, according to the standard, are shown in Fig. 1a, and the 10 test specimens
of POM material in the test lanes in Fig. 1b.

Fig. 1. (a) Specimen dimensions (in mm); (b) specimens made of POM before testing.
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To ensure the best possible positioning/orientation of the specimens in the testing machine
grips, as well as to achieve coaxially with the vertical axes of the machine trays and consistent
specimen placement between the grips, a specimen orientation device was designed, realized
and used (Fig. 2). This device was essential to position the specimen axis coinciding with the
central axis of the testing machine grips, thus reducing the possibility of eccentric stretching
stresses on the specimen, which would have led to additional bending stresses that could have
negatively influenced the results obtained. It should be noted that the device used for specimen
positioning/orientation was 3D printed and did not influence the experimental results in any
way, because after the specimen was correctly aligned with the grips, this device was removed.

Fig. 2. (a) Device for orienting specimens between trays; (b) test specimen attached
to the test machine using the device.

Uniaxial tensile tests under laboratory conditions are fundamental to polymeric materials
for several reasons and these were performed on the Galdabini Quasar 25 universal testing
machine, at a temperature of 23 ◦C ±5 ◦C and the test speed was 5mm/min. This test speed
was maintained for all tests performed in all the environment conditions.
Firstly, they allow the determination of mechanical properties necessary to compare results

from different working environments. Through these tests, direct comparisons can be made
between different polymeric materials or polymer formulations, which is essential for engineers
in selecting the optimal material for specific applications.
The second test medium was distilled water. Distilled water was supplied by the Simplu

Quality Products brand and it was used to immerse the test specimens. This water is used
in various industrial applications, such as dilution of antifreeze and windshield washer fluids,
topping up the electrolyte level in electric batteries, as a spray liquid for electric irons, cooling
of internal combustion engines, etc. The distilled water used had a pH between 6 and 7.5 and
a density of 1 g/cm3 at 20 ◦C.
The third test medium chosen for this study is the cooling oil supplied by the Azur-Cut 602.01

M-15 brand. This is a combination of mineral oil and additives specifically designed to operate
at high pressures and to cope with the intense machining regimes that occur in mechanical
machining with material removal. The oil has a viscosity of 15mm2/s at 40 ◦C and is a synthetic
coolant oil for industrial uses.
The fourth test medium used was ultraviolet type C (UV-C) radiation. Testing polymeric ma-

terials to UV-C radiation is essential to assess the durability and resistance of polymeric materials
under conditions of intense exposure to UV-C radiation. UV-C radiation, which has a wavelength
between 100 and 280 nanometers, is known for its ability to degrade polymeric materials by pho-
tochemical processes. These tests allow the identification of potential changes in the physical
and mechanical properties of polymers, such as embrittlement, loss of elasticity, discoloration, or
decrease in mechanical strength. By exposing materials to UV-C, we can determine the lifetime
and performance of various polymeric materials in applications where they are subjected to such
intense UV radiation, thus ensuring the reliability and safety of the final products.
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The fifth medium used was saline solution, and in this case, we used the standard ISO
(2023), with the following specifications: water salinity of 25%, pH = 2.162, and an immersion
temperature of 0.5 ◦C. The saline solution consisted of 25 l of demineralized water, 8.34 kg of
salt, and 30ml of hydrochloric acid.
The successive steps required for the study were shown graphically in Fig. 3. The specimens

were measured to avoid introducing errors into the process, then dried in an oven at a constant
temperature of 50 ◦C for 24 hours. After drying, specimens were weighed and immersed in the
media of interest (distilled water, cooling oil, and saline solution) and exposed to the UV-C
light for 24 hours. Subsequently the specimens were again weighed to determine, according to
ISO (2008), the amount of absorbed liquid applied to distilled water, cooling oil, and saline
solution only. Finally, uniaxial tensile tests were carried out until breakage with a test speed
of 5mm/min at room temperature. In step 5, after drying, the specimens were re-weighed to
calculate the quantity of liquid absorbed. To calculate liquid uptake, the formula was used:

c =
m2 −m1

m1
× 100%. (2.1)

Fig. 3. Steps to perform the analysis: 1 – measuring the specimens, 2 – oven drying, 3 – weighing after
drying, 4 – immersion/exposure to the medium of interest, 5 – absorption weighing, 6 – uniaxial tensile

test.

3. Results

In the initial phase, specimens made of POM were tested in uniaxial tension, in quasi-static
mode (speed = 5mm/min, this speed being maintained for all tensile tests), in an ambient
environment (laboratory conditions). To ensure the best possible reproducibility of results, ten
specimens were tested.
The results after testing in all five environments are presented in Table 1, where only the

mean values of stress, strain and modulus of elasticity (E) are found. Tables A1–A5 are found in
Appendix, where the results of the basic statistical analysis such as arithmetic mean, standard

Table 1. Mean values for experimental results for POM specimens tested in five different environments.

Environment type
Mean values

Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

Ambient environment 1737.74 13.77 57.15 17.25 1847.97

Distilled water 2272.88 13.42 55.97 16.44 1734.89

Cooling oil 1619.54 15.28 52.98 19.10 1755.67

UV-C 1399.35 7.97 46.18 9.97 1699.41

Saline solution 2184.49 20.50 53.64 25.62 1662.91
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deviation, minimum and maximum values are also presented. Also, in these tables we present
the results of statistical analysis, using Minitab 18 from two perspectives: the Outliers test
and the Normality test, where two tests were applied: the Anderson–Darling test to check the
normal distribution of the data and the Grubbs test to eliminate outliers.
In the case of the tests performed in saline, we used the non-parametric Kolmogorov–Smirnov

test instead of the Anderson–Darling normality test, because normality tests check not only
symmetry but also how the data are distributed with respect to the mean. If the distribution is
too “flat” or too “sharp” compared to a normal distribution, the test may reject the hypothesis
of normality, and in some cases our data were too concentrated.
It can be observed that in the case of the AD/KS test, the values of AD/KS and p for Fmax,

∆Lmax , σmax, εmax, and E fall in ranges of values greater than 0.05 and the same is true in the
case of the Grubbs test, the values of G and p for Fmax, ∆Lmax , σmax, εmax, and E fall in ranges of
values greater than 0.05, all of these confirming that the results obtained are showing a normal
distribution of the data, which is also confirmed by the values of p, greater than 0.05.
Based on the experimental results, characteristic curves – engineering stress vs. engineering

strain – were plotted for each of the ten test sets in all five environments. For each environment,
a mean curve, made on the basis of all the curves plotted for all the samples tested in each case,
is presented in Fig. 4.

Fig. 4. Mean engineering stress-strain curves for tensile testing of POM material in five different media.

Figure 5 shows a comparative plot of the mean values of the maximum engineering stress
obtained for the five studied environments.

Fig. 5. Mean values of the maximum engineering stress for POM specimens obtained
for all five studied environments.
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It can be seen from this graph that, taking as a baseline the results obtained when specimens
were tested in an ambient environment without any external factor, for all the other four cases
where specimens were previously tested with an external factor (distilled water, cooling oil,
UV-C radiation, and saline solution), the maximum engineering stress decreases. Thus, in the
case of specimens immersed in distilled water, there is a decrease in this maximum engineering
stress of 2.11%; in the case of specimens immersed in saline solution, the decrease is 6.54%;
in the case of specimens immersed in cooling oil, the decrease is somewhat more pronounced,
being 7.87%; and in the case of specimens subjected to UV-C radiation, the decrease is the most
significant, 23.75%.
Therefore, it can be concluded that all four media (distilled water, cooling oil, UV-C radia-

tion, and saline solution) have a negative influence on the tensile strength of POM samples, with
UV-C radiation having the highest influence and distilled water having the lowest influence. The
saline solution has the lowest degree of absorption in the material, followed by distilled water
and cooling oil, as can be seen in Fig. 6.

Fig. 6. Mean absorption level in POM specimens for all three liquids studied.

In this case too, changes can be observed in the values of the maximum engineering strain
compared to the values recorded for the specimens tested in an ambient environment and not
previously subjected to any external factor, for all the other four cases in which the specimens
were previously subjected to an external factor (distilled water, cooling oil, UV-C radiation, and
saline solution). The results are shown in Fig. 7. Thus, in the case of specimens immersed in
distilled water, the (smallest) decrease in the maximum engineering strain is 4.93%, and in the
case of specimens subjected to UV-C radiation, we have the most significant decrease, 73.02%.
In the case of the other two studied media (cooling oil and saline solution), an increase of the
maximum values for the specific strain is observed; thus, in the case of cooling oil, we have an
increase of 10.72%, and in the case of saline solution, an increase of 48.52%.
It can therefore be concluded that UV-C radiation has the most negative influence on the

maximum engineering strain of the specimens made of POM, with the maximum elongation
being reduced by 73.02% compared to specimens tested in an ambient environment and not
previously subjected to any external factor. It can therefore be said that UV-C radiation tends
to make the POM material brittle. There are also two environments that lead to an increase
in the maximum engineering strain value of POM specimens, namely cooling oil and saline
solution, the latter making POM specimens more ductile by approx. 24% than specimens tested
in ambient environments and not previously exposed to any external factors.
Also, in this case of the elastic modulus (Fig. 8), decreases in the values of the maximum

engineering strain can be observed compared to the values recorded for the specimens tested in
an ambient environment and not previously subjected to any external factor, for all the other
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Fig. 7. Mean values of maximum engineering strain for POM specimens obtained
for all five studied environments.

Fig. 8. Mean values of the elastic modulus for POM specimens obtained
for all five studied environments.

four cases where the specimens were previously subjected to an external factor (distilled water,
cooling oil, UV-C radiation, and saline solution). It can be seen from this graph that, taking as
a baseline the results obtained when specimens were tested in an ambient environment without
any external factor, for all the other four cases where specimens were previously tested with
an external factor (distilled water, cooling oil, UV-C radiation, and saline solution), the elastic
modulus decreases. Thus, the specimens immersed in cooling oil show the smallest decrease in
this characteristic, 5.26%. In second place are the specimens immersed in distilled water with
a decrease of 6.52%, and in the case of specimens subjected to UV-C radiation, the decrease is
8.74%. The largest decrease in the value of the elastic modulus is 11.13% and was obtained for
specimens immersed in saline solution.
It can therefore be concluded that all four media (distilled water, cooling oil, UV-C radiation,

and saline solution) have a negative influence on the elastic modulus of POM specimens, the
highest influence being the saline solution and the lowest the cooling oil, which has the highest
degree of absorption in the material of all three liquid media studied, as can be seen in Fig. 6.

4. Conclusions

The study findings highlight the significant influence that industrial and environmental fac-
tors have on the mechanical properties of POM. Of the four environments analyzed, UV-C ra-
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diation was found to have the greatest negative effect on the characteristics of material, leading
to a considerable reduction in its strength by 23.75% and a decrease in its maximum engineer-
ing strain by 73.02%, indicating embrittlement. Also, the saline solution produced the largest
decrease in the elastic modulus, with a decrease of 11.13%, suggesting a significant impairment
of the stiffness of the material.
On the other hand, saline and cooling oil led to increases in the ductility of the polymer,

manifested by significant increases in the maximum engineering strain, with saline contributing
an increase of up to 48.52%. Cooling oil, although it had the least effect on the elastic modulus,
influenced the mechanical properties through a slight improvement in ductility. According to
the results, the aggressive environments analyzed have a significant effect on the POM material,
effects that in commercial or industrial applications can cause a number of problems. However,
these effects of the aggressive media can be ameliorated by additives, stabilizers, fillers to be
added into the material structure. Chemical protective coatings can also be used to reduce the
impact on the material.
In conclusion, the research emphasizes the importance of understanding the effects of indus-

trial and environmental environments on POM, highlighting the need to take these factors into
account in the design and use of components made of this material. This approach can help
to optimize the performance and durability of manufactured products, ensuring efficient use in
industrial applications.

Appendix

Table A1. Experimental results and statistical analysis for POM specimens tested
in ambient environment.

Specimen no. Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

#1 1728.2 15.25 56.3 19.06 1792.2

#2 1769 12.72 58 15.9 1860.51

#3 1796.38 14.26 58.9 17.83 1875.56

#4 1722.88 11.88 56.3 14.85 1841

#5 1705 16.04 55.9 20.05 1850.02

#6 1780 10.71 58.44 13.39 1855.2

#7 1733.13 15.44 56.9 19.3 1855.12

#8 1753.88 14.5 60.22 18.13 1921.94

#9 1651.13 13.48 53.43 16.85 1779.96

#10 1737.5 13.68 57.15 17.1 1848.16

Mean 1737.74 13.77 57.15 17.25 1847.97

Median 1735.32 13.97 57.03 17.46 1852.57

Standard deviation 41.32 1.65 1.88 2.08 39.84

Minimum 1651.13 10.71 53.43 13.39 1779.96

Maximum 1796.38 16.04 60.22 20.05 1921.94

AD value 0.24 0.18 0.208 0.18 0.55

p-value (AD) 0.7 0.9 0.811 0.9 0.12

G-value 2.1 1.85 1.98 1.85 1.86

p-value (Grubbs) 0.15 0.42 0.25 0.42 0.41
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Table A2. Experimental results and statistical analysis for POM specimens tested in distilled water.

Specimen no. Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

#1 2080.38 13.16 51.27 16.45 1644.63

#2 2399.5 13.62 59.7 17.03 1827.32

#3 2406 13.33 59.12 16.66 1760.79

#4 2043.75 12.67 49.79 15.84 1585.99

#5 2318.88 15.4 56.84 19.25 1692.06

#6 2327.75 11.69 57.22 14.61 1706.68

#7 2151.63 11.45 53.26 14.31 1672.96

#8 2425 13.5 59.23 16.88 1726.95

#9 2201.63 13.42 54.02 13.42 1981.08

#10 2374.25 15.93 59.06 19.91 1750.45

Mean 2272.88 13.42 55.97 16.44 1734.89

Median 2323.32 13.38 57.03 16.56 1716.81

Standard deviation 142.06 1.41 3.64 2.05 108.99

Minimum 2043.75 11.45 49.79 13.42 1585.99

Maximum 2425 15.93 59.87 19.91 1981.08

AD Value 0.5 0.44 0.48 0.28 0.38

p-value (AD) 0.16 0.23 0.18 0.56 0.32

G-value 1.61 1.8 1.7 1.7 2.26

p-value (Grubbs) 0.88 0.52 0.69 0.69 0.06

Table A3. Experimental results and statistical analysis for POM specimens tested in cooling oil.

Specimen no. Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

#1 1680.38 18.56 53.20 23.20 1739.05

#2 1529.63 14.67 48.2 18.34 1647.41

#3 1647.5 16.42 51.79 20.53 1694.67

#4 1613.25 12.37 51.66 15.46 1723.19

#5 1692.75 14.45 59.26 18.06 1959.69

#6 1579.75 14.62 50.33 18.28 1698.88

#7 1617.88 16.89 51.16 21.11 1694.94

#8 1378 17.58 43.73 21.98 1541.77

#9 1736.63 14.68 59.28 18.35 1897.87

#10 1719.63 12.58 61.18 15.73 1959.25

Mean 1619.54 15.28 52.98 19.1 1755.67

Median 1632.69 14.68 51.73 18.34 1711.03

Standard deviation 106.26 2.04 5.46 2.55 138.54

Minimum 1378 12.37 43.73 15.46 1541.77

Maximum 1736.63 18.56 61.18 23.2 1959.69

AD value 0.4 0.32 0.39 0.32 0.57

p-value (AD) 0.29 0.46 0.31 0.46 0.1

G-value 2.27 1.6 1.69 1.6 1.54

p-value (Grubbs) 0.06 0.9 0.7 0.9 1
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Table A4. Experimental results and statistical analysis for POM specimens tested at UV-C rays.

Specimen no. Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

#1 1664.88 8.37 54.99 10.46 1839.07

#2 1657.75 7.54 54.99 9.43 1868.27

#3 1601.13 7.93 52.48 9.91 1796.77

#4 1482.75 8.66 49.01 10.83 1768.5

#5 1240.38 7.42 40.94 9.28 1603.88

#6 1363.75 9.73 44.94 12.16 1693.29

#7 1328.38 6.81 44.04 8.51 1675.99

#8 1247.25 8.04 40.95 10.05 1575.51

#9 1406.25 7.43 46.5 9.29 1705.4

#10 1001 7.81 32.93 9.76 1467.45

Mean 1399.35 7.97 46.18 9.97 1699.41

Median 1385 7.87 45.72 9.84 1699.35

Standard deviation 210.39 0.81 6.99 1.01 125.24

Minimum 1001 6.81 32.93 8.51 1467.45

Maximum 1664.88 9.73 54.99 12.16 1868.27

AD value 0.23 0.32 0.23 0.32 0.17

p-value (AD) 0.74 0.46 0.76 0.46 0.91

G-value 1.9 2.17 1.9 2.17 1.85

p-value (Grubbs) 0.36 0.1 0.36 0.1 0.42

Table A5. Experimental results and statistical analysis for POM specimens tested in saline solution.

Specimen no. Fmax

[N]
∆Lmax

[mm]
σmax

[MPa]
εmax

[%]
E
[MPa]

#1 2010 22.07 49.31 27.59 1596.67

#2 1985.13 22.21 49.23 27.76 1577.56

#3 1973.88 20.78 48.14 25.98 1539.81

#4 2393.75 18.93 58.38 23.66 1744.09

#5 2371.88 19.93 58.02 24.91 1737.22

#6 2030.63 17.76 49.48 19.7 1596.77

#7 2294.63 21.44 56.91 26.8 1719.81

#8 2347.5 21.71 57.76 27.14 1727.39

#9 2103.13 22.26 51.35 27.83 1644.6

#10 2334.38 19.9 57.84 24.88 1745.18

Mean 2184.49 20.5 53.64 25.62 1662.91

Median 2198.88 21.11 54.13 26.39 1682.21

Standard deviation 177.92 2.01 4.45 2.52 80.15

Minimum 1973.88 15.76 48.14 19.7 1539.81

Maximum 2393.75 22.26 58.38 27.83 1745.18

AD value 0.23 0.19 0.26 0.19 0.26

p-value (KS) 0.13 0.15 0.05 0.15 0.05

G-value 1.18 2.12 1.3 2.22 1.54

p-value (Grubbs) 1 0.14 1 0.08 1
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This study investigates the eddy current testing (ECT) technique to assess microstructural
changes in S235 low carbon steel after cold rolling. Specimens of varying thicknesses (12mm, 8mm,
and 6mm) were analyzed to evaluate the impact of deformation on such properties as dislocation
density, grain texture, and hardness. Metallographic studies using light microscopy were performed,
supplemented by dislocation density measurements via transmission electron microscopy (TEM).
The ECT results demonstrated that microstructural changes, particularly cold-work hardening
and grain elongation, significantly influenced the phase angle of impedance. Lower penetration
depths were more sensitive to surface changes, highlighting the capacity of ECT for detecting near-
surface deformation. This work establishes a robust, non-destructive methodology for characterizing
manufacturing-induced microstructural changes in heat-resistant steels, with applications in quality
control and material performance evaluation.
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1. Introduction

Structural steels, such as S235, play a pivotal role in industries that demand materials capa-
ble of maintaining structural integrity under extreme operating conditions (Brnic, 2021). Appli-
cations in power generation, aerospace, petrochemical processing, and other high-temperature
environments require materials that can withstand prolonged exposure to thermal and mechani-
cal stresses without compromising their mechanical properties or dimensional stability. S235 has
emerged as a preferred material for these demanding applications. However, processing tech-
niques such as cold rolling, while essential for achieving desired mechanical and dimensional
parameters, inevitably introduce microstructural changes that can influence the material’s long-
term performance.
Cold rolling is a widely used manufacturing process for refining grain structure, improving

mechanical properties, and achieving dimensional precision (Ueji, 2002). However, it also in-
duces localized plastic deformation, leading to microstructural variations, and as a consequence,
to strain hardening, dislocation density increase, and possible changes in grain size and mor-
phology. These changes directly affect key properties like strength, ductility, and resistance to
corrosion and fatigue. Therefore, understanding and quantifying these microstructural changes
are essential for ensuring the reliability and safety of components made of S235 steel.
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Traditional techniques for microstructural changes evaluation, including optical and electron
microscopy, X-ray diffraction, Magnetic Barkhausen Noise and hardness testing, provide detailed
information. However, they have notable limitations (Makowska, 2024). These methods often re-
quire destructive sampling, extensive preparation, and significant time investment, making them
less practical for routine quality control or in-service inspections. In contrast, non-destructive
testing (NDT) methods offer the potential for rapid, cost-effective, and non-invasive assessment
of material properties. Among these, eddy current testing (ECT) has gained prominence due to
its sensitivity to microstructural and compositional variations (Kukla, 2021).
Eddy current testing operates on the principle of electromagnetic induction, where alternat-

ing current in a probe coil induces eddy currents within the conductive material being tested.
The interaction between the eddy currents and material’s microstructure affects the impedance
of the probe, which can be measured and analyzed. Changes in material properties such as
electrical conductivity, magnetic permeability, and surface roughness, often associated with mi-
crostructural transformations, lead to measurable variations of ECT signals (Kukla, 2022). This
makes ECT particularly well-suited for detecting deformation-induced changes, including those
resulting from cold rolling processes.
This study explores the feasibility and effectiveness of using eddy current testing to assess

microstructural changes in S235 steel subjected to cold rolling. By correlating ECT signals with
metallurgical parameters such as dislocation density, grain structure, and phase composition,
this research seeks to develop a reliable, non-destructive approach to evaluating the impact
of manufacturing processes on material properties. The insights gained from this work have
a potential to enhance the understanding of microstructural evolution in S235 steel and facilitate
the broader adoption of NDT techniques for quality control and material characterization in
industrial settings.

2. Materials and methods

S235 steel specimens with different degrees of deformation were used in this study. The ini-
tial specimen (S) was a 12mm thick hot rolled sheet. It was then cold rolled into 8mm and
6mm thick sheets and designated as S1W and S2W, respectively. Metallographic examinations
and stereological analysis were performed using a NIKON light microscope and were prepared
with the standard metallographic techniques (mechanical polishing) and etched with 10% Nital.
Subsequent studies included the assessment of dislocation density based on transmission elec-
tron microscopy (TEM) observations of thin foil samples obtained by electrolytic thinning, on
JEOL JEM 1200 EX. Microstructure images were used to estimate the density dislocation on
samples S, S1W, and S2W. The intersection of dislocation and lines was counted based on 5 lines
inserted into the images. Analyzed areas were observed with 50000× and 100000×magnification.
Dislocation density was estimated from the equation:

ρ = N/LrT, (2.1)

where N – the number of dislocations measured through line intersection, Lr – the total length
of all lines, T – sample thickness (established T = 200nm).
The last stage involved the analysis of the eddy current signal on various surfaces of S235

steel specimens with various degrees of deformation. The impact of cold-work hardening on the
value of the impedance phase angle was analyzed.

3. Results

The microstructure of rolled sheets exhibited a strong texture, which is visible in the cross-
sectional view (Fig. 1). Its presence could be also confirmed based on the results of stereological
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Fig. 1. Microstructure of the cross-section of the rolled sample S2W with estimated penetration depths
of eddy currents for different induction frequencies.

tests, including a quantitative assessment of grain elongation. Figure 1 shows the estimated pen-
etration depths of eddy currents for three values of the excitation frequency that were selected for
testing. The impedance phase angle was measured on the surfaces of rolled specimens with differ-
ent deformations and cross-sections in transverse and longitudinal directions to the rolling. It was
observed that the most notable differences were found for the lowest penetration depth (Fig. 2).
Such behavior was related to the highest deformation degree of the surface due to cold-work hard-
ening. The deeper the measurement frequency was, the lower the recorded differences were. It was
directly connected with the microstructural changes that occurred below the surface (Fig. 1).

Fig. 2. Changes in the phase angle as a function of frequency for three surfaces of the sheet
with a thickness of 6mm.

The results of impedance measurements performed on surfaces with various degrees of de-
formation were compared with dislocation density measurement, as shown in Table 1. Example
images of the dislocation structures and measurement lines are shown in Fig. 3. The numbers
of estimated dislocation for the analyzed samples are shown in Table 1.
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Table 1. Mean value for dislocation density in specimen S, S1W, and S2W.

Specimen Dislocation density

S (initial state, 12mm thick) 5.50× 1012m−2

S1W (cold rolled, 8mm thick) 9.14× 1012m−2

S2W (cold rolled, 6mm thick) 1.10× 1013m−2

Fig. 3. Dislocation structure of S235 (sample S) with visible dislocation and measurement lines, the
number of intersections is 21 for image (a) and 17 for image (b); dislocation structure of S235 after cold
rolling (sample S2W) with visible dislocation and measurement lines, the number of intersections is 48

for image (c) and 51 for image (d).

Such comparison clearly indicates an increase in dislocation density for specimens after cold
rolling in comparison to the initial state. The higher the dislocation density was, the more
material hardening was introduced.
The results clearly show an increase in the dislocation number for samples after cold rolling in

comparison to the initial state. However, a higher number of observed dislocations was expected.
This fact can be explained by the low dimension of the analyzed area (TEM sample) which can
make the analyzed volume of the material insufficient for proper estimation of dislocation density.
Another explanation is the possible annihilation of dislocation being a result of residual stress
relaxation during TEM sample preparation.
The variation of the eddy current parameter as a function of dislocation density measured

for samples after various degrees of deformation, with different penetration depths, is shown in
Fig. 4. It is easy to notice that the same deformation degree represented by the specific dislocation
density value can be more precisely detected for higher measurement frequency applied.
The experimental results highlight the intricate relationship between the microstructural

changes due to cold-rolling and corresponding ECT signals. As shown in the cross-sectional
microstructures, the deformation process caused a pronounced grain elongation and texture de-
velopment. This was quantitatively confirmed through stereological and TEM analyses. The dif-
ferences in crystallographic texture between the initial state and cold-rolled states underscore
the significant alterations in the material’s internal structure.



Assessment of microstructural changes in S235 steel after cold rolling using eddy current testing 605

Fig. 4. Influence of dislocation density on the phase angle for different ET penetration depths.

The phase angle of impedance, measured at various ECT penetration depths, revealed dis-
tinct trends tied to the degree of deformation. At the lowest penetration depth, the most sub-
stantial differences in the phase angle were observed, correlating with the pronounced surface
deformation induced by cold rolling. This behavior reflects the higher sensitivity of shallow
measurements to surface changes, where cold-work hardening and increased dislocation density
are predominant. In contrast, deeper penetration depths exhibited attenuated differences, as the
subsurface regions experienced comparatively less deformation. The correlation between disloca-
tion density and the phase angle further elucidates the role of cold rolling in modification of the
steel’s microstructure. Dislocation density, which increased from 5.50× 1012m−2 in the initial
state to 1.10× 1013m−2 in the 6-mm thick rolled specimen, aligned with progressive material
hardening. This increase was directly mirrored in the ECT data, where higher dislocation den-
sities corresponded to more pronounced changes in the impedance phase angle. Notably, these
effects were most discernible at higher excitation frequencies, which enhanced the detection
precision for specific deformation degrees.
The results also underscore the efficacy of ECT in distinguishing microstructural gradients

within the material. By leveraging varying penetration depths, ECT demonstrated its capability
to detect surface versus subsurface changes. This feature is particularly valuable for assessing
surface treatments or identification of the localized deformation zones that may impact material
performance.

4. Conclusions

This study successfully demonstrated the utility of ECT in evaluating microstructural changes
in S235 heat-resistant steel subjected to cold rolling. Key conclusions include:
– ECT effectively detected changes in grain elongation, crystallographic texture, and dis-
location density induced by cold rolling. These microstructural alterations significantly
influenced the impedance phase angle, particularly at lower penetration depths;
– the highest sensitivity to deformation-induced changes was observed at shallow penetra-
tion depths, making ECT a powerful tool for surface-level assessments where cold-work
hardening is predominant;
– a strong correlation between increased dislocation density and changes in the ECT phase
angle was established, providing a quantitative link between microstructural changes and
ECT signal variations;
– the results highlight the potential of ECT as a non-destructive technique for the charac-
terization of manufacturing-induced microstructural changes in heat-resistant steels. The
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method is applicable to quality control processes and can aid in predicting material per-
formance in service.
Future work should focus on extending the methodology to other materials and deformation

processes, as well as exploring the integration of ECT with other non-destructive techniques for
comprehensive microstructural evaluations.
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A process is described that allows the identification of the road profile traversed by a tractor
based only on acceleration signals measured in the field. The objective of this identification process
is to obtain a field path profile that, when simulated, produces accelerations in the tractor as
close as possible to those generated by the original profile, thereby causing similar damage values
to the structure of the tractor. This process requires an accurate multibody system model of the
vehicle with a sophisticated tire model. Under these considerations a method has been developed
making it possible to invert the dynamic problem and to determine the field path profile, which can
subsequently be used for simulations of arbitrary tractors.
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1. Introduction

Virtual development of tractors requires an accurate load case definition with a reasonable
correspondence between simulation and real-world field conditions, which is the fundamental
prerequisite for the strength and mechanical fatigue analysis (see (Renius, 2020)). The predom-
inantly used input load parameters are the forces at the wheel hubs and excitations caused by
the field path profile.
A well-established method to measure the forces at the wheel hubs is to use measurement

rims (see Fig. 1), although this approach is time consuming (Ferhadbegović, 2008).

Fig. 1. Measurement rim.
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Moreover, these forces are specific to one particular parameter set, whereby even a minor
change (e.g., adjusting ballast mass, using another implement, etc.) makes these measured forces
unusable for further simulations with the established tractor model.
Therefore, parameters are needed which are independent of the specific tractor configuration.

Since the field path profile fulfills this requirement, it emerges as a promising approach (also see
(Gattringer, 2023)).

2. Field path detection based on measured accelerations

An accurate multibody system simulation model of the tractor including a high sophisticated
tire model is the prerequisite for field path detection, which has been elaborated in (Fuchs &
Pauschenwein, 2019; Jedinger-Pauschenwein et al., 2024).
For setting up the multibody system (see (Schrattbauer, 2024)), the software system Adams,

version 2022.2.0, has been used in combination with FTire. Adams is a multibody dynamics
simulation software system (see (Adams)), whereas FTire is used for modeling tires (see (Gipser,
2007; Leister, 2009; Oertel, 2007; FTire)).
The method presented here allows the identification of the road profile traversed by a tractor

based solely on measuring accelerations.
The target is to derive a profile that, when simulated, generates accelerations in the tractor

as closely as possible to those generated by the original profile. As a result, the identification of
the road profile excitations on basis of measured accelerations is an inverse problem.
Considering an inverse problem, a simplified model with a reduced number of degrees of free-

dom seems to be advantageous. Therefore, such a model is derived from the complex nonlinear
tractor model in Adams replicating the dynamic behavior of the real tractor very accurately.
Referring to Schiller (2018) comparative simulations proved that a reasonable reduction of de-
grees of freedoms has a negligible influence on the accelerations (e.g., fixing cabin rigidly to the
tractor body, etc.). Furthermore, the high sophisticated FTire model is replaced by a spring
damper system, and further simplifications of the inverse problem are achieved by linearization.

2.1. Mathematical framework

Linear time-invariant mechanical systems are characterized by the differential equation:

Ms̈+Dṡ+Ks = f . (2.1)

Description of the parameters and the variables:

q – number of degrees of freedom, M ∈ Rq × Rq – mass matrix,
s ∈ Rq – generalized displacement vector, D ∈ Rq × Rq – damping matrix,
ṡ ∈ Rq – generalized velocity vector, K ∈ Rq × Rq – stiffness matrix,
s̈ ∈ Rq – generalized acceleration vector, f ∈ Rq – external forces vector.

Using the substitution ṡ = v and adjusting the notation such that M−1f = B̂u leads to
a first order system of linear differential equations:[

ṡ
v̇

]
=

[
0 E

−M−1K −M−1D

]
︸ ︷︷ ︸

A

[
s
v

]
+

[
0
B̂

]
︸ ︷︷ ︸
B

u. (2.2)

Introducing the state vector xT =
[
sT,vT

]
, the linear time-invariant (LTI) system results in

a more compact form, whereby the wheel hub forces are collected in the input vector u:

ẋ = Ax+Bu with y = Cx+DTu. (2.3)
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Description of the matrices:

A ∈ Rn × Rn – system matrix C ∈ Rk × Rn – output matrix
B ∈ Rn × Rm – input matrix DT ∈ Rk × Rm – direct transmission matrix.

This LTI system comprises matrices A, B, C, DT , state vector x ∈ Rn (positions and
velocities), input vector u ∈ Rm, and output vector y ∈ Rk.
Since in this study the direct transmission matrix DT , not to be confused with the damping

matrix D, is consistently zero, the output vector (measured variables) can be expressed as

y = Cx. (2.4)

Differentiating Eq. (2.4) and substituting the vector ẋ from Eq. (2.3), ẏ becomes

ẏ = CAx+CBu. (2.5)

Reorganizing the terms to isolate the input vector u leads to

u = (CB)−1 ·
[
ẏ−CAC−1y

]
. (2.6)

Generally, matrix C possesses dimensions k × n while matrix B has n ×m. Upon multiplying
these matrices, the resulting dimensions of CB are k × m. If m is equal to k, and assuming
CB is regular, it could be conventionally inverted. However, for non-square CB matrices, the
equation has to be modified to (see (Freund & Hoppe, 2007)):

u = (CB)+ ·
[
ẏ−CAC−1y

]
, (2.7)

with the so-called Moore–Penrose pseudo-inverse for non-square matricesCB, which is described
in (Freund & Hoppe, 2007):

(CB)+ =
[
BTCTCB

]−1
BTCT. (2.8)

Using the abbreviation S = BTCTCB, the pseudo-inverse becomes

(CB)+ = S−1BTCT, (2.9)

and Eq. (2.7) transforms to

u = S−1BTCT ·
[
ẏ−CAC−1y

]
. (2.10)

Matrix S must be invertible for this algorithm’s application. This necessitates matrix C to be
regular. Considering this relationship, the input variables of an LTI-system can be deduced, and
this research indicates that, in general, the addressed problem is a pseudo-inverse one.
A significant merit of this approach is the elimination of frequency domain transformations

which are normally used for inversion by virtual iteration (see (Gattringer, 2023; Reichl, 2011;
Witteveen, 2023)). Furthermore, matrix S requires only one single inversion, regardless of the
computed time steps, as it comprises fixed values.
Since the second derivation of the positions is measurable (accelerations), only signal inte-

gration is required to obtain ẏ and y, which is a stable numerical procedure. In this special case
it has been chosen for simplicity without loss of generality that ẏ = ẋ and y = x.
Knowing the forces u, the state vectorx, tire stiffness and damping, a differential equation is

applied to deduce the field path profile (ground elevationxG) considering the geometry referring
to the tire radius.
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2.2. Identification of wheel center point displacement

The system description (2.2) and (2.3), along with its inverted variant (2.10), is relevant only
for systems that have forces as their inputs, but field path detection requires a further relation
between forces and displacements which will be the final inputs.
To establish the relationship between force and displacement, a single-mass oscillator com-

posed of a spring and damper is utilized, as depicted in Fig. 2. In this context, the linear
spring/damper model approximates the complex stiffness and damping properties of the tire.
Consequently, the values for the spring constant k and the damping coefficient d can be derived
from parameters of the FTire-model.

Fig. 2. One-mass-oscillator.

The equation of motion for the mass in Fig. 2 is

mẍ = −d(ẋG − ẋ)− c(xG − x), (2.11)

where x and ẋ represent the vertical position and velocity of the wheel center point (WCP).
Both state variables are obtained from the simulation directly or from integration of the sensor
signal. The force F , which is identical to the right side of Eq. (2.11), has been determined by the
inverse algorithm to identify the wheel hub forces. As a result, it becomes feasible to determine
xG by solving the differential equation:

ẋG =
c(x− xG) + dẋ+ F

d
. (2.12)

In simulations with different profiles, it is not ensured that, even with otherwise unchanged
simulation parameters, the average speed remains the same. This implies that when comparing
two simulation results over the time parameter, a reliable comparability of the state variables
cannot be guaranteed.
However, as part of the iteration process, it is essential to compare and link state variables

from different simulations with varying track profiles. For the before mentioned reason, the
dependence on time is transformed into a dependence on distance s(t). By introducing

v(t) =
ds(t)
dt

(2.13)

and applying the chain rule

dx(s(t))
dt

=
dx(s(t))
ds

v(t) → dx(s)
ds

=
dx(t)
dt

1

v(t)
. (2.14)

Equation (2.12) results in

dxG(s)
ds

=
c(x(s)− xG(s)) + dẋ(s) + F (s)

d

1

v(s)
. (2.15)

To transform the simulation data from the time domain to the space domain, the variable xtd
(traveled distance) was introduced. This variable integrates the longitudinal velocity component
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of the chassis center of mass, storing the distance covered at each sample time point (the traveled
distances of the wheel hub centers should be identical with xtd of the chassis center of mass).
By replacing the time vector with the resulting displacement vector, the state variable data can
be transformed into the space domain.
Generally, it is important to realize that traversing a road profile in reality involves a tire

with a non-zero radius, as sketched in Fig. 3.

Fig. 3. Merry-go-round profile.

The line connecting the point of contact to the wheel center is supposed to remain always
approximately normal to the road profile. This implies that the resulting movement of the wheel
center will not represent the geometry of the traversed profile. Therefore, it becomes essential
to construct the road profile from the determined displacements of the wheel center points.
Moreover, it is crucial to recognize that the determination of wheel center point movements,

based on the differential Eq. (2.2), presupposes that the tire’s contact with the road occurs
precisely at a single point vertically below the wheel center point. However, this is an idealized
simplification, because multi-point contacts as illustrated in Fig. 3 can occur as well as tire’s
compression at edges (see Fig. 4). Due to these multi-point contacts and extreme tire deflections
the field path profile cannot be captured accurately within this section.

Fig. 4. Tire compressed by edge.

Regarding the influence of tire radii on the quality of identification, this study aims to
demonstrate that an identified profile achieves satisfactory accelerations even when traversed
with tires of larger radii. As a result, re-identification is not necessary when using tires with
larger radii.
Another point to consider is that during the simulation or during the field test, one or more

wheels may lift off the roadway. It is impossible for the identification algorithm to distinguish
between an actual lift off and a touching road profile. In addition, tires starting to skid can
cause another problem: since the identified profiles will always differ from the original profile,
these effects will never occur at the same time, with the same duration, or at the same place in
subsequent simulations of an iteration.
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As a result, there can be phase shifts in the acceleration signals of different simulations.
All these real-world effects influence the identified road profile, whereby a geometrically precise
identification of the road profile using this method seems to be unattainable.
For future investigations it may be expected that AI-methods incorporate potential for fur-

ther improvements concerning the identification and inversion process.
Nevertheless, it must be emphasized that the highest accuracy is not the primary aim,

anyway. The goal is to ensure that the accelerations resulting from the identified road profile
sufficiently approximate the accelerations caused by the original road profile, because in this
case the damage values referring to the identified road profile can be expected satisfactorily
close related to those caused by the original road profile, see (Fuchs et al., 2024).

2.3. Road generation

The unknown track profile can be generated from the identified wheel center point deflections
using geometrical considerations. As already explained in the preceding section, the wheel center
point deflections arise approximately by following the line always perpendicular to the track with
a length of the constant tire radius r as illustrated in Fig. 3.
The track profile can now be determined in the opposite manner. The derivative of the wheel

center point deflection pWCP defines g(s) as

dpWCP(s)

dx
= g(s), (2.16)

and the gradient of the deflection curve is

g(s) =
(

1
g(s)

)
. (2.17)

By rotating the gradient by 90◦ clockwise, one obtains

ǵ(s) =

(
g(s)
−1

)
. (2.18)

As a unit vector multiplied by the tire radius rW , the desired vector

gr(s) =
1

|ǵ(s)|
ǵ(s)rW (2.19)

is obtained, pointing from the current wheel center point position to the corresponding contact
point or point on the track. Adding the wheel center point position and the vector (Eq. 2.19)
yields the absolute position of the current track point.
Adding the tire radius in the z-direction (vertical) ensures that the track coordinate in the

z-direction starts at 0:

pR(s) = pWCP(s) + gr(s) +
(

0
rW

)
. (2.20)

Since the longitudinal components of the tire contact forces are known from the Adams simula-
tion, and the longitudinal stiffnesses kLong of the tires are available, the determined position of
the current contact point can be further corrected in the x-direction by estimating

c(s) =
FLong(s)

kLong(s)
(2.21)

as an additional shift:

p(s) = pWCP(s) + gr(s) +
(
c(s)
rW

)
. (2.22)
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A significant observation is that the road created using this method cannot generally be directly
utilized. This stems from the fact that it cannot be assumed that in the identified wheel center
point movements, all local radii of curvature are greater than or equal to the idealized tire radius
as already mentioned (see Fig. 4).
If the radii of curvature are smaller than the tire radius, a track profile can emerge that

self-penetrates, resulting in road points whose x-coordinates have multiple z-coordinates.
This phenomenon is illustrated in Fig. 5, which exemplifies such a generated road.

Fig. 5. Generated road profile from identified wheel center point movements.

Realistically, such tracks cannot be either created or traversed. Addressing these issues re-
quires additional considerations. A sorting of all the generated track points according to their
x-coordinates has been conducted. This sorting ensures a track with a unique x/z mapping.
Figure 6 displays the track that results from sorting the track shown in Fig. 5.

Fig. 6. Generated road profile with sorted x-coordinates.

Having achieved a unique x/z mapping, the next step involves eliminating the peaks that
arose during the sorting process. This elimination is executed via a search algorithm. Starting
from the current point, the algorithm searches for the first point in the x-direction such that the
connecting line between the points does not exceed a predetermined maximum gradient value.
This newly identified point then serves as the starting point for subsequent searches. The final

profile generated through this process is depicted in Fig. 6. This methodical approach ensures
a road profile that can be used in subsequent simulations.
A summarizing description of the identification algorithm is described in Fig. 7.
The original accelerations refer to a complex nonlinear model, especially in view of the highly

sophisticated tire model. Since identifications are carried out with the simplified LTI models,
the identified profiles deviate from the original one. Therefore, a virtual iteration process in the
time domain has been developed so that the identified solutions should converge to the original
profiles (see Fig. 8).
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Fig. 7. Identification algorithm.

Fig. 8. Iteration process for road identification.

However, it must be emphasized that convergence cannot be warranted, and it has to be
checked with a keen eye whether the process is successful and whether the iterated accelerations
are sufficiently close to the original ones.

2.4. Simplified model for inversion

It is crucial to select an appropriate number of degrees of freedom and, consequently, an ade-
quate number of state variables (see (Popp & Schiehlen, 2010; Shabana, 2013)). Typically, a rigid
body possesses six degrees of freedom, encompassing movements in the x-, y-, and z-directions,
and rotations about these axes. An additional degree of freedom arises from the front axle,
which can rotate about the longitudinal axis independently of the main chassis in the case
presented here.
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In the context of the simplified model, movement in the longitudinal direction is not consid-
ered, and the model is fixed in this direction at the center of gravity. Additionally, the movement
of the center of gravity in the lateral direction and its rotation about the vertical axes have been
selected as the fifth and sixth degrees of freedom.
Consequently, the following six degrees of freedom remain:
1) movement of chassis in vertical direction;
2) movement of chassis in lateral direction;
3) rotation of chassis about vertical axis;
4) rotation of chassis about longitudinal axis;
5) rotation of chassis about lateral axis;
6) rotation of front axle about longitudinal axis of chassis.
These six degrees of freedom can be expressed via transformations of the six state vari-

ables (X1, X2, X3, X4, X5, X6), as seen in Fig. 9, where also the chosen combination of state
variables and boundary conditions is illustrated.

Fig. 9. Simplified model, state and boundary condition.

The four sensor locations from the nonlinear model, depicted in Fig. 10, are selected, whereby
all sensors can measure accelerations in x-, y-, and z-directions. Without loss of generality, the
sensor positions have been virtually shifted to the wheel center points, which requires transfor-
mations of the measured acceleration signals.

Fig. 10. Tractor, position of acceleration sensors.

All these transformations serve to reduce potential error sources during development, as the
movement of the wheel center points is integral to the identification process.
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Fortunately, this system comprises six degrees of freedom and six input parameters which are
four vertical and two lateral forces (one lateral force per axle). As a result, in this case a direct
inversion of the matrix CB is possible. If a swing arm at the front axle is to be considered,
the number of degrees of freedom will be greater than the number of input parameters, which
requires the application of the Moore-Penrose pseudo-inversion.

3. Examples for field path detection

General remark: references to measurement details (tractor manufacturer, test location) can-
not be provided because of confidentiality agreements with AVL’s customer.

3.1. Merry-go-round test

The merry-go-round test (MGR) is specifically designed to test the durability and resilience
of vehicles when exposed to real or simulated working conditions, whereby periodical excitations
due to obstacles as shown in Figs. 11 and 12 are to be considered. In literature it is also referred
to as a bump test track circuit with obstacles (see (Renius, 2020)).

Fig. 11. Merry-go-round test. Fig. 12. Obstacle in detail.

A tractor was tested with a speed of 7.5 km/h. Based on accelerations measured close to the
wheel hub centers, the obstacle shape has been identified, as seen in Fig. 13.

Fig. 13. MGR, 7.5 km/h, path profile.

However, the comparison between Figs. 12 and 13 indicates that the iterated profile does not
match the original one exactly. The reason for the deviations can be explained by the following
example.
For simplicity, a stiff disc is considered instead of an elastic tire, and furthermore, it is

assumed that there will be no loss of contact between the profile and the disc. Even with these
extremely simplified conditions it gets obvious that the red profile in Fig. 14 will cause the
same vertical wheel center movement as the original black one, which means that in some cases
the road profile cannot be uniquely determined on the basis of acceleration measurements.
In reality contact loss and multi-point contacts can additionally occur as well as compression

of the tires at edges (see Fig. 4). It is impossible for the identification algorithm to distinguish
between an actual lift off and a slight touching of the road profile. This is an illustrative ex-
planation that convergence cannot be warranted. Therefore, it always must be checked if the
iterated accelerations are sufficiently close to the original ones.
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Fig. 14. Different road profiles achieving the same acceleration at wheel center point.

Nevertheless, Figs. 15 and 16 indicate that the acceleration results achieved with the identified
profile correspond very well with the acceleration achieved with the original one. This is the most
important condition for the simulation to present a realistic dynamic behavior of the tractor,
also in view of subsequent strength and mechanical fatigue analyses.

Fig. 15. MGR, 7.5 km/h, front acceleration.

Fig. 16. MGR, 7.5 km/h, rear acceleration.

3.2. ISO 5008 track

The second test track was modeled on the basis of the ISO 5008 rougher road course (see
(Wiesebrock, 2016)), the so-called Holperbahn-35 (jolting path or “Sturzacker”) as seen in
Fig. 17.
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Fig. 17. ISO 5008, rougher road course in reality.

This road course was traversed unballasted at a speed of 7.5 km/h.
Although the ISO 5008 profile challenges the inversion algorithm with its instances of multiple-

point tire contacts and several sharp edges, Fig. 18 indicates that the original and the identified
field path profiles correspond very well.

Fig. 18. ISO 5008, rougher road, path profile.

Nevertheless, a geometric match is not the ultimate objective, because the goal is to achieve
vertical accelerations when traversing, which closely resemble the original ones. This must be ver-
ified by conducting another simulation using the identified track, and as seen in Figs. 19 and 20,
the accelerations correspond sufficiently accurately with those achieved with the original profile,
so that a satisfactory lifetime prediction should be possible.

Fig. 19. ISO 5008, rougher road, 7.5 km/h, unballasted, front acceleration.
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Fig. 20. ISO 5008, rougher road, 7.5 km/h, unballasted, rear acceleration.

3.3. Four-poster test rig

The four-poster test rig is designed to simulate working conditions in the field. It consists of
four hydraulic actuators, each positioned under a wheel of the vehicle (see also (Reichl, 2011)).
The objective is to achieve the same vertical accelerations as measured in the field. The presented
inversion algorithm provides the input signals for the actuators, also for random and long test
tracks. The simplified model is adjusted to the boundary conditions at the test bed, which
means that the lateral degree of freedom is fixed by two bars at one front/rear wheel, as shown
in Fig. 21. This measure and the fact that multiple tire contact surfaces cannot occur at the
four-poster test rig accelerate the convergence.

Fig. 21. Boundary conditions at four poster test rig.

Fig. 22. Four-poster, MGR, 7.5 km/h, ballasted, front acceleration.
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Using the merry-go-round test as example, Figs. 22 and 23 indicate that the target of repro-
ducing the original acceleration on the test rig is met very well.

Fig. 23. Four-poster, MGR, 7.5 km/h, ballasted, rear acceleration.

4. Conclusions

An iterative method in the time domain has been established for field path detection based
on measured accelerations. This method is cost-effective and sufficiently accurate as can be seen
in the examples carried out.
Furthermore, in contrast to wheel hub forces, field path profiles do not depend on a certain set

of tractor parameters, and therefore, they are outstandingly suitable for setting up an input data
base for tractor multibody system simulations, also in view of different countries and farmlands.
Based on reliable input data, these tractor multibody system simulations will deliver suffi-

ciently accurate load cases for the finite element analysis and mechanical fatigue life prediction,
which is a prerequisite for the weight optimized tractor design.
For the future it may be expected that AI methods will provide further potential for process

improvements.
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ε – strain, O – object,
η – error measure, PO – parallelization optics,
θ – beam angle, Pz – piezo actuator,
λ – wavelength of the laser, ROI – region-of-interest,

φ, ϕ – phase, S – shutter.
ψ – angle of the annulus.

1. Introduction

The determination of inhomogeneous deformations is of particular importance in experi-
mental mechanics. Examples of such analyses can be found in experimental deformation and
stress analyses of structures. Furthermore, it may be required in the verification and validation
of simulation models of complex structures with inhomogeneous strain and stress states. Other
examples of analyzing inhomogeneous strain fields are the characterization of materials, parame-
ter identification for material models (high information density due to the inhomogeneous strain
distribution) and measurements with component-oriented specimens. In order to meet the high
requirements of such analyses, powerful field measurement methods are used. In experimental
deformation analysis, two measuring methods have become established, which are also partic-
ularly suitable for inhomogeneous strains. These are electronic speckle pattern interferometry
(ESPI) and digital image correlation (DIC) which operate on completely different physical and
mathematical principles and in different measuring ranges (the basics to the methods are given
for ESPI in (e.g., Jacquot, 2008; Dudescu, 2015) and for DIC in (e.g., Sutton et al., 2009)).
The basis of the ESPI principle is interference of coherent light wave trains with evaluation of
the intensity of the speckle pattern formed through interference. In contrast, DIC is based on the
correlation of gray value distributions of the surface by a matching algorithm. By both methods
2D and also 3D displacement fields of optically accessible surfaces can be determined. However,
the measuring ranges are very different depending on the method. ESPI has an upwardly limited
measuring range regarding one-step analysis due to the physical basic principle. However, the
precision of this method is very high for small deformations. DIC, on the other hand, can be
very well used to measure large deformations, but shows limited precision in the lower deforma-
tion range due to the lower sensitivity of the method depending on the respective parameters
(setup, conditions, DIC and strain evaluation algorithm). These limitations resulting from the
measuring principles cannot or can only hardly be influenced by improving the device technology
and the evaluation method. A combination of both measuring methods, in which ESPI is used
in the lower deformation range and DIC for larger deformations, would enable an increase in
measurement opportunities and precision. In the framework of this paper, the corresponding 2D
techniques are used. The analysis of surface contours is not possible by means of these measure-
ment methods. Therefore, e.g., surface topography investigations cannot be carried out in this
way. Examples of such analyses can be found in (Macek et al., 2023; Kobayashi & Shockey, 2010).
In ESPI as well as DIC analyses the displacement fields are measured, which can be further

processed. On the basis of the displacements, strains can be determined by various methods,
which is independent of the measuring method. The frequently used standard strain evaluation
method is based on local evaluations using measured coordinates of adjacent points, e.g., for
DIC in (Carl Zeiss GOM, 2016). However, when this standard evaluation method is used, the
precision of the analysis will be particularly limited in the respective range of the measuring
method. This can be observed for example using standard strain evaluation tools of commercial
DIC software. Due to the noisy raw data, smoothing is recommended or can be required. One
way is the use of filters such as spatial mean or median filters in the vicinity of a point (see (Sun
& Qu, 2014)). Another method is strain calculation based on smoothing of the displacement
data using the finite element method (FEM), as a global approach that can be found in (e.g.,
Avril et al., 2008). A further global approach to calculate strains is based on the approximation
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of raw data by functions. For example, polynomials (cf. Kirbach et al. (2015), Pierron et al.
(2007)) or B-splines can be used for this purpose. Basics of B-spline approximation can be found
in (Hoschek & Lasser, 1992) and a selection of application examples are given in (Lehmann et al.,
2018; 2019; Peretzki et al., 2022; Lehmann & Ihlemann, 2022; Kanzenbach et al., 2022). Using
an approximation-based method, strains are easily determined by derivatives and smoothing is
achieved by the continuous mathematical description due to the functions (in most cases the
displacement). However, using polynomials, overshooting effects at the edges can occur producing
significant errors. This can be reduced or at best avoided by using B-splines, which also enables
an improved smoothing control, which is shown in (Lehmann et al., 2018). Though, following this
approach, errors can occur near sections where no data is available (e.g., notches, holes). In order
to avoid these effects, a parameterization of the surrounding region (near these boundaries) can
be used to improve the accuracy of the strain evaluation, demonstrated for a notch in (Lehmann
et al., 2019). Furthermore, approximation using B-splines may be improved by analyzing the
occurring noise, which enables the optimization of the smoothing control parameter shown in
(Lehmann & Ihlemann, 2022; Kanzenbach et al., 2022).
In the present paper, both measuring methods – 2D ESPI with phase shifting technique and

2D DIC – are evaluated regarding their resolution and measuring range. A combination of both
methods in one setup is presented. The in-plane deformation analysis at a notch is performed
by parametrization of the surrounding region and approximation of the raw ESPI and DIC
data by B-splines. Furthermore, an optimization of the smoothing is performed considering the
characteristic noise properties of the data in the approximation process.

2. Preliminary considerations regarding displacement resolution and largest
detectable displacement of the measurement methods

2.1. 2D ESPI with phase shifting

Using the phase shifting technique in ESPI, the resolution of the basic method is increased.
The principle is based on a shift (change) of the phase φ in a speckle pattern due to displace-
ment of points in two loading conditions j = 1, 2 (e.g., unloaded, loaded). The speckle patterns
are formed by interference of two laser object beams (coherent light). A precondition is a dif-
fuse reflecting object surface. Considering the resulting intensity Ires of the speckle pattern,
given by:

Ires(x, y) = I0(x, y) + Im(x, y) cosφ(x, y), (2.1)

the phase φ cannot be calculated directly. This is caused by the unknown basic and modulated
intensity I0 and Im. Using temporal phase shifting technique, a minimum of 3 additional phase
shifts (angles) are necessary for the determination of the phase φ. In order to increase the data
base, 4 additional phase shifts are implemented. In the contribution presented, an appropriate
4-frame-algorithm is used with the phase shifts 0, π2 , π,

3
2π resulting in 4 different intensities Ires i.

The phase in the two conditions (j = 1, 2) is determined by:

φj(x, y) = arctan
Ires 4j(x, y)− Ires 2j(x, y)

Ires 1j(x, y)− Ires 3j(x, y)
. (2.2)

Finally, the phase difference ∆φ(x, y) is defined by:

∆φ(x, y) = φ2(x, y)− φ1(x, y). (2.3)

These calculations are carried out for the directions x and y. Due to the basic equations, ∆φ is
discontinuous (∆φ ∈ (−π, π]) with a phase modulo of 2π, which results in the respective
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phase maps. Thus, unwrapping the distribution ∆φ is required to obtain the associated contin-
uous phase difference ∆ϕ used for displacement determination. The displacement fields ua with
a = x, y are calculated by:

ua(x, y) =
λ

4π · sin θ
·∆ϕa(x, y), (2.4)

where λ is the wavelength of the laser and θ the beam angle of the object beams. Further-
more, the appropriate sign needs to be considered according to the coordinate axis definition.
As aforementioned, between the phase edges a phase difference of 2π occurs in the phase maps,
which is usually represented in the gray value distribution. For an example with the parame-
ters λ = 532nm and θ = 39.67◦ the displacement step using Eq. (2.4) is 417 nm. Using 8 bit
resolution for the displayed grey scale distribution, 256 grey values are provided. This leads
to a theoretical minimum detectable displacement in x- and y-directions of ∆umin a = 1.6 nm
representing a theoretical resolution of ESPI with phase shifting for this example. In practi-
cal analyses, the variance error of a measuring sequence in the same load condition can be
considered to determine the noise and thus the approximated practical achievable resolution.
It depends, in addition to the determining influencing parameters, on the actual conditions of
the respective experimental setup. Hence, the practical minimum detectable displacement values
will increase.
For displacement of object points, displacements in the speckle pattern occur in addition

to the desired phase shift. The ESPI theory is based only on intensity changes of the speckle.
Therefore, in experimental applications of the method it is assumed that the speckles shift
and deform only very slightly, which leads to a considerable limitation of the measuring range
upwards. This concerns the measurement in one step. The restriction of displacement depends
on the speckle size. Experimental experiences show that stable phase maps cannot be calculated,
when the displacement (absolute value) exceeds approximately 0.25 ... 0.4 · ds. Hereby, ds is the
approximated speckle diameter. It results from the wavelength as well as the imaging conditions
and is determined at the object by the following equation (cf. Rohrbach (1989), Cloud (2007)):

ds ≈ 1.2λ k

(
1 +

1

M

)
. (2.5)

Herein, k is the aperture number (f -number) and M is the magnification given by the optical
system. For an example of λ = 532 nm, k = 11, andM = 0.3 the speckle size ds is approximately
30µm. Thus, for this example, the maximum approximately detectable absolute displacement
value in one step at the object is ∆umax ≈ 8 ... 12µm under the above condition.

2.2. 2D DIC

The principle of 2D DIC is based on correlation of grey scale distributions with the consid-
eration of point environment defined by a subset of pixels in the digital images. The coordinates
in a second condition (e.g., loaded) are determined using a matching algorithm. As DIC is
a well-known and meanwhile frequently used method, the basics are not given in detail here.
The principle and examples are well described in the literature (e.g., Sutton et al., 2009).
The minimum detectable displacement ∆umin a as displacement resolution depends strongly

(linear dependency) on the subpixel shift resolution c. Typical values for c are between 0.1 and
0.25 pixel and depend on the actual experimental conditions influencing the quality of the images
acquired and the matching algorithm. For special conditions, values of c = 0.01 pixel even can
be reached. The value c is multiplied by the image scale la/na in mm/pixel as it is given by:

∆umin a =
la
na
c, (2.6)
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where la is the width or height of the measuring field (field-of-view) and na is the number
of pixels at the camera chip in the respective direction. For an example with the image scale
la/na = 0.01mm/pixel and with an estimated value c = 0.1 pixel, according to Eq. (2.6) the
minimum detectable displacement is ∆umin a = 1µm.
On the other hand, generally large displacements and strains can be measured with DIC.

Depending on the calculation options and the algorithm of the DIC system, an approach to
limitation in the form of the theoretical maximum detectable displacement in one step can be
(approximately):

∆umax a ≈ la − lsubset, (2.7)

considering the subset size lsubset as well as the field-of-view size la. Following this approach,
for an example with lx = 24.7mm and lsubset = 0.25mm, a value of ∆umaxx ≈ 24.45mm is
calculated. That is approximately the dimension lx.

3. Experimental setup and procedure

3.1. Setup

The experimental setup is complex due to the general requirements of the in-plane ESPI
method. Additionally, it is extended by the application of DIC. The principle of the setup is
given in Fig. 1. Beyond, the real experimental setup is depicted in Figs. 2 and 3.

Fig. 1. Principle of the experimental setup including ESPI (based on Lehmann et al. (2019))
and DIC equipment.

Fig. 2. Real experimental setup including ESPI and DIC equipment.
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Fig. 3. Details of the experimental setup – specimen and surrounding components: a) during ESPI analysis
(green laser light); b) during DIC analysis (white light); c) specimen geometry and load case (based on

Lehmann et al. (2019)).

The basis of the setup is a self-developed 2D ESPI device including an optically pumped
semiconductor laser from Coherent, of the type Sapphire 532 SF with a wavelength of λ =
532 nm, LS1. The focused beam is expanded by the expansion optics EO with a pinhole. The
next step is the parallelization using the optical paralleling lens PO, which includes an aperture
for limitation adjustment of the beam diameter. Then, from horizontal direction, the expanded
and parallelized beam is deflected to the vertical direction by reflection at a mirror M1 which
is arranged in a 45◦ angle. The beam is divided by a diffraction grating DG (cross grating for
the two directions with 1200 lines per mm), so that the orders −1 and 1 are symmetrically
guided within the ESPI measuring head (see also Figs. 2 and 3) to further mirrors M2/M3
(for the y-direction) and M4/M5 (for the x-direction), respectively. The two beams are reflected
and symmetrically radiated to the object O (specimen) under the beam angle θ = 39.67◦.
Finally, the reflected and interfering laser light is reflected by an additional 45◦ arranged mirror
M6 and observed by the camera C (Baumer, type VCXU-50M, CMOS camera with resolution
of 5 megapixels). For the temporal phase shifting technique, the additional phase shifts are
applied using piezo actuators Pz1 (for the y-direction) and Pz2 (for the x-direction). Shutter S3,
which can be rotated by a stepper motor, covers the direction not currently being analyzed by
the respective angle position. To perform the ESPI analyses, the shutter S2, which blocks the
white light source LS2 (cold light source with fiber optic cable, see Fig. 3b), is closed in order
to use only the laser light.
In contrast, the shutter S1 is closed for the DIC analyses in order to block the laser light.

Furthermore, the shutter S2 is open enabling illumination of the specimen (object) with white
light. The light reflected at the object is then deflected by the mirror M6 to provide the horizontal
direction of the light path. Thus, for acquisition of the DIC images, the same camera C is used
as in the ESPI measurement.
A notched cantilever bending beam made of epoxy resin is used as the object, see Figs. 2

and 3. For the DIC measurement, a fine speckle pattern was produced by coating using black and
white spray paint at the surface of the specimen. The properties of the coating are such that
a diffusely reflecting surface with corresponding roughness is created, which is also suitable for
the ESPI analysis. The specimen is fixed by a clamping device and the bending load is applied
by a manually adjustable linear unit acting as a punch (punch displacement up measured by
an incremental displacement transducer, Heidenhain MT 25). The specimen geometry and the
field-of-view (dimensions 24.7× 20.7, width× height in mm) observed by the camera are given
in Fig. 3c.

3.2. Test procedure

The specimen was loaded by punch displacement in steps of up = 15µm, 30µm, 60µm,
and 120µm. In each load step, grey scale images were acquired successively to apply both
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methods, ESPI and DIC. A reference state was adjusted with a preload to obtain defined initial
conditions and to ensure that the punch is in contact with the specimen. Image acquisition for
ESPI (automatically within the phase shifting 4-frame-algorithm with piezo and shutter control)
and for the DIC analysis was performed using a self-developed ESPI software. In the reference
state, 4 ESPI phase shift images (for both directions x and y) and 1 DIC image were recorded.
In the deformed state (relative to the reference state), a set of ESPI images (4× 4 images per
direction) and 4 DIC images were taken, that is a repetition of image acquisition in the same
condition was carried out. These images are used as a basis for the noise analysis and deformation
calculation.
For the 2D ESPI measurements with phase shifting, calculations are carried out using the

aforementioned self-developed measurement software. The primary results calculated by the soft-
ware are the phase maps according to Eqs. (2.2) and (2.3). In the following step the raw phase
map data is processed using a filter to obtain sharp phase edges and suitable grayscale dis-
tributions in the final phase map, which is used for calculation in further steps. For the DIC
procedure, the respective images acquired were analyzed by the DIC inspection software GOM
Correlate Professional. For the conversion of the data in mm, the image scale was determined
and implemented. The DIC correlation algorithm was performed regarding the first image with
subset (facet) size of 25 pixels (0.25mm) and a step size of 20 pixels (0.20mm). The primary
results are the coordinates, which were provided as data for further processing.

4. Evaluation method

The displacement and strain calculation were performed using a post processing procedure
in MATLAB for both measurement methods. The individual process steps are presented in the
following.

4.1. Determination and processing of displacements

As described in Subsection 2.1, in the ESPI analysis the discontinuities of the phase difference
∆φa must be dissolved by an unwrapping algorithm. The continuous phase difference ∆ϕa is
determined in this paper by unwrapping with a procedure implemented in MATLAB, given by
Herráez et al. (2002) and Kasim (2017). Furthermore, by Eq. (2.4) the ESPI displacement fields
ux and uy are obtained. However, this displacement raw data is noisy to a certain extent, so
that the accuracy of further calculations can be improved by smoothing. Regarding DIC, in this
contribution, the displacements as raw data were calculated within the post processing procedure
based on the coordinates (by difference calculation) in the different loading conditions instead
of using the direct software displacement results. Because the DIC data is noisy, smoothing is
here required too.
Besides displacement evaluation over the whole field-of-view based on the raw ESPI and DIC

data, the surrounding region around the upper notch root is considered as a special region-of-
interest (ROI) for further analysis. Due to the characteristic of strain analysis at notch edges
described in Section 1, this annulus region is analyzed implementing a parametrization. This
approach was first demonstrated in a similar way by the authors and tested for ESPI analy-
ses including comparison with numerical simulation in (Lehmann et al., 2019). To this end,
normalized parameters s and t considering an angle ψ are introduced as follows, cf. Fig. 4:

s(ψ = 0◦) = 0, s(ψ = 180◦) = 1,

t(r = rmin) = 0, t(r = rmax) = 1.
(4.1)

In the presented analyses, rmin is defined at a distance of approximately 0.2mm from the edge
of the notch, as error-influenced raw data occurs directly at this edge. Furthermore, as shown
in Fig. 4, in addition to the xy-coordinate system, local coordinates x and y are used. By the
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Fig. 4. Parametrization of the notch surrounding region.

parameters s and t, which are functions which depend on the coordinates x and y, a dimensionless
1× 1 square is formed. The relations are based on the geometry and are given by:

s(x, y) =
arctan (−y/x)

π
and t(x, y) =

√
x2 + y2 − rmin

rmax − rmin
. (4.2)

Hence, in the defined parametrized notch ROI, approximation can be performed with all existing
measuring data to obtain the displacement functions ua(s, t).
The approximation of the ESPI and DIC displacements is carried out using cubic B-splines

considering characteristic noise properties (referred to as the approximation-based method).
Within this algorithm, the smoothing parameter Tolua , representing a controlling parameter
for the displacement approximation, is determined by an optimization procedure. Basics of the
optimization method are given by Lehmann and Ihlemann (2022) and Kanzenbach et al. (2022).
The principle is depicted in Fig. 5.

Fig. 5. Displacement approximation with optimized smoothing.

The spatial noise of the raw data is analyzed based on static images, that is in a loading con-
dition without changes of the load and without movement of the specimen. Since the algorithm
should also be suitable for ESPI measurements based on characteristic phase maps, the deformed
state was selected for this noise analysis of the raw data. Hence, the database is a sequence of
resulting static ESPI phase maps or DIC images in the deformed state. The noise of the raw
data is defined by the difference between two displacement fields based on the noise images.
If necessary, components with significantly lower spatial oscillation (long-wave variation) within
the noise database are filtered out by a mean filter additionally. Furthermore, the displacements
in the deformed state are analyzed as a difference to the reference state and approximated by
B-splines as described. Here, the difference between the raw and B-spline data based on de-
formation represents the resulting noise. The object of optimizing the smoothing parameter
Tolua is to achieve good correlation of the noise characteristics. For this purpose, a first 2D fast
Fourier transform (FFT) of the matrices (field data of the noise analysis) with calculation of
the magnitudes is performed. Tests have shown that the noise properties show good correlation
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based on optimization, if the FFT is performed twice. Hence, by a second 2D FFT the matrices
[B

ua

ij ] (based on static images) and [Bua
ij ] (based on deformation) are obtained. As a similarity

measure of the noise analysis, the Pearson correlation coefficient C (cf. Profillidis and Botzoris
(2019)) is calculated and used for the optimization. Finally, suitable tolerances Tolua are found
by an optimization using the Nelder–Mead simplex algorithm with minimization of the objective
function f :

min
Tolua

f(Tolua) = min
Tolua

(
1− C

([
B

ua

ij

]
,
[
Bua

ij (Tolua)
]))

. (4.3)

4.2. Calculation of strains

The strains are determined based on the functions ua(s, t). This requires the partial deriva-
tives of the displacements with respect to the parameters and the partial derivatives of the
parameters (based on Eqs. (4.2)) with respect to the coordinates. As an example, the strain εx,
relevant for the investigations demonstrated, is defined by:

εx =
∂ux
∂x

=
∂ux
∂x

=
∂ux
∂s

∂s

∂x
+
∂ux
∂t

∂t

∂x
. (4.4)

5. Results

The results presented are limited to the evaluation of the x-direction, as the deformation
analysis for this load case is relevant in this direction. The evaluation is performed using the
procedures described in Section 4.

5.1. Phase maps and displacements

For the ESPI analyses, at first the wrapped phase maps are assessed, as these already pro-
vide an indication of the quality of the measurement. The load steps with punch displacement
up = 15µm (cf. Fig. 6a) and 30µm (cf. Fig. 7a) show plausible phase differences ∆φx (inclu-

Fig. 6. (a) Phase map ∆φx; (b) ESPI displacement field ∆ux; (c) DIC displacement field ∆ux
– for punch displacement 15µm.

Fig. 7. (a) Phase map ∆φx; (b) ESPI displacement field ∆ux; (c) DIC displacement field ∆ux
– for punch displacement 30 µm.
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ding the discontinuities) with the typical distribution of this load case considering the notched
cantilever bending beam.
In the case of the higher load steps of up = 60µm (cf. Fig. 8a) and 120µm (cf. Fig. 9a),

the limitation of the algorithm takes effect, as the displacements of the speckles are too large
and exceed the critical value. This is for up = 60µm in the region on the right side of the
notches (over the full specimen height) and for up = 120µm approximately in the right half of
the field-of-view. By unwrapping, the ESPI displacement fields ∆ux for the lower load steps are
obtained, cf. Figs. 6b and 7b. This is expressed as displacement difference regarding the point
at the left boundary at y = 0 (at this point the displacement is defined as zero). This approach
is the same for the DIC displacements, cf. Figs. 6c, 7c, 8b, and 9b. The ESPI results show an
almost symmetrical displacement distribution for the evaluable load steps and the DIC results
for the load steps except up = 15µm. Thus, for up = 30µm the distributions of ESPI and DIC
measurement show good agreement. In the lower load levels (see Figs. 6c and 7c) significantly
more noise is observed in the DIC data due to the limited sensitivity of the method.

Fig. 8. (a) Phase map ∆φx; (b) DIC displacement field ∆ux – for punch displacement 60µm.

Fig. 9. (a) Phase map ∆φx; (b) DIC displacement field ∆ux – for punch displacement 120µm.

The special ROI is the annulus region surrounding the upper notch root, which is parametrized
according to the described evaluation method. In Fig. 10, a representative example of the noise
analysis, showing the database of up = 30µm, is given. The noise ∆ux based on static images
(analyzed by an image sequence in the deformed state without change of loading), cf. Figs. 10a
and 10c, generally show small values, but with different characteristic of the noise distribution
for the ESPI and DIC methods. In this example, the noise floor – defined as the spatial standard
deviation – is 1.2 · 10−2 µm for ESPI and 6.8 · 10−2 µm for DIC. The higher precision of the ESPI
method is clearly obvious. Furthermore, a small offset value is observed in the noise plot, which
indicates that small displayed rigid body shifts occur due to error influences. The comparison
with the resulting noise based on deformation (as difference of the raw data and the B-spline ap-
proximation) with optimized smoothing (cf. Figs. 10b and 10d) shows good agreement regarding
the criterion. Due to the optimization of the smoothing parameter Tolua , the noise characteristic
is appropriately similar.
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Fig. 10. Comparison of noise distribution ∆ux in the deformed state: (a) ESPI deviation
based on static images; (b) ESPI deviation based on deformation; (c) DIC deviation based
on static images; (d) DIC deviation based on deformation – for punch displacement 30µm.

5.2. Strains

The strains are based on the parametrization of the notch root surrounding region and
approximation of displacements providing suitable functions. All the described extensive eval-
uations essentially serve the purpose of strain analysis. The strain εx is finally obtained by
calculation using Eq. (4.4). In Fig. 11 the ESPI and DIC strains are compared for the lowest
load step with up = 15µm. Here, significant differences between the results of the methods
occur. The ESPI strain shows a more plausible and precise distribution with typical gradients
at the notch root.

Fig. 11. Strain field εx: (a) ESPI result; (b) DIC result – for punch displacement 15µm.

Figure 12 shows good correlation between the strains results of the two measurement methods
in the load step with up = 30µm. For a better quantitative evaluation of the deviations, an error
measure ηx is introduced:

ηx =
εDIC
x − εESPIx

|εESPIx |max

. (5.1)

Therein, strain differences regarding the maximum absolute value of the ESPI strain
∣∣εESPIx

∣∣
max

are considered, where εDIC
x and εESPIx are the strains obtained by the respective methods. The

largest deviations occur in the left region of the ROI (annulus). The more precise result is
represented by the ESPI strain due to the higher sensitivity, which leads to good suitability of
the method for measuring these small strains. It should be noted that this deviation evaluation
is one example. Generally, small deviations between the measurements performed at different
times at the same load occur for both methods (based on the image sequence in the deformed
state). Since the loading was not changed during the step, this is due to errors in the test setup
and conditions.
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Fig. 12. (a) ESPI strain field εx; (b) DIC strain field εx; (c) local error measure field ηx (relative deviation
between DIC and ESPI) – for punch displacement 30µm.

At the higher load steps, the strain cannot be determined by the ESPI method, as the
displacements are too large for the algorithm (cf. Figs. 8a and 9a). The DIC strains of the higher
load steps are determined by the described approximation-based method with parametrization
and additionally by the standard method (without filter), which is provided by the DIC software
GOM Correlate Professional and are depicted in Fig. 13 (for up = 60µm) and Fig. 14 (for up =
120µm). The approximation-based method with parametrization (cf. Figs. 13a and 14a) shows
more precise results of the strain distribution compared to the standard method (cf. Figs. 13b
and 14b). The reason can be found in the basically noisy raw data. It influences the local
approach used in the standard method resulting in visible noise of the strain. Smoothing could
be achieved by a filter, but with occurring bias at the edges. The higher the strain, the more
precise the standard method becomes.

Fig. 13. (a) DIC strain field εx using the approximation-based method with parametrization;
(b) DIC strain field εx using the standard method – for punch displacement 60µm.

Fig. 14. (a) DIC strain field εx using the approximation-based method with parametrization;
(b) DIC strain field εx using the standard method – for punch displacement 120µm.

6. Conclusions

In this paper, a test setup for deformation analysis combining ESPI and DIC is introduced.
The setup enables the measurement of displacement fields with both methods in the same load
step. This is demonstrated by a bending load case using an epoxy notched cantilever bending
beam. The combined ESPI and DIC measurements were successfully performed for different
loads. Regarding the basic displacement determination, the following can be concluded:
– The higher sensitivity of the ESPI method leads to more precise results of the displace-
ments demonstrated at the lower load steps (punch displacement up = 15µm and 30µm)
compared to DIC. Nevertheless, due to the occurring noise floor (1.2 · 10−2 µm for an
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evaluation example), the theoretical displacement resolution of ESPI described in Subsec-
tion 2.1 cannot be reached. Furthermore, the fundamental limitations regarding sensitivity
of DIC were confirmed. However, the short-wave characteristic noise of the DIC displace-
ments shows good results (noise floor of 6.8 · 10−2 µm for an evaluation example) providing
a positive impact on the resolution.
– At the higher load steps large regions – that is the region on the right side of the notches for
up = 60µm and the right half of the field-of-view for up = 120µm – cannot be analyzed
by ESPI due to too large displacements of the speckles. Hence, the limitation of the
applicability of ESPI regarding increasing displacements was demonstrated. In contrast,
the results confirm that the DIC method is well applicable with larger displacements.
Furthermore, strain evaluation was carried out, which is concluded as follows:
– A special approximation-based evaluation method considering characteristic noise proper-
ties with parametrization of the notch root surroundings (developed by the authors) was
adapted and advantageously applied. For both measurement methods, the characteristic
spatial noise of the raw data based on static images in the deformed state was used as
the basis for the optimized smoothing. In that way, good correlation of the resulting noise
based on deformation with the noise based on static images is provided. The obtained
functions are used for strain determination.
– In the smallest load step (up = 15µm, maximum strain εx ≈ 1 · 10−4) the precision of the
DIC is not sufficient. In contrast, ESPI provides precise results with plausible distribution
due to the high sensitivity of the method. In the load step with up = 30µm (maximum
strain εx ≈ 2.4 · 10−4) the results of both methods show good correlation of the strain.
Here too, the precision of the ESPI result can be classified as higher.
– Due to the limitations of ESPI mentioned before, strain analysis at the higher load steps
could not be performed. However, the DIC shows very plausible and precise results for
up = 60µm and 120µm (maximum strains εx ≈ 4.5 · 10−4 and 9 · 10−4). Compared to
standard evaluation, the approximation-based method with parametrization shows more
precision in the results.
Finally, we can conclude that based on the experiments presented, the ESPI and DIC methods

complement each other very well in one test setup and enable the extension of the deformation
measuring range. Generally, the evaluation method demonstrated in this contribution provides
advantages resulting in more precision of the deformation analysis compared to other algorithms,
independent of the measuring method used (ESPI or DIC). The possibility of extending the
DIC measuring range to smaller strains using the special evaluation method is particularly
noteworthy. Occurring influences, which have an impact on the variance on the displacements and
strains over time, especially with the used test setup, must be analyzed in future investigations
to improve the results. This will also improve the comparison of both measurement methods.
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In this article, a newly developed support type is presented for three-point bending in the nonlin-
ear region. The support can keep the contact point’s location static during the loading process, thus
imitating an edge-like support with theoretically no radius and friction. The support can be used
for measurements in the region of large deflections without having to consider the displacement of
the contact point or dissipative forces. The support was tested on fiber reinforced composite and
steel beams. During the measurements, the movement of the supports and the beam shape was
monitored using digital image processing.
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1. Introduction

Three-point bending tests are widely used in the industry for easy and relatively cheap
material testing. They are reliable and are less demanding than proper tensile tests in terms
of instrumentation. Three-point bending tests feature loads usually only in the linear region,
where the rotation of the beam at the supports is negligible. Thus, the linearized solution for
the beam deflection holds true. If one exceeds these boundaries and increases the beam deflection
to the point where the specimen starts slipping on the supports, the solution used for the test
evaluation cannot be applied, because the reaction forces are not parallel anymore (Arnautov,
2005; Batista, 2015; Mujika, 2006; West, 1964).
For bending tests in the nonlinear region, the supports are usually cylindrical and running

on bearings to decrease the frictional forces (Batista, 2015; Mujika, 2006; West, 1964). Although
it makes friction negligible, it induces new nonlinearities into the system. As the deflection
increases, the contact point of the rollers and the beam changes location, as shown in Fig. 1a
(Arnautov, 2005; Batista, 2015; Máté & Szekrényes, 2020). Using simple edges as a support to
fix the contact point (as presented in Fig. 1b) would induce larger and unpredictable frictional
forces, especially for softer materials like polymers. It is also shown by Pandit and Srinivasan
(2017) that for the cases when the deflection is comparable to the roller size, the displacement
of the contact point must be considered. In their work, they showed that an increasing roller
radius can have a non-negligible stiffening effect.
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Fig. 1. Three-point bending support solutions: (a) rollers on bearings; (b) simple edge supports.

In this manuscript, a novel support type is proposed, which functions as a frictionless edge.
It not only eliminates friction between the support and the specimen, but also fixes the point of
contact, which can make the mechanical modeling easier, as it eliminates a source of nonlinearity.
Furthermore, as later presented, one can choose theoretically any supporting pin diameter, which
may be used to reduce contact pressure, if needed.

2. Experimental device

The schematic drawing of the support is presented in Fig. 2. The specimen (A) is sitting
on a rolling axle (B), which is supported on both ends by deep-groove ball bearings (C). The
bearings can freely roll on a cylindrical surface (D) that is machined into an aluminum supporting
block (E). The supporting block (E) is milled in such a way that the specimen ends may undergo
rotations up to 90◦. The cylindrical surface on which the bearings roll should have a diameter
that is twice the diameter of the bearings (C) and the axle (B) as follows:

D = d+ db. (2.1)

With this setup (if one neglects the weight of the axle and bearings), the beam (A) will always
push the axle (B) in a position where the contact forces go through the center of the cylinder (D)
and axle (B). This, together with Eq. (2.1) implies that the contact point must always coincide
with the center point. The bearings (C) ensure that the frictional forces remain negligible.

Fig. 2. Proposed solution and the working principle of a frictionless edge support (a),
and the realized support during a measurement (b).



Frictionless edge support for three-point bending tests in the nonlinear region 639

A demonstration of the support during a measurement is presented in Fig. 2b in a loaded and
in an unloaded state.
For a better visibility of the beam during the loading process, one can equate the bearing

and axle diameters. Thus:

d = db =
D

2
. (2.2)

While theoretically the contact point always coincides with the center of the circular track, with
the gravitational force acting on the rollers this is not always the case. For a deeper insight
into the behavior of the support, the reader is referred to Fig. 3, which shows the free-body
diagram of the roller.

Fig. 3. Free-body diagram of the roller with gravitational force (a),
and the important dimension parameters (b).

Solving the equilibrium of three forces yields the contact angle θ and contact force F as
functions of the normal force on the beam (Fn) and the beam end’s tangent angle (ϕ) as follows:

θ = acot

(
cotϕ+

G

Fn sinϕ

)
, F =

√
F 2
n +G2 + 2GFn cosϕ. (2.3)

Given the nature of the cotangent function and the fact that both G and Fn are positive
numbers, the contact angle θ will always “fall behind” the beam end’s rotation angle. The
angular difference results in a shifted contact point, as presented in Fig. 3. The contact point’s
displacement can be given for the x- and y-directions as the following:

∆x =
d

2
(sinϕ− sin θ) , ∆y =

d

2
(cosϕ− cos θ) . (2.4)

For any Fn and θ combination, the contact angle and the contact point displacement can
be calculated. However, the latter changes the beam length that undergoes bending, which in
return changes the Fnϕ pair in the equilibrium state. The equilibrium for a given Fn normal
force can be obtained iteratively. For a given Fn value, the iteration goes as follows: start by
assuming that the support points are at their nominal locations (at a distance of L0) and find
the rotation of the beam end. For the beam end rotation ϕi, find the contact angle θi and the
expected contact point displacement in the x direction (∆xi) by using Eqs. (2.3)1 and (2.4)1.
Based on the ∆x estimate, update the support span by setting Li+1 := Li − ∆xi, and solve
the beam equilibrium for the new support span, with the same Fn shear force on the beam
end. In the simulations, a convergence criterion of |∆xi −∆xi−1| < 10−5mm was used. In our
experience, this iteration converges in 4–5 steps. These calculations were repeated for several
shear force values to obtain the behavior of the beam in a nonlinear three-point flexural test with
the frictionless edge supports. The shape of the elastica curve was found by using a numerical
method developed earlier for numerical simulation of the three-roll bending process (Máté &
Szekrényes, 2020).
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3. Measurement and proof of concept

A modular three-point bending device was manufactured at the Applied Mechanics Depart-
ment of the Budapest University of Technology, which can be operated by any suitable tensile
testing machine. This device can be configured for three- and four-point bending tests, and it
can incorporate the above-mentioned support type. During the tests, an Instron 3345 universal
testing machine was used. The former was used while capturing the movement of the bearings
and the shafts, simply because there was enough space for the camera setup (as presented later,
the movement of the bearings is obtained from photographs via simple DIC algorithms similar
to the algorithm developed by Sutton et al. (1983).
In the manufactured version of the support, the axle had a diameter of d = 13mm (with

D = 26mm), and the bearings were of type 618 (Koyo Jtekt, 2024). The bearings and the shaft
have the same diameter, as it can also be seen in Fig. 2. It is emphasized here that the beam’s
centerline actually rolls on a virtual roller of radius R1 = t/2 (where t is the specimen thickness)
if the shaft perimeter touches the track’s center point. In our setup, this was the case. However,
one can design supports with a modified Eq. (2.1), which includes the specimen thickness and
reduces the radius of the virtual roller to zero:

D = db + d+ t. (3.1)

The weight of the axle-bearing assembly plays a crucial role in the contact point’s displace-
ment. A reduced weight of the shaft helps in reducing the contact point displacement. The
manufactured shaft, together with the bearings, weighs 48.7 g. Thus, G = 0.478N.
The measurement setup was tested on two slender composite beams and a thin steel strip.

The data for these specimens and the measurement setup is given in Table 1.

Table 1. Specimen and three-point bending test data.

Specimen b [mm] t [mm] L0 [mm] Material Flexural modulus
of elasticity [GPa]

Composite 1 25.1 1.22 148.2 8-ply Hexply M92 55% 220 13.81

Composite 2 25.2 2.43 148.2 16-ply Hexply M92 55% 220 14.02

Steel 30.15 1.54 301 Spring-grade steel 200.00

All three specimen types listed in Table 1 were tested both on the novel frictionless edge
support and on simple, smoothed edge supports. The measurement setup is shown with the
Composite 1 specimen under testing in Fig. 4. In the first two photographs, the measurement
can be seen with the frictionless edge support mounted on the testing jig. The third photograph
shows the simple edge realized by two 8mm thick steel blocks mounted instead of the new
support type. Before measurement, the laser cut edge was deburred with sandpaper in order not
to cut into the beam, especially in the case of the composite specimens.
The measurement results were compared to the simulation results obtained by the iterative

solution presented in Section 2, based on (Máté & Szekrényes, 2020). The measurement results
for the displacement-force characteristics for the three specimens are presented in Fig. 5. In
the plot legends, “F.E.” stands for “frictionless edge support”, while “S.E.” stands for “simple
edge support”. It is important to emphasize that the simulation results here are for the actual
setup, where the shaft and bearing assembly has weight. The beam’s own weight was considered
negligible.
The composite beam’s flexural modulus of elasticity was measured with classical three-point

flexural tests, and in the simulations these beams were treated as if they were made of linear,
isotropic materials. As can be seen in Fig. 5, the thicker composite beam’s hysteretic behavior
cannot be neglected anymore, as it undergoes relatively large deformations. To ensure that the
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Fig. 4. Measurement setup shown with the frictionless edge support (left and middle)
and with the simple edge support (right).

Fig. 5. Comparison of the measured and simulated deflection-force characteristics for the three specimens
(upper row), along with the relative difference of the measurements to the simulations (lower row).

measurements were conducted in the elastic region, both the loading and unloading cycles are
shown in the figures. To show that the hysteresis that can be seen in the measurements made
with the simple edge support is not caused by the beam material or the bearing friction, a total
of six load cycles are plotted in Fig. 5 for the Composite 1 specimen in the case of measurements
made with the simple edge support. These consist of five shorter (50 mm displacement) and
a longer cycle (70mm displacement). The composite beam follows the same path each time it is
cycled, showing that the material hysteresis and the bearing friction are negligible. In the case
of the steel beam, the match between the simulation and the measurements is remarkable. The
repeatability of the measurement was exceptional for all specimen types. The lower row of Fig. 5
shows the relative difference of the measured force to the simulation in percentage as a function
of the displacement ∆h.
It is also important to examine the deviation of the realistic loading characteristics (which

consider the shaft weight) from the ideal ones (with stationary contact point, i.e. simulation
results with G = 0N). To quantify the imperfection of the frictionless edge support, the sim-



642 P. Máté, A. Szekrényes

ulations, also visible in Fig. 5, were conducted for the weightless, ideal case too. The relative
difference is given in Fig. 6 as

δF (∆h) = 100

(
F r(∆h)

F i(∆h)
− 1

)
, (3.2)

where F r(∆h) denotes the loading characteristic obtained from simulations which consider the
shaft’s weight (also plotted in Fig. 5), while F i(∆h) stands for the results of the ideal case
(i.e. simulation result with stationary contact point). As Fig. 6 shows, the imperfection in the
loading characteristic of the new support type caused by the roller weight can be considered
negligible if the test specimen is stiff enough. For example, there is almost an order of magni-
tude difference between the two composite specimens, only because of the difference in bending
stiffness (similar support span). The oscillatory characteristic of the relative difference functions
in Fig. 6 is caused both by the inaccuracies of the numerical simulations and the fact that the
resulting F r(∆h) and F i(∆h) functions were resampled using a cubic spline interpolation to
get their value at the same ∆h locations. The theoretical contact point displacement can also
be extracted from the simulations. The ∆x and ∆y values as functions of deflection ∆h for the
three specimens are displayed in Fig. 7.

Fig. 6. Relative error of the “measured” force F , when gravity acts on the roller assembly,
compared to the ideal case, with weightless rollers.

Fig. 7. Expected, theoretical displacement of the contact point for the three specimen types.

As Fig. 7 shows, the displacement of the contact point is expected to be very small, even
for the Composite 1 specimen with the lowest flexural rigidity. These values can be lowered
further either by using either a smaller shaft diameter, according to Eq. (2.4), or by reducing
the rolling element’s weight. Note that the simulation results in Fig. 7 are the contact point
displacements compared to a simple edge support with zero radius, and do not consider the fact
that the centerline of the beam rolls on a virtual roller with a radius of t/2. However, if needed,
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unique designs may be created based on Eq. (3.1) for given specimen thicknesses, which ensure
that the support of the centerline becomes stationary.
To compare the shape of the simulated elastica curve and the measurements, the testing jig

was transferred to an Alfred J. Amsler & Co. tensile testing machine so that photographs could
have been taken from a proper distance. This ensures that the central projection of the camera
gets as close as possible to the parallel projection, making the photograph suitable for accurate
measurements. Then, the elastica curve was calculated for the measured deflection and plotted
onto the photograph, as shown in Fig. 8.

Fig. 8. Comparison of the elastica curve (dashed yellow line) with the actual measurement of a composite
beam both on the frictionless edge (left) and the simple edge (right).

This was done for the Composite 2 specimen. The images in Fig. 8 were taken at∆h = 68mm
with the frictionless edge, and at ∆h = 37mm with the simple edge support. The simulated
results (simulation was done without considering friction) represented by the dashed curve match
remarkably well with the curve on the photograph. While some deviation can be observed
between the elastica curve and the deformed shape of the beam when using simple edge supports,
this difference is hardly noticeable.

4. Measurement of the shaft and bearing rotation

The previously presented setup was used for a further analysis of the supports. An inves-
tigation was led on whether slip occurs in the system, by capturing the rotation of the shafts
and the bearings on the camera. Several photographs were taken during a full load cycle about
the supports (also shown in Fig. 9) at 21 load levels. The black random pattern on the axle
and the bearing seen in Fig. 9 is there to show the rotation of the shaft and bearing outer ring.

Fig. 9. Pattern on the roller assembly used to track the rotation of the shaft and bearing outer ring.

The rotational angle of the shaft and outer ring (φ and θ in Fig. 2) was traced with the help
of a custom MATLAB Digital Image Correlation algorithm. The displacement of the loading pin
was determined based also on digital image processing. The measured rotations are given in the
left side of Fig. 10, for the Composite 2 test specimen. Here, the yellow continuous curve shows
the theoretical outer ring rotation θ (calculated with weightless rollers). The measurements show
that, as expected, the outer ring rotation θ is smaller than the rotation in the ideal, weightless
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case. The discrete data contains a full load cycle. To check whether there is a slip in the system,
one can calculate the increment in the beam specimen’s working length (arc-length between the
two contact points with the supports). The arc-length increment between the contact point with
the rollers can be given as a function of the rotation angles as

∆L =
d+ t

2
(φl + φr − θl − θr), (4.1)

where the subindices “l” and “r” refer to the left and the right side, respectively. In the right side
of Fig. 10 the expected theoretical increment is plotted together with the increment calculated
with Eq. (4.1), based on the measured angle values, also presented in the left part of Fig. 10.
The figure also shows the relative difference between the measurements and the theoretical
calculations in the bottom plots. These show that the errors present in the beginning fade
away with increasing displacement ∆h. The bottom left plot of Fig. 10 also shows that the two
supports behaved identically during the measurements.

Fig. 10. Rotation of the axle and outer ring (left), and the working beam length increment calculated
from the measured bearing and axle rotations (right), along with relative difference of the measurements

compared to calculations from the elastica theory, shown in the bottom plots.

5. Conclusions

In this paper, a novel support is proposed, which can simulate a frictionless edge in the case
of the three- and four-point bending tests. The mechanical analysis of the support was per-
formed, and a support prototype was manufactured. Multiple tests conducted on several steel
and composite beam specimens proved that the concept functions as expected, with negligible
friction and contact point displacement. In the theoretical analysis, the bearing friction was
neglected, but the effect of the roller’s weight was considered. The measurement results revealed
that the bearing friction is truly negligible, and that the supports function perfectly, as expected,
without a significant contact point displacement. We compared the force-displacement load char-
acteristics obtained from simulations with measurement results. The results were in exceptional
agreement with the numerical calculations. We also measured the shaft and bearing rotation
by using our simple DIC algorithm, on whose basis the arc-length increment was calculated.
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The arc-length increment also follows the theoretical prediction and shows negligible hysteresis,
meaning that there is no significant slip between the rollers, the beam, and the track.
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4. Máté, P., & Szekrényes, A. (2020). Numerical modelling of the three-roll bending process of a thin
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This study focuses on the resistance forces resulting from the wheel-rail contact in a four-axle
railway vehicle operating on curved tracks of varying radii and quality. Using a dynamic simulation
tool, the research analysed over 900 simulations to compute energy dissipation and specific resis-
tance forces. The findings reveal that curve resistance decreases with larger curve radii, whereas
deteriorating track quality leads to higher resistance and increased deviation. The results empha-
size the significant impact of track quality on resistance forces, particularly for larger curve radii.
Future research aims to refine regression models and explore the deviation reduction in resistance
for small-radius curves.
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1. Introduction

Resistance forces are important to consider in the design and operation of rail vehicles and
need to be studied in more depth for several reasons. Determining resistance forces is relevant
for predicting wheel and rail wear, for using longitudinal dynamic models, for obtaining the
maximum hauled train load, for simulating the energy consumption of train movements (Garg
& Dukkipati, 1984; Jerrelind et al., 2021). The main part of resistance forces is the force resulting
from the inevitable loss of energy due to the wheel-rail rolling contact (Tkachenko et al., 2016).
In general, this loss is difficult to estimate because multiple parameters are involved, and this
process becomes more complex considering movements on curved track sections. Resistance
forces in curves remain a significant research area today, both with simulation and experimental
approaches (Michálek et al., 2024; Semenov et al., 2023; Wu et al., 2020).
The lateral movement of the vehicle on the track has a strong influence on the energy loss.

Due to lateral track irregularities, the lateral displacement impacted of the vehicle; the track
quality therefore influences the resistance forces (Iwnicki et al., 2015; Tunna & Urban, 2009).
However, previous studies have not comprehensively examined this phenomenon in terms of
resistance forces.
This paper is the investigation of energy dissipation from wheel-rail contact based on dynamic

simulation of curved track sections and different specifications with stochastic lateral track
irregularities and their comparative analysis.
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2. Computation method

The computational method is based on simulation using a lateral dynamic model of a four-
axle, two-bogie railway vehicle in the excited lateral dynamics in arbitrary curving and the wear
(ELDACW) program system developed by the Department of Railway Vehicles and Vehicle
System Analysis (TU Budapest) (Szabó et al., 1994). The program system was specifically de-
signed for the investigation of dynamic interaction between the wheel and rail interface, thereby
enabling a detailed analysis of the resistance forces arising from the wheel-rail contact (Zobory,
1997).
Figure 1 illustrates the flowchart of the calculation method. By simulating the vehicle motion,

the dissipated power W (t) from the wheel-rail contact is calculated over time t:

W (t) =

t�

0

P (τ) dτ, (2.1)

where P is the power dissipated in wheel-rail contact, with the time variable τ .

Fig. 1. Flowchart of the calculation method.

A force of constant magnitude can be defined that does the same work W on a given section
of road:

W (t) =

S�

0

F ∗
w(s)ds =

t�

0

P (τ)dτ = FWS, (2.2)

where F ∗
w(s) is the resultant force at the wheel-rail contact of the variable magnitude for a given

section of track, depending on the travelled distance s, FW is the force of constant magnitude
associated with the total travelled distance S, with a work equal to the workW (t). The resistance
force calculated from the loss of wheel-rail contact on a given section of track can be determined
by the following formula:

FW =
W (t)

S
. (2.3)

Dividing the resistance force in Eq. (2.3) by the vehicle’s weight Q gives the specific drag force
per unit weight, in [N/kN]:

f =
1

Q
FW =

S�

0

F ∗
w(s)ds

SQ
. (2.4)

The specific resistance force f in expression (2.4) is used to describe the loss due to wheel-rail
contact for the vehicle on a given section of track. It depends on the vehicle’s motion whether
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the specific resistance force f is nearly constant after a distance. If the distance is too short, the
result may be unreliable; the value may refer to a particular section of track or to the transient
motion of the vehicle, while if the distance is too long, the computational requirements of the
simulations increase (M. Szűcs, 2024).

3. Dynamical model

The complete vehicle-track dynamic model incorporates a total of 34 degrees of freedom
(DoFs). These include the vehicle body, two bogie frames, two bogie bolsters, four wheels, and
the equivalent track-masses placed under the individual wheels to represent the inertia of the
track. Each of these components is modelled as a rigid mass. The main features of the model are:
– all rigid bodies, except for the equivalent track-masses, possess lateral displacement, and
rotation around the vertical (z) axis (yaw movement) (2 DoFs× 9 components). The
wheelsets have two additional DoFs: rotation around their own axes and longitudinal
displacement. These are necessary to include in the model for calculating creep forces
(2 DoFs× 4 wheelsets). The 8 equivalent track-masses have lateral displacement, allowing
the representation of track flexibility in the lateral direction (1 DoF× 8 components). The
total DoFs of the model is 34;
– the program system incorporates equations corresponding to all degrees of freedom of the
rigid bodies, based on Newton’s second law applied to acceleration and momentum, used
for translational and rotational movement;
– the lateral deviations of rails from their nominal position, in the form of track-unevenness
functions can be taken into consideration;
– the wheel-rail force at the wheel tread is modelled as a creep-dependent force, where the
relationship between creep and the friction coefficient is nonlinear (Zobory, 2008);
– the flange contact is considered as a lateral, linearly elastic, and damped connection link-
ing the wheel to the mass representing the track in the case where the contact point is on
the wheel flange.
In the simulation, the parameters of a reference UIC Z passenger car were considered for

modelling the four-axle rail vehicle. Table 1 contains the main characteristics of the standard
gauge passenger car, and the vehicle model is shown in Fig. 2.

Table 1. Main characteristic of the passenger car.

Maximum speed of the vehicle during the simulation 120 km/h

Mass of vehicle body (msz) 34800 kg

Mass of bogie (mf ) 3800 kg

Mass of wheelset (mk) 1600 kg

Mass of bolster (mh) 200 kg

Yaw inertia of the vehicle body (Θsz) 20 000 000 kg ·m2

Yaw inertia of the bogie (Θf ) 4500 kg ·m2

Pitch inertia of the wheelset (Θky) 110 kg ·m2

Yaw inertia of the wheelset (Θkz) 820 kg ·m2

Yaw inertia of the bolster (Θh) 150 kg ·m2

Bogie centre base distance (lf ) 19 m

Bogie wheelbase (lk) 2.5 m

Height of the centre of gravity of the vehicle body (hs) 1.7 m

Friction torque on a wheelset axle 100 Nm

Wheel load – each wheel (Q) 60.09 kN
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Fig. 2. Passenger car’s main dimensions and masses.

4. The generation of track lateral irregularity

The lateral track irregularities are approximated by the realisation of a weakly stationary
stochastic process defined along the track length. In this context, a stochastic process refers to
a random function which has statistical properties (i.e., mean, deviance) remaining constant over
space (i.e., along the track). The realisations are constructed using one-sided spectral density
functions derived from measured data (Frederich, 1984). Simulations are conducted for three
track quality levels: ideal (category I) without irregularities, good (category II), and medium
(category III) from (Frederich, 1984).
The main track geometric parameters affecting the lateral position of the vehicle are track

gauge and alignment. The deviations of the right and left rails from the geometric ideal are
the combined effect of the track gauge and the alignment, which are generated by random
number realisation generation (Szabó & Zobory, 1998). From the spectral density functions,
150–150 different realisations of each track category were generated for the simulation and used
to define track irregularities in different curved track sections, with 75m length. The total length
of the track sections corresponding to the given curve and quality level is 11.25 km (M. Szűcs &
Zábori, 2024).
Figure 3 illustrates the realisation of a typical category II lateral track irregularity for the

right and left rails.

Fig. 3. Lateral track irregularity realisation.

The simulations were performed for six different curve radii in addition to the two quality
categories mentioned above (category II and III) and for an ideal track without track irregularity
(category I).
The initial values of the simulation are calculated in a preliminary step by ELDACW. To

prevent computational errors in the approximate initial values from affecting the final simulation
results, the summation of the dissipation from the wheel-rail contact was started after a certain
distance travelled by the vehicle. Based on the preliminary simulation results, the length of this
section used in the study is 40% (30m) of the 75m base wavelength of the track irregularity.
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5. Details of track lateral irregularity

The EN 13848 standard family (Railway applications – Track – Track geometry quality)
recommends a wavelength range of 3–70m for the geometric classification of railway tracks. Rail
vehicle dynamics are usually evaluated at frequencies between 0.4Hz and 20Hz. The selected
track irregularity has a base wavelength of 75m and a minimum wavelength of 1.5m. The
frequency range for the maximum speed of 120 km/h is 0.44Hz–22.22Hz for wavelengths between
1.5m–75m. In curves with small radius, the speed needs to be limited, for lower speeds this range
shifts to lower values.
The standard sets three different limits for different types of track defects, which are derived

from experimentation/experience. These are the following:
– immediate action limit – IAL;
– intervention limit – IL;
– alert limit – AL.
The relation between them:

IAL > IL > AL. (5.1)

The realisations of track gauges are mainly of zero mean value. In the category III, there may
be realisations where the gauge narrowing is more than the value that still ensures the lateral
positioning of the wheel without “locking” (−8.1mm). Therefore, in these realisations, both
rails are shifted “outwards” – the left rail to the left, the right rail to the right – symmetrically
by a value that ensures that the track gauge error does not exceed −8.1mm. This adjustment
does not represent standard maintenance practice but rather serves as a computational strat-
egy to ensure stability of the simulation. Importantly, all adjustments have been kept within
the intervention limit (IL) thresholds specified in EN 13848, ensuring that our track geometry
remains representative of acceptable real-world conditions. We have verified that this technical
simplification does not meaningfully impact our results, as the primary dynamic interactions
remain governed by the same physical principles.
The parameters of the tracks from categories II and III used for the simulations in relation

to these limits are given in Table 2 in terms of track gauge and alignment, to compare to the
values in the standard. Explanation of the rows in the table from the EN 13848 standard family:
– TG – ID: track gauge – AL/IL/IAL – isolated defects – nominal track gauge to peak value;
– TG – NTG: track gauge – AL/IL/IAL – nominal track gauge to mean track gauge (over
100m);
– AM – ID: alignment – AL/IL/IAL – isolated defects – zero to a peak value (D1 3m–25m,
D2 N/A);
– AM – SD: alignment – standard deviation – (wavelength 3m–25m).

Table 2. Parameters used for simulation of category II and III tracks compared to the limits
of the EN 13848 standard family – minimum, maximum and expected values (EV).

Limits in EN 13848
80 < V [km/h] ≤ 120 [mm] Category II [mm] Category III [mm]

TG – ID IL: MIN −9 | MAX +30 MIN −8.1 | MAX 6.6 MIN −8.1 | MAX 27.1
TG – NTG AL: MIN −5 | MAX +16 MIN 0 | MAX 0 MIN 0 | MAX 13.4
AM – ID IAL: MAX 17 EV 2.25 | MAX 4.26 EV 8.72 | MAX 16.52
AM – SD Class from B to E EV 0.93 | MAX 1.71 EV 3.51 | MAX 6.31
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6. Results

The simulation results are shown in Table 3, for six different curve radii, categories I, II,
and III.

Table 3. Simulation results.

Cases
R = 300m R400 R600 R900 R1500 R3000

A B C D E F

V [km/h] 60 80 100 120 120 120

h [mm] 80 128 136 128 52 56

τ [m/s2] 0.40 0.40 0.40 0.40 0.40 0

I. f 1.90 1.41 1.01 0.71 0.37 0.10

II. fII 1.92 +1% 1.45 +3% 1.00 −1% 0.68 −4% 0.42 +13% 0.25 +144%

III. fIII 2.00 +5% 1.60 +14% 1.27 +25% 1.14 +59% 1.06 +182% 1.01 +897%

II. d 0.00 0.01 0.01 0.01 0.02 0.03

d [%] 0 0 1 1 4 14

III. d 0.03 0.05 0.09 0.13 0.15 0.17

d [%] 2 3 7 12 15 17

In Table 3, V is the constant speed of the vehicle, h is the cant of the curve and τ is the
unbalanced lateral acceleration. f is the value obtained on the ideal track in category I, and
the expected value of the simulation is based on the realisation of 150 different realisations
in categories II and III. The value d is calculated for each case and represents the standard
deviation normalised to the given f in %.
For validation purposes, Table 4 presents a comparison between resistance forces derived

from detailed theoretical formulations found in the literature and the results obtained for the
ideal track (Schramm, 1963), clearly demonstrating the similarity between them.

Table 4. Simulation results of category I compared to literature values [N/kN].

Cases A B C D E F

I. f 1.90 1.41 1.01 0.71 0.37 0.10

Schramm
160lk + 162

R

1.87 1.41 0.94 0.62 0.37 0.19

Based on Tables 3 and 4, it can be stated that the resistance forces decrease with increasing
curve radius, in accordance with simulation (Wu et al., 2020) and experimental (Lukaszewicz,
2008; Schmidt, 1927) results in the literature, and as derived from theoretical considerations.
This trend is also found for categories II and III. However, the literature shows that the re-
sistance forces calculated from empirical and theoretical formulas exhibit significant variability
(Wu et al., 2020).
In terms of track quality, it can be concluded that the lower the quality, the higher the

resistance force. The difference increases for a larger curve radius compared to the ideal track.
This phenomenon was also detected in simulations by (Bailey & Hedrick, 1988; Tunna & Ur-
ban, 2009) and the results align with the previous findings provided by the referred literature
(Michálek et al., 2024).
Figure 4 shows the standard deviation for categories II and III.
The standard deviation of the resistance values for each realisation shows a similar trend for

both track qualities: a larger curve radius is associated with a larger standard deviation and
hence a larger range. The results for the six curve radii are shown in Fig. 5.
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Fig. 4. Standard deviation of resistance forces for categories II and III.

Fig. 5. Results for the six curve radii.

While for category II there is no overlap between the results for different curve radii, for
category III the higher resistance forces overlap largely in the cases C to F for the adjacent
curve radius. Thus, although the expected values are well separated in each curve (Table 3,
f , fII, and fIII), the resistive forces associated with each track section under stochastic track
irregularity are loaded with great uncertainty.
In Fig. 6, beyond showing the expected values, we have included the 95% confidence intervals

calculated using the t-distribution for each track quality category, which appropriately addresses
the varying standard deviations and unknown distributions in our results. Simple linear connec-
tions between different curve radius points effectively illustrate how potential regression models
would differ depending on track quality. Table 5 shows the lower and upper limits of categories II
and III.
Figures 7 and 8 show the results for categories II and III, represented by boxplots and

histograms (Danz, 2024). These figures illustrate the large difference in the range of values for
categories II and III caused by the quality of the track. Compared to the expected values of the
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Fig. 6. 95% confidence intervals calculated using t-distribution.

Table 5. 95% confidence intervals calculated using t-distribution for categories II and III [N/kN].

Cases A B C D E F

II.
lower 1.919 1.449 0.999 0.679 0.418 0.244

upper 1.921 1.451 1.001 0.681 0.422 0.256

III.
lower 1.995 1.592 1.256 1.119 1.035 0.983

upper 2.005 1.608 1.284 1.161 1.085 1.037

Fig. 7. Distribution of specific resistance values using boxplot and histogram, category II.

specific resistances, the standard deviation is almost negligible for category II. Figure 6 shows
the highlighted details of the 300 and 600 metre radii. In contrast, for category III with higher
curve radii, the difference between the maximum and minimum values is comparable to the
expected value. For larger curve radii and lower track quality, there is a large uncertainty in
the resistance values.
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Fig. 8. Distribution of specific resistance values using boxplot and histogram, category III.

7. Conclusion

This article presents the curve resistance forces computation determined by computer-based
simulation from the wheel-rail contact of a 4-axle railway vehicle moving at a constant speed on
track sections with different curve radii and quality. Based on a total of more than 900 simulation
results, the conclusions can be summarised as follows:
– effect of curve radius on expected curve resistance: the simulation reveals a decreasing
trend in the expected curve resistance value as the track curve radius increases;
– expected curve resistance and track quality: the expected curve resistance value can be
determined from the computer simulation of a stochastic dynamic process dependent on
the track quality. This aligns with previous findings in the literature and highlights the
sensitivity of wheel-rail contact forces against track irregularities;
– decreasing dependency with deteriorating track quality: the effect of track quality on curve
resistance becomes less significant as the curve radius decreases, because the lateral move-
ment of the vehicle is more likely determined by the geometry of the smaller radius curve;
– standard deviation and track condition: the poorer track quality, the higher the standard
deviation of curve resistance, indicating larger range of the wheel-rail contact force changes;
In practice, the curve resistance forces are described by the closed-form expression, e.g.,

Schramm’s expression. It is recommended to take into account the phenomena observed during
the simulation by modifying the formulas used in practice. Different expressions can be used to
describe the effect of track quality on forces of curve resistance.
A research direction could be to define a regression curve reflecting different track qualities,

that can be practically useful. Further subject of research is deeper exploration of the revealed
reasons for the smaller standard deviation of curve resistance at smaller track radii values and
investigation of speed-dependent trends in conjunction with track superelevation to analyse their
combined impact on resistance forces.
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The elastic limit, yield point, strain hardening component, and strength coefficient of martensitic
steel were determined after monotonic tensile loading. The monotonic tension test of 41Cr4 steel
was conducted for selected values of deformation. The specimen was unloaded after each pre-strain.
The parameters from destructive tests were compared with those from the Barkhausen noise (BN)
method obtained. It turned out that the magnetic Barkhausen effect can be helpful in the diagnostics
of structural steel components and devices. Linear relationships between the elastic limit/yield point
and parameters coming from the rms voltage of Barkhausen noise envelope were found.
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1. Introduction

Assessment of mechanical properties is crucial from an engineering point of view especially
in situations requiring a high level of operational safety of responsible structures. The elastic
limit and yield point are the basic mechanical properties that affect limits of material behaviour
during its exploitation. On the other hand, the strain hardening exponent (n) and strength coef-
ficient (K) are usually required for the accurate design analysis of components and engineering
structures (Li et al., 2019). It is well known that a long-term usage of objects connected even
with a small increase in monotonic load generates a difference in working conditions. An unex-
pected load may produce additional deformation of materials and significantly affect the safety of
structures. Among many types of deformation, the plastic flow may be treated as a major reason
for components failure in several branches of industry (Kashefi et al., 2023). As a consequence,
the main objective of this work is to propose an effective method for determining the variation
in mechanical properties using a non-destructive method based on the Barkhausen noise (BN)
effect applied after tensile monotonic loading. This technique is proposed instead of destructive
tests that require cutting parts from the structure to prepare specimens for subsequent testing.
The BN offers an attractive tool for detecting a degree of deformation within the ferromagnetic
materials (Kleber & Vincent, 2004). It enables the testing of materials in four stages: perfectly
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elastic, micro-yielded, macro-yielded, and after progressive plastic deformation (Vaidyanathan
et al., 1999). Therefore, it can be suitable to evaluate a condition of the structural components
and devices in service and help to find places where potential cracks may occur.

2. Theoretical background

The BN method is based on the magnetic Barkhausen effect. The BN effect represents the
irreversible movement of domain walls during a magnetization cycle (Cullity & Graham, 2009).
The movements appear discontinuously, because the domain walls are temporarily pinned by
microstructural barriers, such as dislocation tangles, precipitations, grain boundaries, and voids,
and subsequently, they are released abruptly in the changing magnetic field (Cullity & Graham,
2009). The stepwise breakaway of domain walls from the obstacles changes the magnetization
state locally. Then, local changes in magnetization induce pulsed eddy currents, which activate
electrical voltage pulses that may be detected by a searching coil or magnetic receiving head
(Cullity & Graham, 2009). Stupakov et al. (2007) found that BN is sensitive to dislocation
tangles introduced by plastic deformation. This also means that BN can also be sensitive to the
applied stress. Such a phenomenon was explained by (Kleber & Vincent, 2004) at the level of
the crystallographic network using pure iron as an example.
In the case of unloaded material, the magnetic moments of domains are oriented along the

easy direction of magnetization. In the case of iron, the [100] represents the easy direction of
magnetization. A tensile stress causes a change in the direction of easy magnetization. Both
the magnetic domains and magnetic moments become parallel to the axis of stress action – they
are locally privileged and grow at the expense of others. The privileging of domain walls results
from the equation defining the magnetoelastic energy

Em = −1.5 · λs · cos2(ϕ), (2.1)

where Em – magnetoelastic energy of isotropic material, λs – magnetostriction constant for
isotropic material λ100 = λ111 = λs, ϕ – the angle between the direction of stress σ and the
direction of the vector local magnetization Js.
Since either the tensile stress or magnetostriction constants for iron are positive, their mul-

tiplication product also takes the positive value. The magnetoelastic energy reaches a minimum
when the moments of magnetic domains are arranged to each other in a parallel way. As a con-
sequence, the angle between the direction of local magnetization vector Js and the direction of
stress σ equals 0.
The Barkhausen signal decreases due to the appearance of the induced anisotropy of the ma-

terial after exceeding the critical stress value. The sign of the magnetostriction constant for the
iron changes from positive to negative for the magnetic field strength of about 16 kAm−1 (Cullity
& Graham, 2009). Simultaneously, the easy magnetization direction of iron crystal changes from
[100] to [111] (Kleber & Vincent, 2004). Magnetic domain walls are arranged lengthwise in the
[111] easy magnetization direction, differently from the stress direction (Anglada-Rivera et al.,
2001). The influence of external tensile stress on the changes in the domain structure and in the
BN level was also discussed in (Anglada-Rivera et al., 2001). Moreover, the effect of compressive
stress on domain walls behaviour was studied in (Stewart et al., 2004).
In the case of compressive stress, the domains of the materials with a positive magnetostric-

tion contrast and having their magnetic moments perpendicular to the axis of the applied stress
become energetically favourable (Kleber & Vincent, 2004). Then, the magnetoelastic energy of
the ferromagnetic material achieves a minimum. As a consequence, the angle between the direc-
tion of local magnetization vector Js and the direction of stress σ equals 90◦. The 90◦ domain
walls enlarge at the expense of other domains (Kleber & Vincent, 2004). In this case, the BN
signal decreases. Stupakov et al. (2007) studied CSN12013 low-carbon steel (C = 0.03%) sub-
jected to plastic deformation up to 23%. It was found that the effective stress of the Barkhausen
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emission initially increases (up to approximately 2.5%) with an increase in plastic deforma-
tion and then decreases. Similar results were found in (Piotrowski et al., 2009) for CSN12021
steel tested up to 18.2%. The highest BN amplitude was obtained for the specimen deformed
to 1.9%.
The problem of elastic tensile or compressive stresses effect on the magnetic BN is well

recognized. However, the correlation between BN and plastic deformation is still a matter of
intense investigation. From the microstructural point of view, the dislocations create different
consequences during plastic deformation. In the early stage of the deformation process, they
are distributed randomly and independently (Kashefi et al., 2023). In the further stages of the
deformation process, dislocations form sub-grains consisting of dislocation cells of hard density
in the case of cell walls and lower density for the cell interior (Kashefi et al., 2023). The soft and
hard dislocation regions are responsible for a formation of the residual internal stress of type II
after unloading of the previously plastically deformed material (Hong et al., 2018). Dislocation
tangles and cells interact with domain walls as the pinning sites and affect the BN signal (Cullity
& Graham 2009). As a result, a change in the magnetic anisotropy may occur (Cullity & Graham
2009), and therefore, a change in the BN level can be observed.
According to the available literature, plastic deformation affects significantly the mechanical

properties of materials. This research aims to find an answer to the questions how large changes
in mechanical parameters are, and whether they can be determined using the BN technique.
The elastic limit, yield point, strain hardening coefficient and strength coefficient were deter-
mined based on the relationships between parameters coming from monotonic tensile tests and
the BN method. To date, the BN analysis has not been performed on a material subjected
to repeated plastic deformation. The experiment demonstrates the possibilities of estimating
material properties in worn-out structural parts involved in service downtime.

3. Material and experimental procedure

41Cr4 steel was selected for tests due to its wide application in automotive components,
e.g., crankshafts, steering components, gears, front axle bearings. The steel is still an attractive
structural material due to its high strength and qualified toughness (Celtik et al., 2023). However,
as of now, there are still some areas of knowledge requiring further thorough studies devoted
to an influence of stress on mechanical parameters of plastically deformed zones (Romanowicz
et al., 2020).
The experimental procedure contained two main steps: monotonic tensile tests up to the

selected values of deformation and the BN measurements. Mechanical tests were carried out
at room temperature using flat specimens on the 8802 Instron servo-hydraulic testing machine.
Strain was measured by means of the 2630 Instron uni-axial extensometer. The width, gauge
length and thickness of the specimen were 10mm, 25mm, and 3mm, respectively. The to-
tal length of the specimen was 174.5mm (Fig. 1). The specimens were loaded monotonically
under strain control with loading velocity of 0.005mm/mm. The following levels of deformation
were applied: 1%, 2%, 3%, 4%, 6%, 8%, 10%, 12%, 14%. After each pre-strain, the specimen
was unloaded. The yield point (YP), elastic limit (EL), strain hardening exponent (n), and
strength coefficient (K) were determined for each loading process.

Fig. 1. Dimensions of specimen used in the experiment.
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The BN measurements were performed using an MEB-4C defectoscope with a head consisting
of a U -shaped core of electromagnets wrapped in the wound excitation coil. The pick-up coil was
built into the sensor. In the pick-up coil, a voltage signal was induced. A triangular waveform
was used. The fast-variable component was separated using a high-pass filter f = (0–500)Hz.
The analysis of this component provided information on the strain level degree of the steel
tested. The envelopes of magnetic BN were calculated as rms value Ub according to the following
equation (Makowska et al., 2024):

Ub =

√√√√√1

τ

τ�

0

U2
tb1(t) dt, (3.1)

where Ub – root mean square (rms) of the coil output voltage [V], Utb1 – fast-variable component
defining voltage separated using the high-pass filter from the induced voltage in the pick-up
coil [V], τ – integration time [s].
Then, the amplitude of BN (Ub pp), defined as the voltage difference between the maximum

peak value of the magnetic BN (Ub) and the background noise (Utb), was determined. Moreover,
the integral of the half-period voltage signal of MBN was calculated (Makowska et al., 2024):

Int(Ub) =

+Ugmax�

−Ugmax

Usb dUg, (3.2)

where Usb – rms of the Barkhausen emission voltage after correction with respect to the back-
ground noise [V], Utb – rms of the background voltage [V], Ug – generator voltage [V].
The last step of the experimental programme was to find relationships between such me-

chanical parameters as elastic stress, yield point, maximal axis stress, stain hardening coefficient
and parameters coming from rms of the BN envelope.

4. Results and analysis

The 41Cr4 steel stress-strain curves after various pre-strains are presented in Fig. 2. Impor-
tant differences in tensile curves were found in the range from 0% to 1%. It was observed that
the yield point and elastic limit increased with the pre-strain level (Fig. 3).

Fig. 2. Comparison of the tensile curve in the initial range of deformation for 41Cr4 in the as-received
state to characteristics determined after the subsequent 9 steps of the loading-unloading process.

The greatest strengthening was achieved for an initial deformation of 0.12mm/mm. The max-
imum value of the yield point was 690MPa for the pre-strain level of 12%, whereas the maximum
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Fig. 3. Elastic limit (EL) and yield point (YP) versus total axial strain achieved during subsequent
loading steps.

Fig. 4. Maximum value of axial stress versus total axial strain achieved during subsequent loading steps.

value of the elastic limit was 400MPa for pre-strain of 8% (Fig. 3). It means that 41Cr4 steel
is sensitive to prior deformation and its mechanical parameters after loading to achieve 12%
pre-strain were almost 200MPa higher than those for the same material in the as-received state
obtained. The hardening was stabilized for the higher deformation reflected by similar values of
the yield point and elastic limit. One can conclude that the pre-straining created almost a perfect
elasto-plastic material with a little hardening effect. Also variations of the strain hardening ex-
ponent that was equal almost to zero for the highest strain level confirm such behaviour (Fig. 5).
As is shown in Fig. 4, the maxiumum value of axial stress versus total axial strain increased

Fig. 5. Strain hardening exponents versus total axial strain achieved during subsequent loading steps.
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during subsequent loading steps. Changes in the strength coefficient decreased asymptotically
up to the constant level with an increase in the total axial strain (Fig. 6). The power-law work
hardening equations for various values of the total strain are presented in Table 1. The true
stress-plastic strain relationship is described by the equation σ = Kεn (Li et al., 2019), where
σ is the true stress, ε is the true plastic strain, K is the strength coefficient, and n is the strain
hardening coefficient.

Fig. 6. Changes in strength coefficient versus total axial strain achieved during subsequent loading steps.

Table 1. Power-law work hardening equations for the total axial strain achieved during subsequent loading
steps for 41Cr4 steel.

Total axial strain Power-law hardening equation

1% σ = 882.41ε0.1018

2% σ = 743.44ε0.849

3% σ = 719.37ε0.0383

4% σ = 713.05ε0.0291

6% σ = 695.29ε0.0165

8% σ = 679.31ε0.0091

10% σ = 673.69ε0.0052

12% σ = 690.86ε0.0025

14% σ = 669.28ε0.001

Fig. 7. Young’s modulus versus total axial strain achieved during subsequent loading steps.

The effect of plastic deformation was also observed using the BN non-destructive method. It
was found that the rms BN envelopes are sensitive to the pre-strain level (Fig. 9). The amplitude
(Fig. 10) and the integral of BN (Fig. 11) decrease up to 6% of plastic pre-strain. For its higher
levels, both parameters take the constant value. For a better interpretation of the BN results,
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the points representing subsequent levels of prior deformation were introduced on the tensile
curve of 41Cr4 steel (Fig. 8).

Fig. 8. Tensile curve of 41Cr4 steel with points illustrating the total strain values achieved during
subsequent loading steps.

Fig. 9. Envelopes of rms BN before and after prior deformation.

Fig. 10. Amplitude of rms BN envelopes versus total axial pre-str.

Figures 11 and 14 show that the BN is most sensitive in the elastic range of stress char-
acteristic. In this case, the dislocation line length does not change significantly and the BN
depends on changes in the crystal lattice. As a consequence, a rearrangement of the magnetic
moments in magnetic domains through magnetoelastic energy takes place. In the elastic range,
dislocations bow out and create a zig-zag segment structure. It indicates that the intergranu-
lar dislocation slip started before the initial plastic stage (Wang et al., 2020). These are early
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Fig. 11. Normalized Int(Ub) versus total axial pre-strain.

signs of plastic deformation also called micro-yielding. Generally, dislocations are likely to be gen-
erated first in the grain boundary regions during micro-yielding (Stefanita, 1999). As the grain
slip process occurs partially, the plastic flow starts to appear in the material. The Barkhausen
noise signal decreases with the plastic strain until the material becomes fully macro-yielded.
If the yield point is reached, then dislocations can be formed in the grain interior and the

macroscopic yielding can occur by a massive generation of dislocations motion. In consequence,
dislocation density becomes similar in boundary regions and inside the grain (Stefanita, 1999).
The dislocation tangles of high dislocation density create pinning sites during the further

plastic deformation process. Forming dislocation configurations hinders the movement of the
domain walls and the BN signal decreases.
This means that the Domain Walls (DWs) movements are hindered by defects of larger

geometrical size (He et al., 2019). According to (He et al., 2019), magnetic domains are stuck
between the micro-defects. Plastic deformation over 1% introduced through the single-cycle
loading process changes material isotropic orientation to the unique orientation of magnetic
domains. Conversely, plastic deformation lower than 0.5% and introduced by several loading
processes leads to the cataclastic domain structures with weak orientation (He et al., 2019).
When the specimen is stretched to 3%, a dislocation density increases and distributes ho-

mogeneously. According to Mughrabi’s composite model, the structure with dislocation-rich cell
walls and dislocation-rich walls is created (Dannoshita et al., 2023). Edge dislocations create
dislocation cell walls, whereas screw dislocations are the main components of the cell interiors
(Dannoshita et al., 2023).
Dislocation tangles develop with plastic strain and dislocation lines intertwined with each

other. Within the range of strain ε = 10%–14%, dislocation pile-up occurred and dislocation net
structures consisted of high-density dislocation tangles developed (Wang et al., 2020). Moreover,
the formation of voids under tensile stress can be observed (Wang et al., 2020). The voids are
created in both regions of high dislocation density as well as the precipitated phase vicinity, and
they serve as the demagnetization areas that contribute to the BN signal reduction.
An interesting feature can be observed by the analysis of Young’s modulus variations due

to subsequent steps of prior deformation. Studies of Young’s modulus as a function of strain
were repeatedly undertaken in (Roca et al., 2014). A decrease in Young’s modulus after plastic
deformation was noticed in the low-carbon steel delivered in the form of sheets. It varied from
215GPa, 200GPa, 195GPa for pre-strain of 0%, 10% and 15%, respectively (Yamaguchi et al.,
1998). It was also observed that Young’s modulus of the low-carbon steel sheet could be recovered
to the value of undeformed sheet by subsequent annealing (Yamaguchi et al., 1998). Researchers
presumed that a decrease in Young’s modulus came mainly from the microscopic debonding at
the interface between inclusions or 2nd-phase particles and matrix (Yamaguchi et al., 1998).
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Similar tendency was obtained for a ductile iron by Berdin and HauŠild (2002). In this case,
a debonding at the interface between graphite nodules and metallic matrix was responsible
for Young’s modulus lowering. In (Rutecka et al., 2020), debonding between SiC particles and
aluminium matrix was observed in the form of small microstructural discontinuities and cracks
around SiC particles. It led to a decrease in Young’s modulus with plastic deformation (Rutecka
et al., 2020). However, in the case of 41Cr4 steel tested in this research, Young’s modulus seems
to be insensitive to prior deformation (Fig. 7). From the microstructural point of view, Young’s
modulus values could be attributed to certain categories depending on the strain range. One
can indicate the first range if ε = 1%–3%, the second one if ε = 3%–10%, and the third one if
ε = 10%–14%. As it was mentioned earlier, the first range corresponds either to micro-yielding
or macro-yielding where there are no significant material inhomogeneities, so E = 185GPa–
186GPa. The second range represents an increase in inhomogenously distributed dislocations.
Dislocations increase and interact with each other inside the crystal in the homogenous plastic
region. A threshold of the slip process is increased by the hardening of the material. So, E =
172GPa–182GPa. In the third range (ε = 10%–14%), voids in the material occur near very
high dislocation tangles. The steel structure becomes very inhomogeneous, so Young’s modulus
drops below 170GPa (takes values between 165GPa and 168GPa). An influence of dislocation
density on Young’s modulus was discussed in (Benito et al., 2005). The authors noticed that
Young’s modulus of pure iron decreased after plastic deformation from the original mean value
of 210GPa to 196GPa at ε = 0.060. Next, a slight recovery occurred and Young’s modulus
increased to 198GPa until the neck appeared at ε = 0.100 (Benito et al., 2005). An explanation
of such behaviour is based on Mott’s model (Benito et al., 2005). It was proposed that the
assumed dislocations can bow out in their glide planes, giving an extra elastic strain, and thus,
a decrease in Young’s modulus. According to Mott’s theory, the first steps of deformation in pure
iron lower Young’s modulus due to the dislocation density and the extra elastic strain increase
(Benito et al., 2005). Hence, when the cellular dislocation structure has formed during plastic
deformation at higher strains (between ε = 0.060 and 0.080), the dislocations in cell interiors
may give an extra elastic strain (Benito et al., 2005). In the early stages of deformation, the
cell structure is not able to develop, so the dislocation density in cell interiors is lower than
that in the first deformation stage observed. It causes the slight recovery of Young’s modulus
measured at the strain ranges considered. Finally, for the higher strain values than ε = 0.080, no
changes of dislocation density in cell interiors are observed and the values of Young’s modulus
are stabilized (Benito et al., 2005).
The change in parameters coming from the BN envelope can be considered separately for

low and high degrees of prior deformation. The linear relationship between the BN amplitude
and pre-strain was found (Fig. 12). Exponential dependence was observed in the case of the BN
integral and prior deformation (Fig. 14). However, both BN parameters are insensitive to higher
levels of pre-strain (Fig. 13 and Fig. 15).

Fig. 12. Amplitude of rms BN envelopes versus low total axial pre-strain.
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Fig. 13. Amplitude of rms BN envelopes versus high total axial pre-strain.

Fig. 14. Normalized BN integral versus low total axial pre-strain.

Fig. 15. Normalized BN integral versus high total axial pre-strain.

The BN signal depends strongly on dislocation density. In (Li et al., 2024), the dislocation
density was measured for similar medium carbon steel with martensitic structure for different
levels of strain. The results were shown in the form of a dislocation density diagram versus strain
(Fig. 16) (Li et al., 2024).
Dislocation densities at specific strains can be calculated using the Williamson–Hall equation

based on the X-ray diffraction (Deutges et al., 2025): β · cos(θ) = 0.9λ/D + ε · 2 sin(θ), where
θ – Bragg angle, λ – wavelength of the X-ray beam, β – full width at half maximum (FWHM)
of the Bragg peaks, D – grain size, ε – lattice strain.
The term of equation 0.9λ/D is considered to be negligibly small when the effective average

grain size that affects dislocation density calculations of the martensitic substructure is not
smaller than 1µm (Deutges et al., 2025).
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The relationship between strain and dislocation density ρ and ε can be given by the equation:
ρ = k·ε2

b2
, where ε – lattice strain, b – Burger vector, k – geometrical constant (k = 14.4 for body-

centred cubic materials) (Deutges et al., 2025).
The dislocation density variations presented in Fig. 16 enable to indicate a decrease in the am-

plitude and integral values of the half-period BN voltage signal. Dislocation density values for the
deformation range from 1% to 4% and are located near 21× 1014 [1/mm2]. However, for a strain
level of 7%, the dislocation density increases rapidly up to 26.85× 1014 [1/mm2]. Also, a rapid
change in the amplitude and the normalized BN integral can be noticed for the strain range
from 1% to 6%. The normalized Int(Ub) values changed from 0.81–0.89 in the 1%–4% strain
range to 0.37–0.40 in the strain range of 4%–6%. The values of the BN amplitude changed
from 0.31V–0.24V in the 1%–4% strain range and attained a value equal to 0.11–0.13 after
pre-strain exceeding ε = 4%. Thus, a sudden increase in the dislocation density causes a sharp
decrease in the parameters of the BN. It was observed that the greater magnetic results diversity
was obtained at the higher values of the BN amplitude. This is due to the greater sensitivity
of this parameter to the microstructure features. It seems that the microstructural forms, like
dislocations, change the stress levels in micro-regions of material, for example.

Fig. 16. Dislocation density of the martensitic medium-carbon specimens, based on (Li et al., 2024).

The experimental points representing dislocation density in Fig. 16 were approximated to
describe a character of dislocation density variation. In Fig. 17, the relationship between dis-
location density and the normalized BN integral of the half-period voltage signal Int(Ub) was
elaborated. Dislocation density values for the pre-strain levels considered in this research are
included in Table 2. Figure 17 shows that the Int(Ub) related to the dislocation density of about
21× 1014 [1/mm2] corresponds to the deformation value equal to 2%.

Fig. 17. Relationship between the dislocation density and normalized BN integral
of the half-period voltage signal Int(Ub).
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Table 2. Dislocation density values determined on the basis of approximation line
from the graph in Fig. 16.

Strain level ε [%] Dislocation density ρ [× 1014 1/mm2]

0 11.990

1 19.407

2 21.312

3 22.512

4 23.398

6 24.717

Strength and strain hardening coefficients versus the BN amplitude and integral are presented
in Figs. 18–21. Both BN parameters variations, Ub pp and Int(Ub), enable to identify n andK that
correspond to a stress region close to the yield point. The point representing pre-strain equal
to 1% can be assigned to the elastic stress section of the tensile curve and dislocation density
of about 20× 1014 [1/mm2]. Plastic deformation of a metal or metallic alloys begins at a stress
lower than the yield strength. Plastic deformation does not occur simultaneously throughout the
entire specimen volume in polycrystalline materials. A transition from the elastic stress range to
the plastic one is smooth. In practice, the elastic limit is considered to be the normal stress at
which the plastic deformation is still very small but measurable, from 0.001% to 0.05% (Dębski
et al., 1990). The next strain range that covers values from 2% to 4% is already connected
with the early plastic deformation where the dislocation density is about 21× 1014 [1/mm2] for

Fig. 18. Strength coefficient versus amplitude of BN.

Fig. 19. Strain hardening coefficient versus amplitude of BN.
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Fig. 20. Strength coefficient versus integral of BN.

Fig. 21. Strain hardening coefficient versus integral of BN.

pre-strains equal either to 3% or 4%. As a consequence, both these points are next to each other
on the graphs, especially in Fig. 20.
The points representing the pre-strain range from 6% to 14% are located close to each other

on the graphs presented in Figs. 18–21 due to the insensitivity of Ub pp and Int(Ub) parameters on
the higher total pre-strain.
Figures 22 and 23 indicate that Ub pp and Int(Ub) can be helpful in the prediction of the elastic

stress and yield point of 41Cr4 after deformation in the range of 1%–4%. Linear relationships
between the yield point/elastic limit and the amplitude/integral of the half-period voltage signal
of magnetic BN were obtained in the case of low pre-strain values (Figs. 22 and 23). The pre-

Fig. 22. Yield point and elastic limit versus amplitude of BN.
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Fig. 23. Yield point and elastic limit versus integral of BN.

strain level of 1% did not change the value of the yield point and elastic limit in comparison to the
specimen before loading. On the contrary, both magnetic parameters represented a completely
different character of behaviour. The changes in values of the magnetic parameters at the strain
range of 1%-–4% are related to the material elastic region, and therefore, the stress state of
41Cr4 steel tested came back to its initial state.

5. Conclusions

Plastic deformation leads to local changes in mechanical parameters of the material tested
in this study. This paper has indicated the possibility for simple identification of selected me-
chanical parameters of the steel subjected to prior deformation from tensile tests. This is a par-
ticularly important issue, because defects may appear during material exploitation that could
change significantly its response to further loading programmes. Linear relationships were found
between the stress limit/yield point and parameters determined from the BN method for low
pre-strain values (0%–4%). The amplitude and integral of the BN were insensitive to defor-
mations above 6%. However, the same parameters may be successfully applied for identifica-
tion of the strength and strain hardening coefficient values of ferromagnetic materials deformed
up to the stress corresponding to the yield point. In conclusion, one can indicate the BN as
a method that may provide effective technical support for devices inspection and structural
parts diagnostics.

Acknowledgments

This work was financed by the Military University of Technology under research project
742/2004 “Modern technologies and research of modern materials used in armament technology”.

References

1. Anglada-Rivera, J., Padovese, L.R., & Capó-Sánchez, J. (2001). Magnetic Barkhausen Noise and
hysteresis loop in commercial carbon steel: influence of applied tensile stress and grain size.
Journal of Magnetism and Magnetic Materials, 231 (2–3), 299–306. https://doi.org/10.1016/S0304-
8853(01)00066-X

2. Benito, J.A., Jorba, J., Manero, J.M., & Roca, A. (2005). Change of Young’s modulus of cold-
deformed pure iron in a tensile test. Metallurgical and Materials Transactions A, 36 (12), 3317–3324.
https://doi.org/10.1007/s11661-005-0006-6

https://doi.org/10.1016/S0304-8853(01)00066-X
https://doi.org/10.1016/S0304-8853(01)00066-X
https://doi.org/10.1007/s11661-005-0006-6


Exploitation parameters of deformed high-strength steel assessed by the Barkhausen noise method 671
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The methodology for setting up a multibody system for a tractor, incorporating an advanced tire
model is presented and discussed. The goal is to obtain precise load and boundary conditions for
the finite element analysis, which in turn aids in predicting fatigue life. Additionally, the generated
loads and boundary conditions are used to define a test procedure with hydraulic actuators, aiming
to replicate field damage values for the relevant components as precisely as possible. As a result,
a consistent simulation process extended from the early design stage to the prototype test phase
is presented in this contribution. Furthermore, all the results achieved with this methodology are
confirmed by measurements.
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1. Introduction

Defining virtual and accurate load cases is a critical challenge in modern off-road vehicle de-
velopment to ensure proper dimensions and lightweight design at an early stage of development.
Focusing on accurate load cases, AVL (AVL List GmbH) attempted to establish a simulation
methodology comprehensively supporting the whole development process.
An agricultural tractor with a tare mass of approximately 6 tons from serial production

was selected as the test object for this research (see (Jedinger-Pauschenwein et al., 2024)).
Unfortunately, more information about the vehicle cannot be provided because of confidentiality
agreement with AVL’s customer.
All simulations were conducted using simulations without considering any flexibility of the

tractor body, as its rigid structure has eigenfrequencies well above the excitation spectrum of
the tested road profile (<20Hz).
Fully integrated simulation process:
– The setup of a complex multibody system model is carried out in Adams which is a multi-
body dynamics simulation software system (see (Adams)). The model includes an air sus-
pended cabin with a sprung driver seat, front axle suspension incorporating the behavior
of the hydraulic suspension, lashes at the rear lift hinges, elasticities in powertrain, and
other details. The first parametrization of the module FTire, which is used for modelling
tires (see (Gipser, 2007; FTire)), is based on approximate and scaled values.

The publication has been funded by the Polish Ministry of Science and Higher Education under the Excellent
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– Fine tuning of the tire parameters is an iterative process with multibody system simula-
tions, whereby the parameters are adapted via measurements from the tractor testing in
the field.
– Based on the fine-tuned multibody system model, traversing a field path defined by the
customer is simulated with Adams. The results (accelerations, forces, etc.) are the input
data (loads and boundary conditions) for the subsequent finite element analysis.
– The strength analysis with the nonlinear finite element method delivers deformations,
stresses, contact behavior in the flanges, etc. A subsequent mechanical fatigue analysis
provides safety factors or damage values, respectively.
– Finally, the setup of the test bed is derived from the simulation methodology and its results.
It includes the arrangement of the hydraulic cylinders, the definition of the fixation of the
tractor body on the test bed, and the loads and their referring cycles to achieve the same
damage values at certain components as it is expected in the whole tractor lifetime.
The outstanding feature of the presented methodology is the consistent, virtual support

of the development process from a design stage until prototype testing, which is not existing
practice.

2. Vehicle multibody system simulation model

A vehicle multibody system (VMBS) simulation model is established (see (Popp & Schiehlen,
2010; Shabana, 2013)), including the following rigid bodies: chassis frame, rigid (pendulum) axle,
cabin, and implements. The model accounts for lashes in the rear hitch, among other factors.
The front axle is locked, allowing only the rotation about the longitudinal axis of the hinge as an
additional degree of freedom. Springs and dampers with both linear and nonlinear characteristics
are incorporated for the cabin suspension and the front/rear hitches. Various ballasting scenarios
are also considered.
Tire parameters significantly impact the dynamic behavior of the entire mechanical system.

To accurately account for the tires, the FTire module was utilized with initial parameter esti-
mates provided by company cosin (see (Bayerischen Transformations- und Forschungsstiftung,
2021; FTire)) who are the software manufacturer of FTire.
For fine-tuning, acceleration measurements at the wheel hubs taken in the field (several short-

wave road profiles, i.e.: cleats, see Fig. 1) have been evaluated and analyzed. The comparison
with the virtually achieved simulation results formed the basis for fine adjustment of the tire
parameters.

Fig. 1. Cleat obstacles for tire parametrization.

For this fine-tuning ten main parameters were varied, whereby the focus was to achieve the
same acceleration signals during cleat traversing at the metering points near the wheel hubs in
simulation, in the time domain as well as in the frequency domain (the Fourier spectrum) (Fig. 2).
To proof the new methodology, a merry-go-round (MGR) test track (as seen in Fig. 3) is

built-up in the field. This track is specifically designed to test the durability and resilience of
vehicles when exposed to real or simulated working conditions, whereby periodical excitations
due to obstacles as shown in Fig. 3 are to be considered. In literature it is also referred to as
a bump test track circuit with obstacles (see (Renius, 2020)).
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Fig. 2. Accelerations in time domain.

Fig. 3. Merry-go-round test.

To check the reliability of the simulation, the acceleration signals at the wheel hubs are
measured again, and virtual simulations are performed with the fine-tuned model in parallel.
As a result, the comparison between measured and simulated signals indicated a strong corre-
spondence, which justifies the conclusion that a virtual multibody system simulation delivers
a sufficiently accurate basis for the load case definition (see Fig. 4).

Fig. 4. Accelerations near wheel hubs in time domain during MGR test.

Additionally, these simulations enable the definition of internal forces and accelerations for
all components, including those where mounting measurement sensors are impractical. Mea-
suring intermediate/connecting forces between components directly in the field can be a quite
challenging task in general, which is why the AVL “Marker Method” (Fuchs & Pauschenwein,
2019; Schiller, 2018) is a practical way to obtain them through simulation.
Because of their extent, mathematical details are not shown in the short communication

paper.
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3. Loads and boundary conditions

3.1. Dynamic conditions for finite element analysis

Using the validated model, loads and boundary conditions (LBC) for the finite element
analysis (FEA) can now be derived from VMBS simulation results. The FEA is carried out
with the software tool Abaqus (see (Abaqus)). While the straightforward approach would be to
replicate the exact loading conditions from VMBS in the FE-model, this is only practical for
singular events, such as accidents involving (front) wheel impacts. For durability loads under
seemingly random rough road conditions, statistical methods like Rainflow counting must be
applied (see (Fuchs & Pauschenwein, 2019)). However, for the periodic conditions of the MGR
test track, identifying the relevant time steps within one period is more suitable.
To achieve this, the first step is to narrow down the set of all variables (forces, torques,

accelerations) to a small set of relevant observables. Experience and observation have shown
that the vertical forces from implements and on the axles define the critical conditions for the
structural components.
This results in the desired set of forces and loads as depicted in Fig. 5.

Fig. 5. Relevant observables (forces) at the chassis.

After condensing all simulated obstacle traversals into a single representative period (for all
variables), the next step is to identify all local maxima and minima for the four dominant loads,
combining time points that are close to each other. This selection is depicted in Fig. 6, where
shock factors (Fdynamic/Fstatic) instead of forces are utilized for better visualization. Then, using
the beam as an example, for each final time, the loads on the part (e.g., forces in the suspensions,
rear wheel hub loads, etc.) are extracted applying the following rule: If a local extremum is
nearby, the extremum is used; otherwise, the value at the specified time is used.

Fig. 6. Shock load factors for main forces; one full round (left), representative period (right).

All the defined load points are to be applied to the FE-model, and inertia relief warrants
equilibrium of forces. Considering the constructed representative cycle, a succeeding analysis
with FEMFAT/TRANS MAX obtains the damage of one period. FEMFAT is a software tool
for the mechanical fatigue analysis (see (FEMFAT)). Multiplying this value with the number of
cycles appearing in the whole tractor lifetime predicts the damage value.
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3.2. Static conditions for hydro-pulse system and FEA

Severe load cases (e.g., pendulum impact, one-sided impact at the front wheel, etc.) require
test beds with hydraulic actuators, as four-poster test beds can only apply vertical forces at
the tire treads. Additionally, these test rigs with hydraulic cylinders are more cost-efficient.
Therefore, a procedure has been developed to simulate the MGR test using hydraulic actuators,
as shown in Fig. 7. Of course, it is not possible to determine load and boundary conditions at
the test bed for the whole vehicle, but only for selected components to be investigated, because
dynamic boundary conditions (i.e., accelerations) cannot be applied. Nevertheless, the hydraulic
forces can be determined in a way that they are expected to cause the same damage values in
the referring component as simulated in the finite element analysis described in Subsection 3.1,
as the simulation results in Fig. 8 show.

Fig. 7. Test rig with hydraulic actuators.

Fig. 8. Damage values test bed/dynamic loads.

4. Conclusions

A method has been developed for accurate tractor tire parametrization without a tire test-rig,
which is based on measured accelerations during traversing cleat obstacles. It has been validated
by a merry-go-round test track.
Moreover, a fully integrated, virtual methodology has been elaborated which supports the

whole development process consistently from early design stage until prototype testing.
Although the simulation effort increases, it leads to a significant reduction in the total

development costs and speeds-up the development process, as well as more accurate dimen-
sioning of parts compared to conventional, estimated loads. It also provides valuable insight
into the dynamic behavior of the tractor and allows cost-efficient optimization of parameters.
Furthermore, the field conditions referring to the tractor lifetime can be precisely derived for
the test bed.



678 G. Jedinger-Pauschenwein et al.

Appendix. Overview of complexity levels of simulation processes
Standard simulation process (existing practice)

LBCs for FEA based on experience Probably too severe → oversized design.

LBCs for FEA based on force measurements with
similar vehicle

→ Lowest simulation complexity

Measurements refer to one parameter set. Parame-
ter changes (e.g., additional mass) make LBCs un-
usable.

In most cases test bed represents field conditions
poorly.

Advanced simulation process

LBCs based on VMBS simulation, and tire para-
metrization is based on approximate values from
tire database.

→ Elevated simulation complexity

VMBS-results deliver inferior accuracy of LBCs →
mediocre accuracy of FEA-results.

Inferior insight into dynamic behavior.

Test bed represents field conditions with limita-
tions.

Integrated simulation process (presented in this contribution)

LBCs based on VMBS simulation and tire para-
metrization with fine-tuned values based on mea-
surements.

→ High simulation complexity

Accurate LBCs for FEA → precise FE-results.

Good understanding of dynamic behavior.

Test bed represents field conditions well.
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Mechanical characterization of elastomers is a long-studied but still challenging area. Finite
element solvers offer a great variety of hyperelastic models; however, no straightforward selection
process is provided. This paper presents a methodology for high-fidelity hyperelastic parameter
fitting tailored for elastomers. One of its main components is a pre-processing module, which helps
select the most suitable model based on all information extractable from the measured stress-
strain curves. In this contribution, the concept of the pre-processing module is presented, while its
efficiency is demonstrated through benchmark fitting processes using the Treloar dataset and an
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1. Introduction

The mechanical characterization of elastomers and rubber-like materials is a long-researched
but still challenging area in the field of solid mechanics. These materials exhibit large strains and
displacements during loading, while the stress-strain curve can be highly nonlinear (Bergström,
2015; Treloar, 2005). For the constitutive modelling of the elastic behavior of elastomers, the
so-called hyperelastic constitutive models can be adopted. This modelling approach is a phe-
nomenological approach, where a suitable strain energy function is to be fitted simultaneously
to the experimental data from various load cases (Holzapfel, 2010; Doghri, 2000).
The history of hyperelastic constitutive models is strongly connected to rubbers since the first

hyperelastic strain energy functions were formulated by Mooney (1940) and Rivlin and Saunders
(1951) to describe the behaviour of filled rubbers as the generalization of the Hooke’s law for
finite strains. Since then, a great variety of hyperelastic potentials were developed. Some rely on
only mathematical considerations (e.g., the polynomial model family), while others are based
on the micromechanical or microstructural description of the strongly crosslinked elastomers.
Recently, He et al. (2022) summarized a total number of 85 formulations of hyperelastic strain
energy potential both for incompressible (pure deviatoric) and for volumetric compression cases.
Furthermore, concerning the fitting of the parameters of these models, the generalized Mooney
space (GMS) approach for some specific hyperelastic potentials was recently proposed which
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transforms the material testing curve into a polynomial space, where the fit can be performed
more efficiently (Anssari-Benam et al., 2022).
In the commercial finite element solvers (Ansys, Abaqus, Ls-Dyna), a great variety of hyper-

elastic models are available. However, no straightforward selection process is provided for the
users. Since hyperelastic modelling and parameter fitting is a complex task, dedicated software
solutions (e.g., MCalibration (Bergström, 2015), Hyperfit) are available as well to fit a suit-
ably chosen hyperelastic strain energy potential to the material testing data. However, none of
these dedicated software applications provides the user with constitutive model decision support,
which is an essential decision in the material modeling process to be made prior to the fitting.
In addition, industrial practice shows that the available measurement data are often incomplete
and contradictory, and the average user does not have the expertise to confidently filter the data
containing information about the complex material behaviour.
The research project “2020-1.1.2-PIACI-KFI-2021-00314” aims to develop a high-fidelity ma-

terial parameter fitting methodology tailored for rubber-like material characterized by hypere-
lastic constitutive models. One of the main components of the fitting procedure is an automatic
pre-processing module, which helps users select the most suitable material model using all in-
formation extractable from the measured stress-strain curves for different load cases and further
available mechanical test data using techniques based on the theory of hyperelasticity.
In this paper, the concept of the pre-processing module is presented. Section 2 summarizes

the theoretical background of hyperelasticity and the investigated hyperelastic models. Section 3
presents the concept of the pre-processing module and the applied methods. Section 4 is dedi-
cated to the case studies, including 1) the classical Treloar dataset and 2) a self-made dataset
for NBRs, including uniaxial tension and compression, planar tension and simple shear tests.
Finally, the main findings of the case studies are presented in Section 5.

2. Theoretical background

The theory of hyperelasticity is based on the finite strain material formulation of kinematics,
where a polyconvex scalar function W (F) can be introduced expressing the stored strain energy
per unit reference volume as the function of deformation gradient F or the right Cauchy–Green
deformation tensor C, namely W (C). From this, the first Piola–Kirchhoff stress tensor (P) can
be directly derived from the strain energy function using

P =
∂W (F)
∂F

, or P = 2F
∂W (C)
∂C

. (2.1)

2.1. Isotropic hyperelastic models

In the case of isotropic material, the strain energy function can be expressed by either the
function of the principal invariants of C (I1, I2, and I3) or the principal stretches (λ1, λ2,
and λ3), namely W (I1, I2, I3) or W (λ1, λ2, λ3) (Holzapfel, 2010). The scalar invariants of C are
defined as

I1 = tr(C), I2 =
1

2

(
I21 − tr(C2)

)
, I3 = detC=J2, (2.2)

which can also be expressed using the principal stretches (λ1, λ2, and λ3) as

I1 = λ21 + λ22 + λ23, I2 = (λ1λ2)
2 + (λ1λ3)

2 + (λ2λ3)
2, I3 = (λ1λ2λ3)

2. (2.3)

In this case, the Cauchy (σk) and the first Piola–Kirchhoff (Pk) principal stresses can also be
expressed in a compact form as

σk =
λk
J

∂W

∂λk
, Pk =

∂W

∂λk
, k = 1, 2, 3. (2.4)
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2.2. Incompressible hyperelastic model

Elastomers are commonly modeled as incompressible materials because their bulk modulus
is extremely high, while the volumetric deformation is negligible. Assuming a perfectly incom-
pressible material, where the volume is constant during loading, for the entire deformation

detF = J ≡ 1 and I3 ≡ 1 (2.5)

holds. Consequently, the strain energy potential simplifies to W (I1, I2, I3) = W (I1, I2). In this
case, the stress tensor can be derived using the deviatoric and volumetric split as

σ = s+ p, (2.6)

where s = devσ is the deviatoric part and p = pI is the volumetric stress term. In this case, the
deviatoric stress can be derived from the W (I1, I2) strain energy functions using the derivations
in Eq. (2.4), while the unknown pressure p should be expressed from the boundary conditions
(e.g., stress-free transverse stresses). Therefore, the principal stresses for the incompressible case
simplify to

σk = λk
∂W

∂λk
+ p, Pk =

∂W

∂λk
+

p

λk
, k = 1, 2, 3. (2.7)

2.3. Strain energy functions

In the literature, a great variety of incompressible hyperelastic potentials are available
(He et al., 2022). However, in commercial finite element solvers, the number of models is limited.
Some models are defined only using the first invariant I1, and the strain energy potential can
be expressed as W (I1). These models are the Neo–Hookean (NH) (Mooney, 1940), the Yeoh (Y)
(Yeoh, 1990), the Arruda–Boyce (AB) (Arruda & Boyce, 1993), and the Gent models (G) (Gent,
1996; Gent & Thomas, 1958). The corresponding strain energy functions are defined as

WNH = C10 (I1 − 3) , (2.8)

WY = C10 (I1 − 3) + C20 (I1 − 3)2 + C30 (I1 − 3)3 , (2.9)

WAB = µ

[
I1 − 3

2
+
I21 − 9

20λ2m
+

11
(
I31 − 27

)
1050λ4m

+
19

(
I41 − 81

)
7000λ6m

+
519

(
I51 − 243

)
673750λ8m

]
, (2.10)

WG = C0 ln

(
1− I1 − 3

Im − 3

)
, (2.11)

Some other models are also dependent on the second invariant I2. Therefore, the hyperelastic
potential in this form can be expressed asW (I1, I2). These models are the Mooney–Rivlin (MR)
(Rivlin & Saunders, 1951), the polynomial (P), and the Ogden (O) (Ogden, 1972):

WMR = C10 (I1 − 3) + C01 (I2 − 3) , (2.12)

WP =

N∑
i+j=1

Cij (I1 − 3)i (I2 − 3)j , (2.13)

WO =

N∑
i=1

2µi
α2
i

(λαi
1 + λαi

2 + λαi
2 − 3) . (2.14)

It should be noted that some models are based on pure mathematical considerations (e.g., po-
lynomial, Ogden, Yeoh), while others rely on statistical or micromechanical models (e.g., Gent,
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Arruda–Boyce). On the other hand, these models are not independent since by selecting the
material constants properly, the models reduce to each other. The hyperelastic models and their
relations are summarized in Fig. 1.

Fig. 1. Summary of the hyperelastic models available in the commercial finite element solvers.

2.4. Load cases

The hyperelastic potentials contain many material parameters that need to be fitted based
on experimental data. For incompressible materials, four different load cases are distinguished:
uniaxial (UA), biaxial (BA), planar (PL) and simple shear (SS). For these loading cases, the
deformation gradient tensor F, the volume ratio J and the first Piola–Kirchhoff stress tensor P
or the Cauchy stress tensor σ can be obtained as:
– uniaxial tension/compression (UN):

FUN =

λ 0 0
0 λT 0
0 0 λT

, JUN = λλ2T , PUN =

P 0 0
0 0 0
0 0 0

, (2.15)

– biaxial tension/compression (BA):

FBA =

λ 0 0
0 λ 0
0 0 λT

, JBA = λ2λT , PBA =

P 0 0
0 P 0
0 0 0

, (2.16)

– planar tension/compression (PL):

FPL =

λ 0 0
0 1 0
0 0 λT

, JPL = λλT , PPL =

P1 0 0
0 P2 0
0 0 0

, (2.17)
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– simple shear (SS):

FSS =

1 γ 0
0 1 0
0 0 1

, JSS = 1, σSS =

σ11 σ12 0
σ12 σ22 0
0 0 0

. (2.18)

3. Concept of data pre-processing

For modelling rubber-like elastomers, a large number of material models and parameter fit-
ting procedures are available in the literature. However, all these methods assume that the user
has a precise knowledge of the constitutive model they wish to fit to the existing measurement
data. Industrial practice, however, shows that the available measurement data are often incom-
plete and contradictory, and the user does not have an advanced knowledge of the exact material
behaviour.
The main goal of the pre-processing module (Fig. 2) is not only to select the suitable material

models for fitting but also to provide information about the model parameters (min/max values
and initial values) to speed up and improve the accuracy of the model fitting.

Fig. 2. Flowchart of the proposed data pre-processing module.

3.1. Analyses methods

The pre-processing module is based on the following five methods: 1) theoretical model
properties; 2) inflection check; 3) GMS transformation; 4) parameter estimation from scalars,
and 5) load equivalency check.

3.1.1. Theoretical model properties

In this module, the theoretical suitability of each material model is examined. Based on
the previous list (see Subsection 2.3), it can be seen that the strain energy potential of some
hyperelastic models is only a function of the invariant I1, while other models also depend on the
invariant I2. As a general rule, it is assumed that
– for I1-dependent material models, it is sufficient to fit for a single load case; the measured
data from the other load cases will not provide additional information;
– for I1- and I2-dependent material models, it is necessary to fit at least two load cases. In
this case, one of the measurements that is particularly recommended is the biaxial load
curve since this will be the most dominant of the basic load cases for the I2.
Furthermore, this module also includes the estimation of the parameter’s initial values based

on theoretical considerations, e.g., the requirement of positive initial moduli, consistency with
Hooke’s law and any further constraints related to the model definition. Based on this analysis,
both initial values and boundaries are defined for the model parameters.
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3.1.2. Inflection

In this module, the convexity and the number of inflection points of the theoretical models
and the measurement datasets are analyzed and compared. Spline interpolation is applied to each
measurement curve in the datasets to reduce the effect of noisy measurement data from which the
convexity, inflection points, and their location can be determined analytically. After the analysis
of the measurement curve, the hyperelastic models are then evaluated to decide whether or not
they are capable of describing a measurement curve with such inflection properties. Based on
the analysis of the theoretical model curves, it can be concluded that
– Neo–Hooke, Mooney–Rivlin models can be excluded if inflections are present in any curve;
– Arruda–Boyce, 1-order Ogden models can be excluded if inflections are found in the com-
pression range, in simple shear, or if more than one inflection is seen in the tensile regime.

3.1.3. Generalized Mooney space transformation

The GMS transformation is a method developed recently by Anssari-Benam et al. (2022) as
an extension of the Mooney–Rivlin plot. For the simpler hyperelastic models (Neo–Hookean,
Mooney–Rivlin, Yeoh, Gent), the stress-strain curve (P (λ) → G(η)) can be transformed to
a GMS of the material model, where the stress-strain curve for the simpler material models
can be rewritten in a polynomial form. For the pre-processing module, this method is used in
several ways.
Firstly, it allows for checking the suitability of the model to characterize the measurements.

This can be easily checked using the polynomial space transformation, where the applicability of
simpler models can be examined. If the GMS transform of the measurement curve matches the
nature of the theoretical curve, the model can be adequate, i.e., it should be recommended for
fitting. If the GMS transform of the measurement curve contradicts the nature of the theoretical
curve, the given model will be excluded from the list of suitable strain energy functions.
Moreover, parameter fitting in a polynomial space is also much more reliable and robust. As

a result, after transforming each material model into a GMS, a fast polynomial fitting can be
used to estimate the initial value of the material parameters. The drawback of this method is
that GMS transformation is not available for complex material models.

3.1.4. Parameter estimation from scalars

In addition to the measurement curves performed from material testing, the mechanical
behaviour of the investigated elastomer can also be characterized by scalar parameters, which
are often available as catalogue data, e.g., on the material data sheet. Such scalar values may be
the modulus at 100% elongation E100, the modulus at 200% elongation E200 or the modulus at
300% elongation E300, which are commonly used in polymer technology. These quantities can
be easily converted to material parameter relationships by evaluating the stress solutions at the
given stretch level, respectively, to the given elongation level. In the proposed pre-processing
module, we can use these scalar modulus values to estimate the initial values of the material
parameters. Another important metric in the field of elastomers is the Shore A hardness, an
easy-to-perform measurement that is often available in catalogue data. Using Qi’s model (Qi
et al., 2003), which relates the Shore A hardness HA and the elastic modulus as

lgE = 0.0253 ·HA − 0.6403 for 20 < HA < 80, (3.1)

we can estimate the initial elastic modulus of the material, from which we can also estimate the
initial value of the model parameters using the above relationships.
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3.1.5. Load equivalency check

It can be shown that due to the incompressibility, some load cases can be considered equiv-
alent from a theoretical viewpoint since by adding or removing any hydrostatic pressure (see
Eq. (2.6)), the deformation of the specimen does not change. Therefore, the load case pairs
of uniaxial tension – biaxial compression and uniaxial compression – biaxial tension can be
considered as equivalent load cases. Furthermore, this also means that if both tension and com-
pression data are available for uniaxial or biaxial load cases, one already has two non-equivalent
measurements. In this module, the load equivalency is analyzed. This module is used to ana-
lyze equivalent load cases, i.e., to check the consistency of the data from the cases considered
equivalent. In the case of a discrepancy above a threshold value, the user is warned.

3.2. Evaluation of the pre-processing

By utilizing the methods mentioned above, the pre-processing module will provide: a) lower
and upper bounds for the model parameters, b) initial values for some of the parameters, and
c) an evaluation of model suitability using the traffic light marking system. Based on the pre-
processing results, this classifies the available material models into the following categories:
– red – there is a discrepancy between the material model and the uploaded measurement
data. This material model is not recommended for fitting;
– yellow – there is no inconsistency between the material model and the uploaded measure-
ment data, but the uploaded data is incomplete for adequate fitting;
– green – no inconsistency between the given material model and the measurement data.
As a last step in the pre-processing module, a quick fitting is performed for each curve

separately in order to quantify the accuracy of the model. Based on the preliminary single-curve
fitting results and all the further pre-processing results, an applicability score is generated for
each material model in the range of [0, 10], where 10 indicates the perfect match.

4. Case-studies

In order to highlight the benefits of the proposed pre-processing algorithm, two case studies
were performed, including 1) the well-known Treloar dataset (Treloar, 1944) for unfilled rubber
and 2) a self-made measurement dataset for a NBR specimen.

4.1. Measurement data I – Treloar-data

The first set of measurement data was the well-known Treloar dataset (Treloar, 1944) for
unfilled rubber, which includes mechanical tests for three different load cases, namely uniaxial
(UA), biaxial (BA) and planar (PL) tension. The P − λ engineering stress (forces-per-initial
cross-sectional area) – stretch dataset is depicted in Fig. 3.

4.2. Case study II – NBR

The second dataset (eCon measurement) contains measurements conducted at the test lab-
oratory of eCon Engineering Ltd. The test specimens were made out of NBR. The four different
load cases in the measurement set were: a) uniaxial tension (UT), b) uniaxial compression (UC),
c) planar tension (PT), and d) simple shear (SS). The uniaxial tensile measurement was carried
out according to the ASTM 412 standard (see Fig. 4) using an INSTRON 8801 servo-hydraulic
Material Testing System equipped with a Dynacell 2527-111 100 kN load cell. The uniaxial com-
pression test was performed according to ASTM D395. The specimen measured was made up of
3 rubber disks piled on each other, as shown in Fig. 4. For the planar tension test, there were no
standards to follow, but a fairly common approach is to use a “wide enough”, thin, rectangular
specimen with both of its ends fastened in a test frame as displayed in Fig. 4. A uniaxial test
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Fig. 3. P −λ engineering stress (force-per-initial cross-sectional area) – stretch curves of uniaxial, biaxial
and planar tension data from the Treloar dataset (Treloar, 1944).

Fig. 4. Uniaxial tension, uniaxial compression, planar tension and simple shear measurement curves
for the investigated NBR specimen.

machine can then pull the frame at both ends. Finally, a simple shear test according to ASTM
D945 was also performed using a H&P universal testing machine with H&P 50 kN load cell,
as shown in Fig. 4. The planar and simple shear measurements were performed using custom
designed and manufactured grippers.
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4.3. Parameter fitting scenarios

Both the pre-processing algorithms and the fitting tool were implemented in Python, the
latter software component relying heavily on the “lmfit” Python package (Newville et al., 2024).
The possible benefits of using our pre-processor were examined by comparing the obtained fitted
results, initializing all parameters with a) the constant value of 1 (Inits:1) or b) random numbers
(Inits: rnd).
For the demonstration of the capabilities of the proposed algorithms, five different models

from three different model families (see Fig. 1) were used with both datasets. These were the
stretch ratio-based 2nd and 3rd-order Ogden models (O2 and O3), the Neo–Hookean (NH) and
3rd-order polynomial (PL3) and the Arruda–Boyce (AB) model from the statistical-mechanical
model family. All five models were fitted on both datasets with constant 1 (Inits:1) and randomly
generated numbers (Inits: rnd) as starting model parameter initial values and with and without
using the pre-processing algorithms.

4.4. Fitting results

The remaining residuals after the fitting are displayed for all models at the top of Fig. 5 for
the Treloar dataset and Fig. 6 for the eCon measurements. The colour of the circles above the
residual bar charts indicates whether the pre-processor found the model applicable or not. The
scores next to the circles show how good the fitting quality will be, based on the algorithm’s
estimation before the actual fit happens.

Fig. 5. Fitting results for the Treloar dataset using four fitting scenarios including the 2nd and 3rd-order
Ogden models (O2 and O3), the Neo–Hookean (NH) and 3rd-order polynomial (PL3)

and the Arruda–Boyce (AB) models.

As the summaries of the residual plots show, the applicability scores from the pre-processor
show great agreement with the residual sums after the complete fitting procedure with one ex-
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Fig. 6. Fitting results for the eCon dataset using four fitting scenarios including the 2nd and 3rd-order
Ogden models (O2 and O3), the Neo–Hookean (NH) and 3rd-order polynomial (PL3)

and the Arruda–Boyce (AB) models.

ception: in the case of the Treloar dataset, the 2nd order Ogden model ended up with a higher
remaining residual value than the Arruda–Boyce model when the model parameters were ran-
domly initialized. The Neo–Hookean model was also correctly identified as non-applicable (red
circle) in the case of the Treloar dataset since it could not describe the inflections present in the
measured curves.
Considering the effect of the initial values provided by the pre-processing algorithms, it

was found that for models where the model redundancy was high (parameters can take each
other’s role), e.g., in the case of the 3rd order Ogden model, the suggested initial values for
the parameters were able to improve the fitting accuracy. For this model, the obtained curves
and the measurement data were plotted against each other on the bottom part of Fig. 5 and
Fig. 6. for all four fitting scenarios. As one can see, the improvements in the fit quality in the
Treloar dataset case were high. For the other models, the differences between the pre-processed
and simple fits were not significant in any of the scenarios.

5. Conclusion

This paper presents a pre-processing procedure for incompressible hyperelastic fitting of
rubber-like materials. The proposed method, based on the analysis of the measurement curves
and the theoretical background of each hyperelastic model, not only provides an estimate of
the initial values and bounds of the model parameters but also evaluates the adequacy of each
material model. This provides the user with a tool to assist in choosing a material model. The
performance of the method is illustrated via two case studies using the Treloar dataset and an
NBR dataset.
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As detailed in the previous section, the proposed pre-processing algorithms provided a very
decent, although not completely errorless, assessment of the different models’ applicability and
expected fit quality upfront. Furthermore, the offered initial values significantly improved the
final quality of the fit in some cases. However, they did not lead to significantly faster fitting
times. For hyperelastic models with a high number of parameters, the minimization of the ob-
jective function can result in multiple solutions with similar goodness (local minima) due to the
redundancy of the terms in such constitutive models. With a good choice of initial values, i.e.,
with physically consistent initial values, such redundancy of fitting results, and thus the uncer-
tainty of the fitting can be reduced. Such initial values can usually be defined for the parameters
related to the lower terms in the strain energy function. Therefore, in the case of models with
a higher number of parameters (e.g., 3rd-order polynomial (PL3), 3rd-order Ogden models (O3))
specifying constraints and initial values to improve the uniqueness of the fit is still a challenge
to be solved in future research.
It was also found that the pre-processing step greatly improved the fitting accuracy for models

where the model redundancy was high (parameters can take each other’s role), e.g., in the case
of the 3rd-order Ogden model. For less complex models, the differences were not significant.
The initial values provided by the pre-processor are close to the values obtained after the fitting
process. However, this did not bring significant improvements in the fitting runtimes for the
examined models. The randomly initialized cases were executed without noticeable differences.
However, having good initial guesses can significantly improve runtimes in more complex models
(e.g., compressible or viscoelastic models).
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This paper investigates the effects of incorporating stochastic features into the simulation of
a dynamic suspension system. The study is motivated by a real-world anomaly phenomenon ob-
served in railway vehicles, where changes in the stiffness of rubber springs during operation can lead
to irregular motion. A series of tests were conducted to characterize these stiffness variations and
their dynamic behavior under stochastic excitation. Using a simplified, symmetrically structured
model, the study demonstrates that such changes can initiate system anomalies, accelerating the
deterioration of the system’s technical state and potentially leading to a significant reduction in
component lifetime.
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1. Introduction

Railway vehicle dynamics are profoundly influenced by the mechanical properties and per-
formance of suspension components. In this study, we investigate a specific anomaly in the
secondary suspension system of an electric locomotive type. In practice, intensive asymmetric
wheel profile wear appeared during the long-time operation of these types of vehicles (Ferencz,
2010), meaning that the wheels on one side were subjected to larger degradation than on the
other side of one wheelset. The problem originated from deviations in the stiffness properties of
the suspension’s rubber-to-metal spring (secondary spring) components, which were identified
as the primary cause of the anomaly (Ferencz, 2010).
First, we explain the secondary spring measurements and their outcomes, then the six-degree-

of-freedom mechanical model of the railway vehicle is introduced. We add independent track
excitations on the left and the right side of the vehicle to include track irregularities, and thus
the mathematical model of the system is a stochastic differential equation (SDE), as similarly
used by Bruni et al. (2011) and Knothe and Stichel (2017).
Numerical techniques are used to simulate the motion of the vehicle, and from the simulation

results we calculate the deformation distribution of the secondary springs during the steady-state
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operation. Based on this distribution we can calculate the probability of critical operation (PCO)
if we define a certain critical limit of operation (CLO). This critical limit in our case is a large
secondary spring deformation we consider to be harmful and that might cause degradation and
failure in the stiffness characteristics.
If the secondary spring stiffness changes due to critical operation, the model is not symmetric

anymore. We show that in terms of PCO values the emerging asymmetric secondary spring
structure is much more dangerous than a symmetric structure.

2. The subject

2.1. Suspension component tests

Anomalies in the suspension system parameters of railway vehicle structures (such as unex-
pected deviations between the secondary springs) can lead to unexpected reductions in compo-
nent lifespan and accelerated deterioration of the system’s technical condition.
In 2006, a detailed analysis was conducted on a set of layered rubber-to-metal spring units

to evaluate their vertical stiffness characteristics after a significant number of system anomalies,
e.g., asymmetric wheel wear was observed in practice. To further investigate the long-term
behavior of these springs, new measurements were carried out in 2024 (as illustrated in Fig. 1).
The analysis included units still in operation and others dismantled after approximately 5–6
years of use.

Fig. 1. Test bench set to measure spring characteristics.

The results revealed significant deviations in the stiffness parameters of the tested secondary
spring components.
The measured stiffness characteristics were evaluated using the classical least squares regres-

sion method, providing statistical representations of the data. On the basis of the optimization
parameters an average function can be calculated as drawn with red line. These characteristics
could be compared to the nominal design characteristics (as illustrated in Fig. 2) drawn black,
with the approach assumption that the spring units were accepted with prescribed tolerances at
operation start time according to the assembly by manufacturer technical requirements.
The tested spring units that had been in operation for 5–6 years show substantial deviations

in stiffness, particularly at the nominal design load point at displacement of 4mm.
In the figure two units showed unexpectedly softness, considered as outliers due to a possible

material defect. Leaving out these from the further calculations a corrected average function was
obtained. The range of the considered calculated spring stiffness values is as follows:

r = max{si} −max{si} = 16.137
kN

mm
− 10.175

kN

mm
= 5.9622

kN

mm
. (2.1)
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Fig. 2. Calculated vertical spring stiffness characteristics based on the measurements.

Statistical data from these measurements were incorporated into the mechanical model pre-
sented in Section 3, along with the specific mass and moment of inertia values of the locomotive
under study.

2.2. System anomaly

An anomaly is when a certain system parameter exceeds its permitted in-operation maximum
or minimum limit. From the measurements we conclude that during operation the secondary
spring characteristics change due to such anomalies in the system. In the next section, we
introduce a mechanical model of railway vehicles with random track (“road” contact surface)
excitation that aims to explain an anomaly regarding the deformation of the secondary springs.
The actual phenomena can be described by the stochastic deterioration process D(t, w) curve

shown in Fig. 3. The curve shows with increasing operation time an increasing standard deviation
banding around the expectation function indicated by ED(t, w). It describes the natural physical
process of normal material and structural damage, as the stochastic process of deterioration, as
shown in Fig. 3 (Ferencz, 2023) over the time axis.

Fig. 3. Band characteristics of the deterioration process vs. time.
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The natural degradation of spring stiffness change can be considered accordingly. Possible
individual realization curves running within the bandwidth consist of two main sections divided
by an inflexion point. The estimated speed of technical condition deterioration is exactly de-
fined by the time-derivative process of D(t, w), that depends on time t and on the elementary
event w.

3. The mechanical model

In this study, a simplified six-degree-of-freedom mechanical model is utilized. The model as
shown in Fig. 4, represents the cross section of the railway vehicle with three mass elements:
half of a bogie and a quarter of a carbody structure over one wheelset.

Fig. 4. Mechanical model.

The s parameters are spring stiffnesses, the d parameters represent damping, m, Θ and w
are the mass, mass moment of inertia and half width of the different bodies, respectively. We
presented the forces acting between the bodies on the right side of Fig. 4. The model focuses only
on the behavior of the three components (half of a bogie and a quarter of a carbody structure
over one wheelset) subjected to stochastic track excitation denoted by rl(t) and rr(t) (directly
impacting the wheels) to highlight the statistical features and possible threats during operation.
The track excitation represents the irregularities of track rail lines on each side. The state

vector is taken as follows: y = [x3 ẋ3 φ3 φ̇3 x2 ẋ2 φ2 φ̇2 x1 ẋ1 φ1 φ̇1]
T. The vector elements are

the considered movements and their derivatives as velocity parameters.
The probabilistic nature of the excitation is captured by two separate white noise processes:

Wl(t) on the left side and Wr(t) on the right.
The following forces are acting on the bodies:

F1l = s1l(x1−w1 sin(φ1)−x2+w2 sin(φ2))+d1l(ẋ1−φ̇1w1 cos(φ1)−ẋ2+φ̇2w2 cos(φ2)),

F1r = s1r(x1+w1 sin(φ1)−x2−w2 sin(φ2))+d1r(ẋ1+φ̇1w1 cos(φ1)−ẋ2−φ̇2w2 cos(φ2)),

F2l = s2l(x2−w2 sin(φ2)−x3+w3 sin(φ3))+d2l(ẋ2−φ̇2w2 cos(φ2)−ẋ3+φ̇3w3 cos(φ3)),

F2r = s2r(x2+w2 sin(φ2)−x3−w3 sin(φ3))+d2r(ẋ2+φ̇2w2 cos(φ2)−ẋ3−φ̇3w3 cos(φ3)),

F3l = s3l(x3−w3 sin(φ3)),

F3r = s3r(x3+w3 sin(φ3)).

(3.1)
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The stochastic track excitations are taken as

rl(t) = σlΓl(t), rr(t) = σrΓr(t), (3.2)

where Γl(t) and Γr(t) represent independent white noise processes modeling the random irregu-
larities of the track with noise intensities σl and σr on the left and right side, respectively. The
equation of motion of the system is a stochastic differential equation (SDE) (Sun, 2006) written
in an incremental form:

dy = f(y) dt+ gl(y) dWl + gr(y) dWr, (3.3)

where the elements of the deterministic part f(y) are as follows:

f1(y) = ẋ1, f2(y) = −g + 1

m1
(−F1l − F1r),

f3(y) = φ̇1, f4(y) =
1

Θ1
(F1l − F1r)w1 cos(φ1),

f5(y) = ẋ2, f6(y) = −g + 1

m2
(−F2l − F2r + F1l + F1r),

f7(y) = φ̇2, f8(y) =
1

Θ2
(F2l − F2r − F1l + F1r)w2 cos(φ2),

f9(y) = ẋ3, f10(y) = −g + 1

m3
(−F3l − F3r + F2l + F2r),

f11(y) = φ̇3, f12(y) =
1

Θ3
(F3l − F3r − F2l + F2r)w3 cos(φ3).

(3.4)

The stochastic effects of the track excitation are given on the left side by the vector gl(y)
and the corresponding Wiener-process increment dWl, and on the right side gr(y) and dWr.
The elements of the vectors are

gl10(y) = − s3l
m3

σl, gl12(y) =
s3l
Θ3

w3σl cosφ3,

gr10(y) = −s3r
m3

σr, gr12(y) = −s3r
Θ3

w3σr cosφ3.

(3.5)

The not listed elements of gl(y) and gr(y) are zeros. The dWl and dWr increments are
random variables of independent normal distributions with zero expected values and dt variance.
The system’s behavior is investigated based on numerical simulations.

4. Results

Our main interest lies in understanding what happens with the secondary springs (character-
ized by s1l and s1r on the left and right sides below the carbody) during long-time operation. For
that, relatively long simulations are performed to have enough data to estimate the steady-state
distribution of the deformation (length change) ∆l in the springs. The deformation is calculated
at each time step from the state variables:

∆l = sin(φ2)w2 − sin(φ1)w1. (4.1)

In expectation, the springs are compressed by about 4mm nominally. The ∆l is the de-
formation of the left secondary spring about this expected compression value. Note that the
deformation of the right secondary spring would be −∆l. From the simulations we can calcu-
late the distribution of this deformation during the steady-state operation. If we set a critical
limit of operation (CLO), which means that at certain deformation the springs are subjected to
weakening or potential failure, we can calculate the probability of critical operation (PCO) in
the steady state.
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4.1. Simulations

In practice, SDEs are investigated mainly utilizing numerical solvers, since exact analytical
solutions only exists for a handful of simple examples.
The simulations presented in this paper are acquired by using an implicit Euler–Maruyama

scheme built into the DifferentialEquations.jl package of The programming language Julia. Ex-
plicit schemes struggle to converge properly for stiff problems, and since the spring stiffnesses
are large in our system, the performance of implicit schemes is much better (Rackauckas & Nie,
2020).
First, we consider the system to be symmetric, i.e., s1l = s1r = s1, d1l = d1r = d1, s2l =

s2r = s2, d2l = d2r = d2, s3l = s3r = s3, and σl = σr = σ. Only the noise processes differ on
the two sides. In this case, the simulations are carried out using the parameters in Table 1. This
study focused on the variability of the stiffness parameters. It is to be mentioned that the energy
dissipation characteristics of these spring units after a certain deteriorated technical state are
an object of further investigations. Table 1 shows special damping parameter figures cited from
calculations of the certain locomotive type structural nominal design parameters (Ferencz, 2010).
The indicated stiffness values were by purpose chosen to avoid possible numerical distortion in
the solver process. With this possibility, the influence of the noise and the real asymmetricity
of the focused secondary suspension system elements could be qualitatively examined.

Table 1. Simulation system parameters.

Parameter Value Unit Parameter Value Unit Parameter Value Unit

m1 10450 kg m2 4305 kg m3 3640 kg

Θ1 104 250 kg ·m2 Θ2 8 610 kg ·m2 Θ3 7280 kg ·m2

w1 1 m w2 1 m w3 1 m

s1 12 746 000 N/m s2 1 035 000 N/m s3 2 070 000 N/m

d1 1409 Ns/m d2 2000 Ns/m σ 0.001 1

Figure 5 shows the simulation results of state variables over time in relation to their respective
expected solutions. The expected solution is when the noise is removed from the system in this

Fig. 5. Simulations results of state variables, plotted about their steady-state solution.
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case. For example, the expected solution of the rotational movement angles of the bodies φ1,
φ2, φ3 are zero, because the system is symmetric. However, the stochastic excitation forces the
bodies to move randomly, and the rotational angles constantly deviate from the expected zero
value.

4.2. Probability of critical operation (PCO)

Hypothetically an anomaly process can appear on the basis of an operation with critical
considered parameters within the system. This acts as the necessary first criteria to exist and to
step toward, to “detour the system” toward an anomaly process. To model this, we can use the
empirical density function values of the spring characteristic features to calculate the secondary
spring deformation ∆l changes from the state variables in each time step. The distribution is
shown in Fig. 6.

Fig. 6. Secondary spring deformation distribution during steady-state operation.

If we set a critical limit of operation (CLO), i.e., a ±∆l value for which the process is
considered unsafe, we can calculate the PCO based on this distribution.
Figure 7 displays the connection between the CLO and the PCO values in the case of a sym-

metric secondary spring structure. For example, if we set the critical limit to zero, the prob-
ability that we have larger deformations is equal to 100%. The larger CLO, the lesser gets
PCO. According to the measurements explained in Section 2, there is a significant deviation
in the secondary spring stiffness values s1. We calculated the PCO for a symmetric case, when
the secondary springs on the left and right sides are identical.

Fig. 7. Probability of critical operation (PCO) as a function of the critical limit of operation (CLO).
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We considered two asymmetric cases: 1% asymmetry means the s1r is 99% and s1l is 101%
of the nominal value. Second, 5% asymmetry is when s1r is 95% and s1l is 105%. Figure 8
shows the steady-state distribution of the secondary spring deformation ∆l in the symmetric
and asymmetric cases. In asymmetric cases the expected rotation movement angle of the carbody
φ1 is no longer zero, i.e., there is a steady-state tilt. If the expected value of φ1 is not zero, then
the expected value of ∆l also differs from zero. Figure 8 displays how the ∆l distributions shift
depending on the measure of secondary spring asymmetry. For larger asymmetry values, the
distribution is centered further aligned from zero value.

Fig. 8. Symmetric and asymmetric steady-state distribution of ∆l.

Figure 9 presents the PCO values for the symmetric and asymmetric cases. For a certain CLO
value, e.g., 0.4mm, the symmetric probability is around 0.7%, the 1% asymmetric probability is
slightly larger than 0.1%, close to the symmetric case, but the 5% asymmetric probability is more
than 4%. This essentially means that larger asymmetry causes high probability for the vehicle
system itself to be in critical operation.

Fig. 9. PCO as a function of CLO for symmetric and asymmetric cases.

If we specify the operation time (OT) to be, e.g., 10000 hours, we can transform the PCO
into critical operation time (COT):

COT = PCO×OT. (4.2)

Table 2 presents the COT values for different cases. Note that as the CLO increases for
a certain case, i.e., we allow larger deformation of these secondary springs, the COT values
decrease. However, if we fix the CLO value at 0.5mm and focus on the effect of asymmetry,
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Table 2. COT in different cases.

CLO [mm] PCO [%] COT [hours]

Sym 0.4 0.07 7.03

1% Asym 0.4 0.107 10.7

5% Asym 0.4 4.09 409.9

Sym 0.5 0.0022 0.22

1% Asym 0.5 0.00426 0.426

5% Asym 0.5 0.407 40.7

we see that out of 10000 hours the symmetric springs spend 0.22 hours in critical operation,
which seems low, but the 5% asymmetric springs spend 40.7 hours.

5. Conclusions

This paper provides an opportunity to assess the impacts of stochastic excitation on sym-
metrically and asymmetrically structured models of a railway vehicle. The results indicate that,
even under nominal structural conditions, the system can exhibit anomalies when subjected to
random forcing. The noise may drive the system into unexpected motions, especially during
asymmetric operation conditions.
One can consider a symmetric case: the left and right secondary spring stiffness is the same.

Even in a symmetric case the probability of critical operation is not zero in the presence of
stochastic track excitation. After some time, one of the springs gets damaged due to operating
above its intended limit. Its stiffness changes, and now the system is asymmetric because the
stiffnesses of the secondary springs are different on the two sides. The PCO is larger in the asym-
metric case, therefore the system spends even more time in critical operation than before, which
means that an anomaly process develops with high probability.
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This paper presents findings on the sensing capabilities of carbon fiber sensors (CFSs) for detect-
ing impact damage in composite structures. New insights are provided into the correlation between
stiffness degradation after impact and the measured response of integrated CFSs, placing both
recent and previous data in a broader context. The results demonstrate the potential of CFSs for
predicting structural stiffness loss and enabling effective impact damage monitoring. An experimen-
tal program focused on structural health monitoring (SHM) was carried out using CFSs embedded
within flat specimens made of glass-fiber-reinforced polymer composites. The influence of cyclic
loading on sensor response was investigated both before and after impact damage initiation during
bending tests.
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1. Introduction

Long fiber reinforced polymer (FRP) composites are widely used in industries such as
aerospace, automotive, manufacturing, and civil engineering. These materials are valued for
their high strength, stiffness, low weight, and excellent resistance to fatigue. They are also used
in infrastructure, such as bridges and roofs, where safety is critical. However, unlike traditional
materials like steel, aluminum, or concrete, long FRP composites often fail without showing
clear signs of damage. This makes it difficult to detect damage in time and highlights the need
for advanced methods to monitor these materials.
Current inspections of FRP components often rely on scheduled visual checks, but these

can easily miss hidden damage. While non-destructive testing (NDT) methods like C-scan,
X-ray, thermography, and eddy current testing are more sensitive, they are time-consuming
and usually require removing parts from service (Tabatabaeian et al., 2022; Klute et al., 2015;
Gardiner, 2015; Kostroun & Dvořák, 2021). To overcome these challenges, structural health
monitoring (SHM) systems are being developed. SHM allows for continuous monitoring of ma-
terials during use, providing real-time information about their condition. Originally developed
for aerospace applications, SHM is now gaining attention in other industries to improve safety
and reduce maintenance costs.

The publication has been funded by the Polish Ministry of Science and Higher Education under the Excellent
Science II programme “Support for scientific conferences”.
The content of this article was presented during the 40th Danubia-Adria Symposium on Advances in Experimental
Mechanics, Gdańsk, Poland, September 24–27, 2024.

http://jtam.pl
http://jtam.pl
https://doi.org/10.15632/jtam-pl/208250
https://orcid.org/0000-0003-2606-5948
https://orcid.org/0000-0002-4665-1402
https://orcid.org/0000-0003-2975-321X
https://orcid.org/0000-0002-6856-8116
mailto:nikola.schmidova@cvut.cz


702 N. Schmidová et al.

This work focuses on a specific method for SHM in FRP composites: the use of carbon fiber
rovings for damage detection. This method takes advantage of the electrical properties of carbon
fibers, which are conductive and piezoresistive. This means that their electrical resistance changes
when they are stressed. These properties have been extensively studied, and different types of
carbon fibers (e.g., PAN-based, graphite) are known to exhibit different levels of resistivity
and piezoresistive behavior (Horoschenkoff & Christner, 2012; Wang & Chung, 1997; Scholle
& Sinapius, 2021; Blazewicz et al., 1997). Since individual carbon fibers are very thin (about
7–8µm in diameter) and difficult to handle, bundles of fibers, called rovings, are often used
instead. These rovings can contain thousands of fibers (e.g., 1K, 3K or 12K), which makes
them more practical for applications, but also introduces complexities in stress distribution and
conductivity (Huang et al., 2012; Huang & Wu, 2012).
For carbon fiber rovings to work as sensors, it is essential that good electrical contacts are

prepared. Ideally, all fibers in the roving should contribute to the electrical signal. Poor contact
can lead to inaccuracies caused by transverse resistance (Schulte & Baron, 1989). Methods to
improve contact include the use of conductive paints, adhesives, metal splices or nickel coatings
(Häntzsche et al., 2013; Kalashnyk et al., 2017; Gajda, 1978). The arrangement of these sensors
is also important. They can be organized in simple meshes (Horoschenkoff & Christner, 2012) or
in more complex arrangements (Park & Roh, 2021; Kunadt et al., 2010) in which several rovings
work together.
This study summarizes investigations regarding carbon fiber rovings to act as self-sensing

materials for impact damage detection. Carbon fiber sensors (CFSs) can be successfully used
as strain sensors. The sensors can be used as integrated sensors within a composite laminate,
or they can be attached to the surface. It was shown that CFSs can be utilized also for impact
damage detection (Schmidová et al., 2018; 2022; 2023; 2024). CFSs were embedded in glass fiber
composite plates. The sensors response to cyclic loading in the pristine state and after impact
is described.
For practical applications, it would be beneficial to use longer sensors to monitor a larger

area. For this reason, the influence of the length of the sensors on the possibility of impact
damage detection using CFSs was also investigated.
The study also examined whether the amount of damage and the structural response could

be predicted from the change in electrical resistance measured by CFSs.
Consider a beam of a manipulator with a working head drive. Different working heads with

different masses move within the beam. We need to consider the variable loading of the beam.
During the operation of the manipulator, a collision can occur, potentially reducing the beam’s
maximum load capacity due to damage. The detection of such collisions and the prediction of
the residual strength of the structure would be useful.
A summary of current knowledge should contribute to the development of reliable and cost-

effective SHM solutions.

2. Experimental campaign

Three experimental campaigns were conducted to evaluate the suitability of CFSs for impact
damage detection, which provides a solid foundation for further applications:
– campaign 1: initial feasibility (Schmidová et al., 2018);
– campaign 2: investigation of sensor positioning within the composite layup (Schmidová
et al., 2022);
– campaign 3: study of sensor length and correlation between sensor response and structural
post-impact behavior (Schmidová et al., 2023; 2024).
The basic evaluation of the individual experimental campaigns has been published in articles:

(Schmidová et al., 2018; 2022; 2023; 2024). In this paper, we analyze the relationships and
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interconnections among the individual experimental campaigns. The comparison of the change in
electrical resistance after impact for different lengths of CFSs will follow as well as detailed
discussion regarding correlation between stiffness degradation after impact and the measured
response of integrated CFSs.

2.1. Materials and specimen preparation

In the first experimental campaign, hand lamination was used for specimen preparation.
The specimens were composed of two unidirectional layers of glass non-crimp fabric oriented
in the [0]2 lay-up. CFSs were placed on one side of the fabric before curing. In the second and
third experimental campaigns, specimens were manufactured using autoclave technology from
prepreg sheets used in the aerospace industry. A [+45/0/−45/90]sym laminate lay-up was used
for the specimens. The specimens with integrated CFSs underwent the curing process: 125 ◦C for
90 minutes under the pressure of 6 bar.
Specimens were fabricated using glass fiber reinforced polymers and glass woven fabric

prepregs. CFSs made from various types of carbon fiber rovings, including PAN-based and
pitch-based fibers, were embedded within the specimens. Specimens underwent curing and were
cut into strips for mechanical testing. Sensor integration and electrical connections were metic-
ulously prepared to ensure reliable measurements.

2.2. Carbon fiber sensors

The CFSs were prepared from different carbon fiber rovings, see Table 1. The same method-
ology of CFS manufacturing was used as described in (Horoschenkoff & Christner, 2012). The
ends of each roving were coated with a nickel electrolyte. A thin copper wire was then used to
make electrical connections, as shown in Fig. 1.

Table 1. Overview of carbon fiber rovings used for CFS preparation.

A B C D 70A 95A

Label
of the fiber [–]

T300
1000–50A

HTS40 A23 12K
1420TEX MC

HTS 40 MC CN-80-30S YSH-70A-30A YSH-95A-30A

Type [–] EX-PAN EX-PAN EX-PAN EX-PITCH EX-PITCH EX-PITCH

Producer Toray Toho Tenax Toho Tenax Nippon Graphite Fibre Corporation

Number
of filaments
used [–]

1000 7720 6000 3000 3000 3000

Metalization [–] – Nickel – – – –

E [GPa] 230 215 230 780 714 693

Elongation
at break [%]

1.5 1.28 1.3 0.5 0.5 0.3

2.3. Mechanical loading – bending test

In all the experimental campaigns, the specimens were subjected to cyclic bending tests,
followed by impact loading, and subsequently to cyclic bending tests again. In the first and
second experimental campaigns, the specimens underwent three-point bending tests. In the
third experimental campaign, a four-point bending (4PB) test was adopted, see Fig. 2. Switching
the loading configuration from 3PB to 4PB resulted in a larger area of constant deformation
under maximal loading. During all the tests, the maximum loading parameter corresponded to
a maximum strain of 3.000µm/m in the area of maximal loading.
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Fig. 1. CFSs prepared from different materials according to Table 1.

(a) (b)

Fig. 2. Configuration of (a) three-point bending cyclic mechanical test during experimental campaign 1
and (b) four-point bending test cyclic mechanical test during experimental campaign 2.

2.4. Impact testing

Impact damage was induced using a drop weight impactor with energies ranging from 2 J
to 4 J. An impactor with the diameter of 16mm with the weight of 410 g was used. Electrical
resistance measurements were recorded before and after impact loading to assess sensor perfor-
mance. The impact energy of 2 J resulted in barely visible impact damage (BVID), see Fig. 3.

(a) (b)

Fig. 3. Specimens from experimental campaign 3 after 2 J impact. CFSs are made of carbon fiber roving A
(see Table 1) with the length equal to 140mm. An impacted side (mold side of the specimen) in the

section (a), bottom side of the specimen (b). The red circle indicates the impacted area.



Monitoring of structural stiffness degradation and impact damage detection. . . 705

In the third experimental campaign, three specimens were impacted also by the energy of
3 J and one specimen by the energy of 4 J. The energy of 4 J resulted in a crack of the specimen.

3. Results and discussion

Test results of each experimental campaign have added new information regarding sensing
capabilities of CFSs. For the further usage of CFSs, this paper aims to put the information
gained in greater context.
In the first experimental campaign, it was shown that CFSs are sensitive to impact damage

detection. Cyclic mechanical loading causes the biggest difference in measured electrical resis-
tance change to the most brittle material. On the other hand, the least brittle material showed
the most stable behavior regarding cyclic loading.
The second experimental campaign included more specimens to broaden the statistics and to

investigate the influence of positioning of the sensor within the lay-up. In the second experimental
campaign, it was shown that brittle materials are much more difficult to handle during sensors
preparation and even though they are more sensitive to impact damage, due to the difficulties
associated with handling brittle fibers they are currently not suitable for further research. It
was shown that thermographic inspection is suitable for CFSs integrated in glass reinforced
composites and can serve for localization of the impact within the sensor’s length. The CFSs
response to temperature was described in the range of temperature levels 20 ◦C to 120 ◦C. It was
revealed for all types of CFSs that the best position for impact damage detection within the
lay-up is close to the opposite site to the impact and close to the impacted side.
In the third experimental campaign, CFSs made of Toray T300 1000-50A material were

investigated, see Table 1. They were integrated between the 7th and 8th layer of the composite
lay-up opposite to the impacted side of the specimen. The specimens were prepared using the
same material and autoclave curing technology as during the second experimental campaign,
but the length of the sensors was set to 140mm.
During this experimental campaign, extensive cyclic testing was performed. Three specimens

were first subjected to 1000 loading cycles, followed by a 2 J impact. Subsequently, the speci-
mens underwent additional 1000 loading cycles. The increase in the number of loading cycles
showed stable behavior of the sensor even for 1000 loading cycles, see Fig. 4. The relative elec-
trical resistance change of the CFSs during cyclic loading was calculated according to Eq. (3.1),
Rmax (loading CYCLE X) is equal to maximal electrical resistance of the CFS measured during the
loading cycle, Rmin loading (CYCLE X) is equal to minimal electrical resistance measured during the
loading cycle, Rafter implementation is equal to electrical resistance of the integrated CFS measured
after implementation to the specimen:

∆R

R
=
Rmax (loading CYCLE X) −Rmin loading (CYCLE X )

Rafter implementation
· 100 [%]. (3.1)

The change in measured relative electrical resistance change of the sensor during cyclic
loading before and after impact loading is more than 300%. It is important to note that the
size of the impact was so small that there were no signs of damage on the impacted side of
the specimen, see Fig. 3a. According to this observation, it should be possible to detect impact
damage of the CFS during scheduled inspections of the composite structure, which is necessary
in many applications.
Because the same material for specimen preparation was used in the second and the third

experimental campaign, it is possible to compare the response of sensors with the length of 70mm
and 140mm, see Fig. 5. The analysis shows that the absolute changes in electrical resistance were
identical for both sensor lengths. However, this indicates that the relative change in resistance
is smaller for the longer sensors.
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Fig. 4. Relative electrical resistance of the CFSs during cyclic test: (a) before impact (BI) for specimens
CFS1, CFS2, and CFS3; (b) BI loading and after impact (AI) loading.

Fig. 5. (a) Relative electrical resistance change after BVID impact of 2 J of sensors with length of 70mm
and 140mm; (b) absolute values of electrical resistance change of integrated CFS after BVID impact

of 2 J.

This comparison enables better insight into the measurement preparation for more complex
applications. When designing an application involving longer CFSs, it is necessary to consider the
increased requirements for the measuring equipment, as it will be necessary to measure higher
nominal resistance values. At the same time, the system must be capable of detecting small
changes in electrical resistance resulting from impact events. Figure 6 shows extrapolated data
for different possible lengths of CFSs up to the length of 1000mm.

Fig. 6. Extrapolated relative electrical resistance change after BVID impact of 2 J for sensors with length
from 50mm to 1000mm.
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3.1. Correlation between stiffness degradation after impact and response
of integrated CFSs

Furthermore, in the third experimental campaign, the change in measured electrical resis-
tance during mechanical loading was investigated as a function of displacement of the specimen
and force applied to the specimen before and after impact loading. These experimental data have
not yet been presented in their full complexity; therefore, detailed information is provided here.
Figures 7 and 8 present the changes in the measured electrical resistance of the integrated

CFSs in specimens exposed to different levels of impact loading (0 J, 2 J, 3 J, and 4 J). Following
the impact loading, the specimens were subjected to four-point bending (4PB) tests.

Fig. 7. Change of electrical resistance of the integrated CFS depending on applied displacement during 4PB.

Fig. 8. 3D force-displacement-∆R from integrated CFS during 4PB test.
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The initial plan was to load the specimens until the final rupture; however, they proved to be
too flexible. Despite setting the loading span to 20mm and the support span length to 70mm to
achieve the maximum bending moment, only the specimen impacted with 4 J ultimately failed.
The configuration of the 4PB test was selected so that the applied loading force in both types

of 4PB tests (loading/support spans of 20mm/70mm for the static test and 50mm/100mm for
the cyclic test) produced equivalent bending moments and, consequently, the same strain levels.
The loading limits for the cyclic tests were set to achieve a maximum strain of 3000µm/m. This
strain corresponds to a loading force of 30N and a displacement of 2.65mm.
Figure 7 shows data of the change in measured electrical resistance for each specimen, which

was calculated according to the equation:

∆R = Rat the beginning of loading (deflection = 0mm) −R(deflection=xmm). (3.2)

According to the 3D graph showing the relationship between ∆R, deflection, and force in
Fig. 8, greater deflection amplifies the effect of stiffness loss caused by impact damage. The
influence of increasing impact energy is relatively minor when comparing specimens impacted
with 2 J and 3 J. However, the increase in impact energy from 3 J to 4 J results in a significant
effect. This is likely due to the presence of different damage mechanisms in the specimen impacted
with 4 J.
As shown in Fig. 7 and Fig. 8, it is difficult to distinguish between 2 J and 3 J impacts based

on the data from the tested specimens alone. However, when comparing the measured data
across all specimens (no impact, 2 J, 3 J, and 4 J impacts), there is a clear correlation between
reduced stiffness (lower force required for the same level of deflection) and greater changes in
the electrical resistance of the CFS induced by the impact. Specifically, higher impact energies
result in lower forces required for the same displacement of the sensor and greater changes in
the measured electrical resistance during loading.
Figures 7 and 8 also show that the relationship between the observed quantities is not

uniform across the load range. Two distinct areas of slope can be identified in the load curve
and a transitional area.
Figure 9 demonstrates that the decrease in the force required to achieve a defined displace-

ment of the specimen (or structure) can be predicted both from the change in electrical resis-
tance measured during loading and from the resistance change recorded before and after impact
on the unloaded structure. The measured data provides a basis for predicting the structural
behavior following impact events. Although the specimens were not loaded to complete fracture,
it can be inferred that the force necessary to cause final failure correlates with both the impact
energy and the magnitude of the measured change in electrical resistance of the integrated CFSs.

Fig. 9. Graph of force – change of measured electrical resistance for different impact energies
and displacements (a) during loading (d = xmm); (b) AI and BI.
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4. Conclusions

Experimental measurements have been made using CFSs integrated into the glass composite.
They showed that CFSs are promising tools for impact damage detection in composite structures.
A recommendation regarding the material used for carbon fiber roving in sensor preparation

was made. The influence of temperature change and cyclic mechanical loading on the measured
signal was described. It was shown that thermographic inspection can be used for the inspection
of CFSs and for closer focusing of the impact position within the length of the sensor, also
applicable for BVID.
The change in electrical resistance of CFSs after impact loading at identical energy levels

is comparable, even for sensors twice the length. This suggests that longer sensors are suit-
able for detecting small impact damage, facilitating the mapping of impact events over larger
component areas.
CFSs show stable responses to cyclic mechanical loading, with consistent ∆R/R values ob-

served for all three sensors tested. Following impact loading, the sensor response increases signif-
icantly during subsequent loading, with measured ∆R/R values more than three times greater
than those recorded prior to impact.
The results indicate that impact damage in a structure subjected to specific loading cycles

can be detected by measuring the sensor response during operational shutdowns.
A strong correlation was found between the change in electrical resistance of the integrated

CFSs and the reduction in stiffness of the specimens caused by impact loading. This relationship
allows for the prediction of stiffness reduction in the structure using two different approaches:
– by measuring the change in electrical resistance of the built-in sensors during load cycles;
– by comparing the electrical resistance of the sensors before and after the impact.
These results highlight the potential of CFSs for monitoring impact damage and predicting

the loss of structural stiffness, providing valuable tools for assessing the condition of in-service
components.
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4. Häntzsche, E., Matthes, A., Nocke, A., & Cherif, Ch. (2013). Characteristics of carbon fiber based
strain sensors for structural-health monitoring of textile-reinforced thermoplastic composites depend-
ing on the textile technological integration process. Sensors and Actuators A: Physical, 203, 189–203.
https://doi.org/10.1016/j.sna.2013.08.045

5. Horoschenkoff, A., & Christner, C. (2012). Carbon fibre sensor: Theory and application. In N. Hu
(Ed.), Composites and Their Applications (pp. 219–242). InTech. https://doi.org/10.5772/50504

6. Huang, H., & Wu, Z.S. (2012a). Static and dynamic measurement of low-level strains with carbon
fibers. Sensors and Actuators A: Physical, 183, 140–147. https://doi.org/10.1016/j.sna.2012.06.006

https://doi.org/10.1016/S0008-6223(97)00120-6
https://api.semanticscholar.org/CorpusID:136838814
https://www.compositesworld.com/articles/structural-health-monitoring-ndt-integrated-aerostructures-enter-service
https://www.compositesworld.com/articles/structural-health-monitoring-ndt-integrated-aerostructures-enter-service
https://doi.org/10.1016/j.sna.2013.08.045
https://doi.org/10.5772/50504
https://doi.org/10.1016/j.sna.2012.06.006


710 N. Schmidová et al.

7. Huang, H., Yang, C., & Wu, Z. (2012b). Electrical sensing properties of carbon fiber reinforced
plastic strips for detecting low-level strains. Smart Materials and Structures, 21 (3), Article 035013.
https://doi.org/10.1088/0964-1726/21/3/035013

8. Kalashnyk, N., Faulques, E., Schjødt-Thomsen, J., Jensen, L.R., Rauhe, J.C.M., & Pyrz, R. (2017).
Monitoring self-sensing damage of multiple carbon fiber composites using piezoresistivity. Synthetic
Metals, 224, 56–62. https://doi.org/10.1016/j.synthmet.2016.12.021

9. Klute, S.M., Metrey, D.R., Garg, N., & Rahim, N.A.A. (2015). In-situ structural health monitoring
of composite-overwrapped pressure vessels. Luna Innovations Incorporated. Retrieved June 5, 2023,
from https://lunainc.com/sites/default/files/assets/files/resource-library/36 Klute 2015 Luna InSi
tuSHM COPV final.pdf
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Horváth A.L., Kossa A., 3D stability analysis of the poker chip detachment problem . 571
Kopec M., Kukla D., Kowalewski Z.L., Assessment of aluminide coating integrity

by using acoustic emission . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 583
Petras,cu O.-L., Rusu D.-M., Pascu A.M., The influence of industrial and environ-

mental factors on the polyoxymethylene . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 589
Kukla D., Kowalewski Z.L., Kopec M., Assessment of microstructural changes in

S235 steel after cold rolling using eddy current testing . . . . . . . . . . . . . . . . . . . . . . . . . 601
Fuchs W., Jedinger-Pauschenwein G., Holl H.J., Field path detection for tractors

based on acceleration measurements and multibody system simulations . . . . . . . . . . . 607
Lehmann T., Ihlemann J., Analysis of notch strains combining electronic speckle pattern

interferometry and digital image correlation . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 623
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